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MACHINE TOOL VIBRATION RESEARCH 


S. A. Tosias* 


INTRODUCTION 


THE MACHINE tool vibration research programme of the Department of Mechanical Engineer- 
ing, University of Birmingham, constitutes a wide-front attack on the whole field of machine 
tool chatter. Chatter is being investigated both from the basic and the applied points of view. 

The basic investigations aim at an understanding of chatter, exploring the metal cutting 
mechanism as well as the dynamic behaviour of machine tool structures. Applied research 
aims at the establishment of principles for the design of chatter-free machines and the 
development of methods with which the dynamic behaviour of the machine can be predicted 
from design drawings. The major investigations of this programme are listed in Table 1, 
in which the basic projects are grouped under the general title of “‘Dynamics of Metal 
Cutting” and the applied projects under ‘““Dynamic Design of Machine Tools’. 


I. DYNAMICS OF METAL CUTTING 

The cutting of metals is traditionally regarded to be a steady-state (static) process, i.e., 
a process in which cutting proceeds with constant chip thickness, constant feed, constant 
cutting speed and constant cutting angles. Assuming this view to be correct, it is expected 
that the resulting cutting force will also remain constant. This, however, is not so. In all 
practical cases the cutting force fluctuates around an average value, and this results in a 
relative deflection between tool and workpiece. This in turn produces a variation of the chip 
thickness and/or a variation of the feed and/or a variation of the cutting angles and also a 
variable winding-up of the workpiece or tool drive which affects the constancy of the cutting 
speed. In short, even under the most favourable conditions, the steady-state cutting of 
metals is a myth. 

The non-steady nature of the cutting process becomes obvious under chatter conditions. 
In fact, machine tool chatter cannot be understood at all without considering dynamic 
effects. Under chatter conditions the chip thickness, the feed, the cutting speed and the 
cutting angles of the tool all vary simultaneously. The variation of each of these affects the 
cutting force which, in turn, maintains or suppresses chatter. Since the steady-state approach 
can never yield sufficient information concerning stability, a more general approach to the 
problem of metai cutting is being developed. Accordingly, metal cutting is considered to be 
a non-steady (dynamic) process, i.e. it is assumed that chip thickness, feed, speed and cutting 
angles can vary independently of each other, as automatically happens in the chatter process. 
The traditional static approach is regarded to be a special case of the generalized dynamic 
theory. 

The research projects dealing with the Dynamics of Metal Cutting are listed in Table | 
in two groups. The first group, entitled “‘Cutting with Oscillating Tools’’, deals with investi- 
gations in which, during cutting, the tool is being oscillated in a prescribed and controlled 
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manner and with possible practical applications of the dynamic theory of metal cutting. 
The second group, entitled ‘“‘Dynamic Stability of Metal Cutting’’, is concerned with the 
chatter behaviour of various machine tools and with the development of suitable mathe- 
matical or graphical methods with which chatter behaviour can be predicted. 


TABLE 1, MACHINE TOOL VIBRATION RESEARCH PROGRAMME 


I. Dynamics of Metal Cutting 


(1) Cutting with Oscillating Tools (2) Dynamic Stability of Metal Cutting 
(a) Chip thickness variation (a) Milling machines 
(b) Linearly varying chips (b) Grinding machines 
(c) Cutting angle variation (c) Lathe tools 
(d) Effect of vibration on tool life (d) Boring machines 
(e) Cutting with oscillating tools (e) Drilling machines 


II. Dynamic Design of Machine Tools 


(a) Prediction of dynamic behaviour of machine tool structures 
(b) Optimum design of machine tool structures 
(c) Analogue simulation of chatter behaviour 


1. Cutting with Oscillating Tools 

One of the major difficulties in dynamic metal cutting lies in the fact that the metal 
cutting process can never be investigated in isolation. The machine tool structure represents 
the end-conditions of the tool and the workpiece and its dynamic behaviour affects the 
result of the measurements. This explains, for instance, why tool life measurement carried 
out on different machines under otherwise identical conditions, may give widely different 
results. 

The ideal test machine for carrying out any kind of (static or dynamic) metal cutting 
experiment is of infinite static and dynamic stiffness. As a second best, special experiments 
can be designed with which the effect of the machine can be kept at a controlled level, the 
experimental results being subsequently corrected appropriately so as to account for the 
finite static and dynamic stiffness of the structure. This procedure is adopted in varying 
degrees in the investigations dealing with oscillating tools. 

(la) Chip thickness variation. It has been observed by Doi and Kato [1] that when a 
lathe tool oscillates radially (normal to the machined surface) the normal cutting force 
component variation lags behind the harmonic motion of the tool. This time delay can be 
seen from Fig. 1, which represents a typical experimental record given by Doi and Kato. 
In the figure the top trace represents the horizontal oscillation of the tool, the middle and 
bottom traces showing the variation of the horizontal (normal) and vertical (tangential) 
cutting force components respectively. The time delay between tool displacement and the 
horizontal force component can be seen by comparing the position of point A on the top 
trace and point D on the middle trace, the time difference between these being about 0-04 
sec. The vertical force component was approximately in phase with the horizontal compo- 


nent. 
This experimental result is somewhat surprising. The fact that the cutting force lags 
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implies, crudely speaking, that the tool must first enter the workpiece and only after that 
does the opposing cutting force appear. Intuitively one would expect that a finite force has 
to be applied before the tool can enter at all. 

The important aspect of Doi’s observation does, however, not lie in the fact that it is 
intuitively wrong but in its implication as far as chatter theory is concerned. It is easy to 
show that with the force component lagging behind the tool displacement, negative damp- 
ing is fed into the system. This means that the cutting process itself is unstable, and this, of 
course, is of great importance from the point of view of general chatter research. 

Doi’s experiments are open to some criticism. The amplitude of the oscillating tool was 
larger than the average chip thickness, and owing to this the tool left the workpiece during 
part of its cycle. This can be seen in Fig. 1 by the flat troughs BC of the force component 
traces, which represent the time period during which the cutting force was zero. Moreover, 
it is far from clear whether an overlapping of successive cuts was avoided, and should this 
not have been the case then misleading results are inevitable. However, subsequent experi- 


0:04 sec 
} Horizontal oscillation of work 


Fic. 1. Time lag of the cutting force with respect to the chip thickness variation (after Doi 
and Kato [1)). 


ments by Hélken [2], in which the above-mentioned pitfalls were avoided, substantially 
confirmed Doi’s observation. 

Experiments in progress cover not only the very low-frequency range of tool oscillations 
explored by Doi but also relatively high frequencies. The results achieved so far confirm 
Doi’s observation at low frequencies. In the frequency range which is of importance from 
the chatter point of view, the cutting force appears to lead the tool displacement. It thus 
appears that under these conditions the cutting process by itself is stable. 

(1b) Linearly varying chips. The cutting thrust as a function of the chip cross-section is 
usually determined by static experiments in which in successive tests the chip dimensions 
are varied in steps. Tests are carried out in which the chip thickness is varied continuously 
in a linear manner (Fig. 2), and consequently a complete thrust curve is obtained in one 
experiment. There is some indication that the dynamic cutting thrust curve differs from the 
static thrust curve when the rate of chip thickness variation is high. This indicates the 
existence of dynamic effects. 

(1c) Cutting angle variation. Experiments are being carried out on the orthogonal cutting 
of metals with a tool which is oscillated around its cutting edge, as represented in Fig. 3. 
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(c) 


Fic. 2. Cutting chips of linearly varying depth. (a) Increasing; (b) decreasing chip depth; 
(c) increasing chip depth with constant thickness transition to decreasing chip depth, 


The experimental equipment for low-frequency tests is shown in Fig. 4. The tool is held in 
a dynamometer head D which measures the thrust in the direction of the tool shank and 
in the direction perpendicular to that. The dynamometer D is held in gimbals G which are 
forced to oscillate by a rotating cam C. The maximum angle of oscillation is +-15° and the 
maximum frequency 2 c/s. The tests are carried out on a planer. 

With this test rig both static and dynamic experiments are being carried out. In the static 
experiments the tool-holding dynamometer is set at a certain angle and while taking a cut 
the cutting force components are measured. Cutting forces are plotted as a function of the 


Fic. 3, Cutting angle variation. By oscillating a tool in orthogonal cut around the cutting edge 
the rake angle y and the relief angle ¢ are varied harmonically. 
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Fic. 4. Low-frequency test rig for cutting angle variation. D = dynamometer, G = gimbal 
holding dynamometer oscillating around an axis coinciding with cutting edge, C = cam for 
producing oscillation of gimbal. 
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Fic. 6. Hydraulic test rigs for the determination of the effect of vibration on tool life. Tool 
holder is attached to a face plate which is fixed to the shaft of a rotary hydraulic actuator. 
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rack angle in the customary form. In the dynamic tests the tool is oscillated while cutting 
and the cutting forces and the angle of oscillation are being recorded. 

(1d) Effect of vibration on tool life. It is well known that vibration has a detrimental effect 
on tool life. This is by no means surprising when it is considered that in the presence of 
vibration the cutting speed and the chip cross-section vary and this is bound to affect tool 
life. However, the magnitude of this effect is surprisingly large, even when impact loading 
of the tool is excluded. 

The effect of vibration on tool life of single pointed tools has been theoretically investi- 
gated by Weilenmann [3]. This analysis is based on some grossly simplifying assumptions 
and it yields for the ratio of 


Tool life under vibrating conditions = 7a __ 2 ( 

Tool life under vibration-free conditions + (Aw/vo)]" + [1 — (Aa/vo]” 
where A = amplitude of vibration, vo = nominal cutting speed, w = frequency of vibra- 
tion (rad/sec), » = constant for a given set of conditions. 

The above equation was tested experimentally by Opitz and Saljé [4] for a case when 
the chatter amplitude reached its maximum value of A = vo/w and n = 3, when from 
equation (1) 7z/To = 4. In subsequent experiments a larger reduction of tool life was 
observed. In general, the estimates obtained with the aid of equation (1) appear to lie 
always on the conservative side, particularly at high cutting speeds and high chatter 
frequencies. 

Larger tool life reductions are to be expected since the value of n is usually between 5 
and 10 (representative values for tungsten carbide and high-speed tools being 6-7), but may 
be as large as 25. Moreover, impact loading of the cutting edge may be very severe and it is 
thus not surprising that, according to Russian investigators, the elimination of vibration 
may multiply tool life 80 to 200 times [5]. This is without doubt an extreme case, but it 
nevertheless shows the importance of the problem. 

In spite of these investigations there are still a number of problems in this field which 
are so far unsolved, although they are of great practical importance. It is, for instance, not 
known whether tool life is affected equally by all types of vibration, i.e. whether the direction 
of the relative tool and workpiece motion is of any significance. In some cases (Fig. 5) the 
cutting edge oscillates tangentially to the workpiece, in the direction of the cutting speed. 
In others the cutting edge penetrates the machined surface or vibrates around the cutting 
edge. The question arises whether all these vibrations have the same detrimental effect on 
tool life. There is some evidence that vibration may, in some cases, be beneficial to tool life. 
It is not clear, however, under what conditions this is so, i.e. for what type of tool/workpiece 
displacement, in which frequency range, for what type of tool design, etc. Finally, assuming 
that tool life increases as the level of vibration is decreased, is there a lower economic level 
beyond which improvement can be achieved only at the expense of disproportionate costs? 

In the Department these problems are investigated by using radioactive tracer techniques 
for the measurement of tool wear. The actual measurements are carried out on two test 
rigs, a hydraulic device being used for low-frequency experiments and an electrical for the 
higher frequencies. The low-frequency test rig is shown in Fig. 6. It consists of a rotary 
hydraulic actuator to the shaft of which a face-plate has been attached. The tool holder is 
fixed to the face-plate, and depending on the position of the cutting edge with respect to the 
centre of rotation, the tool can be made to oscillate in various ways with respect to the work- 
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(le) Cutting with oscillating tools. It has been estimated that with the introduction of 
stainless steel and other materials difficult to machine for aircraft construction, the machin- 
ing capacity of the aircraft industry will have to be increased by 4 to 10 times its present 
size to ensure the same output per month. In anticipation of this difficulty, a considerable 
volume of research is being carried out abroad which aims at the improvement of present 
machining techniques. One method which shows some promise consists of oscillating the 
cutting tool during the machining process in an appropriate way. 

There is some evidence that metal removal can be facilitated when the cutting tool is 
made to oscillate. Figure 7 shows a result due to Hélken [2]. The thick lines in Fig. 7(b) 


Fic. 5. Various types of relative oscillations between tool and workpiece. 


represent the variation of the normal and tangential thrust components of a lathe tool 
under static, that is, non-oscillating conditions. If now the tool is made to oscillate, then 
the cutting forces vary along the closed curves. As can be seen, the cutting forces are smaller 
under oscillatory conditions and with this metal removal is facilitated. The reduction of the 
cutting forces is attributed to the falling of the friction force. 

In the case shown in Fig. 7(b), the vibration was normal to the machined surface, leaving 
thus severe marks behind. For practical purposes this method of oscillation is, of course, 
completely unsuited. However, the tool can be oscillated tangentially to the machined 
surface, as it is being done in some Russian work. 
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2. The Dynamic Stability of Machine Tools 


The aim of these investigations is the development of a general theory of machine tool 
chatter applicable to all types of machines. Previous theoretical and experimental work 
relating to drilling, turning and face milling is being extended to milling, grinding and 
boring. In the course of this extension some of the basic ideas of the original theory are 
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Fic. 7. The effect of oscillation on the cutting forces. (a) Explanatory diagram. (b) Full lines 
show variation of cutting forces as a function of chip thickness so under non-oscillatory con- 
ditions. Interrupted lines show cutting force variations under oscillatory conditions, when 
the average chip thickness so is varied harmonically by ds. Cutting forces vary in the sense of 
the arrows (after Hélken [2)). 


being elaborated, and certain aspects of the work of other investigators is being incorporated. 
Parallel with this work, purely graphical methods for the determination of the dynamic 
stability of machine tools are being developed which have a number of advantages over 
existing analytical-graphical procedures. 
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(2a) Milling machines. The major project in this field is chatter of horizontal milling 
machines, a topic which, though of great practical importance, is so far little investigated. 

Preliminary experimental work done on the machine available has shown that the simple 
theory applicable to some types of vertical milling machines is inadequate and requires 
elaboration. This is due to the fact that, whereas in vertical milling machines the chatter 


\ Vertical pick-up 


| 


| 


0-0 


(b) 


Fic. 8. Relative motion of arbor of horizontal milling machine with respect to workpiece. 
(a) Explanatory diagram showing position of vibration pick-ups. (b) Records showing relative 
motion of arbor support with respect to the knee. 


amplitude falls in the direction of the feed, in horizontal milling machines the relative tool 
and workpiece displacement is two-dimensional, being approximately an ellipse. This was 
observed by measuring the motion of the arbor (arbor support) with respect to the table 
(knee bracket) with two capacitance pick-ups, as shown in Fig. 8(a). Displaying the electrical 
signal on the screen of a cathode-ray oscilloscope, records of the type shown in Fig. 8(b) 
are obtained, representing the elliptical path of the arbor with respect to the workpiece. 
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Although the chatter mechanism of horizontal milling machines can thus be understood 
completely only by regarding the machine to be a system with two degrees of freedom, 
some of the important features of the single-degree-of-freedom chatter theory are neverthe- 
less maintained. For instance, it was observed that just as in the case of drilling or face 
milling, chatter arises only in certain cutter speed bands and that these are separated by 
stable, vibration-free speeds. A typical stability chart showing this effect is presented in 
Fig. 9 in which stable and unstable speed ranges are plotted as a function of the rotational 
speed of the cutter and the width of the workpiece. 

(2b) Grinding machines. In the grinding process, instability may also arise owing to the 
regenerative effect, as in other machines. However, the conditions are complicated by virtue 
of the fact that once a vibration has been initiated, it affects the shape of the wheel. Relative 
vibration between wheel and workpiece produces a varying normal grinding pressure acting 
on the wheel. As a result, wheel wear will proceed in a non-uniform manner, and waves 
develop on the circumference of the wheel. It has been shown by Landberg [6] that these 


in. 
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Fic. 9. Stability chart of machining process carried out on a horizontal milling machine. 
Chatter arose for only those values of the rotational speed and the depth of cut which corres- 
pond to the shaded regions. 


waves may develop within a very short period and their amplitudes will grow with time, 
as shown in Fig. 10. 

Once surface waves have developed on to the grinding wheel, these produce a variation 
of the chip thickness removed and as a result a further normal thrust variation and subse- 
quent non-uniform wheel wear ensues. In some cases, owing to the cutting conditions and 
the dynamic characteristics of the machine, the second set of waves is such that it cancels 
the first, and in that case the process is stable. It does, however, happen that continuously 
growing waves are produced on the wheel and this clearly results in instability. 

The process is complicated by the fact that the non-uniform wear of the wheel is accom- 
panied by non-uniform loading; that is, workpiece particles are deposited on the wheel in 
a non-uniform manner. This in turn affects the constancy of the normal grinding thrust 
and as a result surface waves are produced. 

A theory describing this complex process has been developed, on the basis of which 
cutting conditions ensuring freedom from vibration can be predicted. This theory contains 
the dynamic characteristics of the machine structure and tests are in progress for their 
determination in the case of the experimental machine. 

(2c) Lathe tool chatter. Although this problem has been extensively investigated, it is 
only partially understood. This is due to the complex dynamic behaviour of lathe and the 
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inadequately explored mechanism of chatter. As a result, most published investigations are 
valid only as far as the particular experimental lathe is concerned and the conclusions 
derived cannot be transferred to other machines. 

Owing to the complexity of the problem, at the present stage little general scientific 
knowledge can be gained by investigating the chatter behaviour of particular machines, 
although investigations of this kind do yield, of course, useful information from the point 
of view of a development and re-design of the machine. These difficulties can be overcome 
by a step-by-step approach in which the mechanism of chatter is explored in specialized 
experiments, designed to limit the large number of variables and to keep those which are 


varied at controlled values. 
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Fic. 10. The effect of vibration of the circumferential shape of grinding wheels. A wheel which 
is too hard (46R) or too soft (461) for the job develops circumferential waves faster than a wheel 
the hardness of which is appropriate (46R) (after Landberg [6]). 


The first stage in this approach is the simplification of the dynamic behaviour of the lathe 
structure, achieved by limiting the number of degrees of freedom. This is done in two 
special experiments. The first deals with what has been called Type A chatter, that is, when 
the structural design is such that the tool is relatively soft in the direction of the tool shank 
but very stiff in other directions, as indicated in Fig. 11. The second experiment deals with 
Type B chatter for which the stiffness conditions are exactly the opposite to those of Type A, 
as also shown in Fig. 11. In the latter case the relative displacement of the cutting edge of the 
deflected tool, relative to the workpiece, is also of importance and included in the investi- 
gations. 

(2d) Boring machines. Russian and other investigators have shown that the dynamic 
stability of boring bars can be greatly increased by milling flats on diametrically opposite 
sides of the bar. A typical boring bar used in this investigation is shown in Fig. 12. 

This particular method for the elimination of chatter may appear somewhat surprising 
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since by the said procedure the flexibility of the bar is increased in the direction normal to 
the milled flats. However, there are some very sound theoretical reasons as to why the method 
should and does in fact work. It is easy to see that an asymmetrical boring bar can be 
simulated on a shaping machine by a system of the type shown in Fig. 13(a), which when 
unstable produces a tool motion which coincides with the elliptical line AB. For theoretical 


A 


Type A chatter 


Type B chatter 


Fic. 11. Type A and Type B chatter (after Tobias and Fishwick [7]). 


Morse taper No.6 


Section AA 


Fic. 12. Boring bar with flats milled on diametrically opposite sides (after Kuchma [9]). 


investigations the equivalent system shown in Fig. 13(b) is conveniently used. This equivalent 
system consists of a mass m which is suspended from two sets of springs A; and Az. The 
mass has thus two degrees of freedom and its natural frequencies are dependent on the 
values of the spring stiffnesses in the principal directions of oscillation X; and X2. The tool 
is attached to the mass and cutting proceeds in such a way that the normal to the cut 
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Fic. 13. Mechanical and theoretical model of asymmetrical boring bar. (a) Mechanical model; 
(b) theoretical model (after Tlusty [8]). 


surface forms the angle @ with the direction of the cutting force P. It can be shown theoretic- 
ally (see J. Tlusty [8]) and verified experimentally that chatter can arise only when the 
stiffness values are such that the natural frequency in the Az direction is greater than in the 
A; direction and at the same time the angle # lies between 0 < # < 7z. 

Instability is caused in the system shown in Fig. 14(b) by the so-called mode coupling 
effect. This effect may lead to instability also in systems which are greatly more compli- 
cated than a boring bar. However, the existing mathematical methods for the investigation 
of mode coupling are unsuited to complicated system and for this reason a new graphical 
method is being developed for that purpose. 

(2e) Drilling machines. The basic mechanism of drilling chatter is already known. In- 
stability is caused by the regenerative effect, as in many other cutting processes. As in all 
cases when regeneration causes instability, chatter arises only in certain distinct speed bands 
which are separated by chatter-free speeds. For instance, in Fig. 14 a case is shown when 
chatter arose in three speed bands. The low speeds in that figure are stable, a feature which 
is also a normal characteristic of regenerative chatter. In the case of drilling this is due 
largely to the stabilizing influence of the chisel edge of the drill. Investigations are in progress 
which aim to ascertain the effect of various chisel edge corrections on the stability of the 
cutting process. These corrections are designed to reduce drill thrust. However, the absolute 


300 400 500 600 
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Fic. 14. Unstable speed bands of a drilling process (after Galloway [10]). 
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value of the drill thrust does not have any influence on drill chatter, and it may well be that 
some corrections have a detrimental effect from the dynamic point of view. 


II. DYNAMIC DESIGN OF MACHINE TOOLS 

At the present, the design of machine tools is still done on a triai and error basis and the 
final product is judged in many cases by considerations which have no rational foundations. 
For instance, producer and customer alike equate high stiffness with a high weight. On this 
basis machines are improved by simply increasing their weight. It is also fair to say that 
most producers and customers have little idea that in addition to static stiffness, dynamic 
stiffness is also of importance, being for that matter the factor which decides chatter 
behaviour. 

Putting machine tool design on a more rational basis means the development of methods 
with which the static and dynamic behaviour of a structure can be predicted. Work in the 
Department, aiming at the solution of this problem, is distributed over the following three 
projects: 

(a) Prediction of dynamic characteristics of machine tool structures. This investigation is 
concerned with the adaptation of existing, and the development of new, methods with 
which the static and dynamic characteristics of machine tool structures can be predicted 
from design drawings. Both graphical and numerical methods are being considered. 

(b) Optimum design of machine tool structures. Theoretical and experimental work on 
machine tool chatter has shown that from the point of view of dynamic stability it is desir- 
able that the dynamic stiffness between tool and workpiece should be as large as possible, 
and that this should be achieved with the minimum amount of material. The basic design 
principles according to which machine tools should be designed are thus similar to those 
used in the design of aircraft. The application of these design principles in the machine tool 
field is being investigated. 

(c) Analogue simulation of chatter behaviour. The prediction of the dynamic behaviour 
of a machine under cutting conditions is likely to involve complicated computations. These 
can be avoided by the use of analogue computation techniques. 

A machine tool can be represented by a multi-degree-of-freedom vibrating system, and 
the response of this system to an excitation corresponding to the effects of the metal cutting 
process is easily investigated with the aid of an analogue computor. At a later stage, analogue 
computors specially designed for machine tool work will be developed. It is expected that 
these will be relatively simple instruments, suitable for industrial applications. 

Concluding this survey of the work of the Department, it ought to be pointed out that 
not all projects have progressed equally far, for a variety of reasons, some being still in the 
preparatory stage. On the other hand, the research work of an active team being dynamic 
by its nature, investigations not contained in the original programme have already been 
started or are being developed. 
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AN INVESTIGATION INTO THE CUTTING FORCE PULSATIONS 
DURING MILLING OPERATIONS 


F. KOENIGSBERGER* and A. J. P. SABBERWALT 


AN INHERENT feature of the milling process geometry is the fact that the chip section is 
not constant, but varies periodically, the law of variation depending upon the diameter, the 
number of teeth and the helix angle of the cutter; the spindle speed, the feed rate and the 
depth and width of cut. The periodic variations of the chip section cause pulsations of the 
cutting force. The designer of milling machines must know the maximum force values and 
the amplitudes of the force pulsations, whilst the user must be able to select cutting con- 
ditions which will keep the pulsations within permissible limits. 

The present investigation covers slab and face milling. Some work concerning force 
pulsations during slab milling has already been reported especially with reference to ensuring 
optimum cutting conditions [1], which, however, cannot always be obtained in practice. 
In face milling, the optimum configuration will be encountered when the axis of the cutter 
lies in the same plane as the centre line of the workpiece (e = 0, see Fig. 6). Whilst this 
condition has been investigated [2], and some work has also been reported concerning the 
mean power requirements for face milling operations [3, 4], the present paper deals with 
the more general case, the relative position of the cutter axis and the workpiece being one 
of the parameters under investigation. 

The programme of the investigation was as follows: 

(1) Slab milling analysis 

(a) The expressions developed previously [5] were extended to allow for the effect 
of different numbers of teeth. 

(b) Nomograms were developed which show the relationship between the cutting 
conditions (diameter, number of teeth and the helix angle of the cutter; spindle 
speed, feed rate, width and depth of cut) on the one hand and the magnitude of 
the average force as well as the ratio between the maximum and the average 
force on the other. 

(2) Face milling analysis 

(a) After a geometrical analysis of the process, the cutting resistances under 
different face milling conditions were measured and a relationship between the 
specific cutting pressure and chip-thickness was found, which is identical with 
that already established for the case of slab milling. 

(b) Nomograms were developed which show the magnitude of the average force 
as well as the ratio between the maximum and the average force for different 
dimensions and positions of the cutter relative to the workpiece. 


(3) Experimental work 
The results obtained in 1(b) and 2(b) were confirmed by experimental evidence. 


* Reader, Department of Mechanical Engineering, Manchester College of Science and Technology. 
+ Department of Mechanical Engineering, Manchester College of Science and Technology. 
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1. SLAB MILLING 


For the case of slab milling, a theoretical analysis for determining the cutting force 
waveform has been reported [5]. In addition to the well-known fact that the specific cutting 
pressure is a function of the chip thickness, it was shown that it is independent of the helix 
ang!e. It was also shown that the work done per tooth is independent of the helix angle. 

For a helical tooth cutter, the length of one cutting path of a tooth is r(¢y + ¢s), where 
dp = effective angle between the leading and trailing edges, ¢; = tooth engagement angle 
(see Figs. 2 and 3), r = radius of the cutter. 

The maximum number of teeth which can be cutting simultaneously is: 


r(dv + ds) 
mM rds 


(in which m is raised to its nearest whole number) and where ¢; = angle between two con- 
secutive teeth of the cutter = 27/m: (nm; = total number of teeth in the cutter). 

In the case of a multi-tooth helical cutter, the leading edge of the first tooth enters the 
material and travels by an angle of rotation ¢; before the leading edge of the next tooth 
enters. After a further rotation by ¢, this is followed by the leading edge of the third tooth, 
etc. After the leading edge of the first tooth has travelled by an angle ¢;, which depends 
upon the diameter of the cutter and the depth of cut [cos ¢s = | — (2a/d)], it leaves the 
material. This does not mean, however, that the whole tooth has ceased to be in action, 
as its trailing edge will still be cutting for a further angle ¢», so that the total angle of 
engagement of one tooth is (¢» + ¢s), and the number of teeth cutting simultaneously at 
any moment is (¢» + ¢s)/¢+. As soon as the cutter, after an initial period of “‘running into”’ 
a fresh block of material, reaches the depth of cut a, the cycle is repeated at intervals of ¢¢. 
For the purpose of the present investigation, it is proposed to neglect the “‘running in” 
period and to consider only the periodic cycle (wave-length ¢;) for determining the variation 
of the total chip section, the force and the work done over this period. 

If the starting value (¢ = 0) in the equations representing the chip-section and the 
cutting force waveform is advanced by (m — 1) ¢, then the general expressions representing 
the force can be written as under: 

For a helical tooth cutter, there are two distinct cases which have already been dis- 
cussed [5], i.e. dy > ds and dp < ds. 

Case I: dp ds 

(a) do <(m — 1) de and gy > d5* (see Fig. 1a). 

The force at any instant between 0 to ¢; is given by: 


F [(1 — cos ¢) from ¢ = 0 to d = ds 
b 
— cos ds) from = to d = 


* The present investigation showed that the effect of a/d on the ratio between the maximum and the 
average force becomes very small for values of a/d > +. In this case, therefore, cos 6 = 1 — (2a/d) > 0-875 


or ds x 29° 


As a maximum number of 12 teeth per cutter was investigated (¢; > 30) the case of ¢: < ¢s was not 
analysed. 
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+ cos (¢ + m— | dt — dp) — cos ds from ¢ = 0 to d = dy + ds —mM—1 dy 


+ (1 — cos ¢s) from ¢ = 0 to d = dg —m—2 4 
+ cos (¢d + m— 2 d: — dv) — cos ds from ¢ = dy — M—24¢i to d = 
+m — 3(1 — cos ¢s) from = 0 to d = 4] 
2nd tooth | 
Ist tooth 
OL. 
3 3rd tooth 
Origin 


dom-i¢ 
Total 
amplitude 


Origin 


Period (b) 
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(Ks: = Csf as before). 
(b) dy > m — and (see Fig. 1b). 
Force at any instant between 0 to ¢; is given by 


= Ks. bse 


F 
dp 


[1 — cos ¢) from ¢ = 0 to d = ds 


+ (1 — cos ds) from ¢ = ds to d = gr 
+ cos (¢ + m— | dt — dp) — cos 
from ¢ = — m— 1 tod = dy + — m— 1 


+ (1 — cos ¢s) from d = 0 tod = dn —m—1 4% 

+ cos (¢ + m—2 — dn) — cos from ¢ = — m — 2 = 

+m — 2(1 —cos ¢s) from ¢ = 0 to d = 4] (2) 
When these expressions are integrated between their respective limits, the work done is 


given by 
At = Kg, bser (1 — cos ds) 


which is the same as the work done per tooth. 

Hence, 
Ksibst (1 — cos $s) 

be 

The value of the maximum force is determined by plotting the equations (1) or (2), 
as the case may be, within their respective limits. 

Case IT: dy < ds and ¢¢ > ¢s (see Fig. Ic). 

The force at any instant between the period ¢ = 0 to ¢ = ¢; is given by: 


F = Kn — cos ¢) from ¢ = 0 to d = dp 


dp 
+ cos(d — dy) — cos ¢ from ¢ = dp to d = 4s 
+ cos(¢ — — cos ds from ¢ = to = 
+ cos(¢d + m— I — do) — cos ds from ¢ = 0 to = do + ds — m—1 


average force = (3) 


(4) 


The value of the maximum force is again determined by plotting equation (4). The work 
done is again the same as for one tooth and hence the average force is again given by 
equation (3). 


Nomograms for Slab Milling 


Based on the above equations, nomograms can be drawn by means of which the ratio 
between the maximum and the average force and the magnitude of the average force can 
be found. For different values of dp and ¢s, the ratio P,,,,,/P,, can be determined from Fig. 2. 

Now, 
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2a 


ds l 
cos d 


where a = depth of cut, b = width of cut, d = 2r = cutter diameter, A = helix angle. 
For any value of A, d and d, the value of 4» can be determined. The stages to be followed 
in using the nomogram are shown by means of arrows for the example of: 


Cutter: Diameter 24 in. 
Number of teeth 8 
Helix angle 30° 
Workpiece: Width 2 in. 
Depth of cut 5/32 in. 


On the right-hand side of Fig. 2 the ratio P,./P,4, is plotted, where: 


Pa, = average force 
and 


P,, = maximum force — average force 


From Fig. 2, it can be seen that when ¢» is an integral multiple of ¢;, the ratio P,,,,/P.4, 
becomes | and P,,/P4, is zero, i.e. there is no alternating component of the force. Also, for 
a certain value of ¢;, the ratio P,,,,,/P,y is reduced by increasing a/d (i.e. ds). 

The magnitude of the average force can be determined by slightly modifying the nomo- 
gram published previously [6] (Fig. 3). 


kW x 530,000 
v (5) 


where kW = power in kilowatts, v = cutting speed in in/min. 
The stages to be followed in using the nomogram are shown by means of arrows for 
the example of: 


Prue 


Cutter: Diameter 5-0 in. 
Number of teeth 6 

Workpiece: Width 2:50 in. 

Machine Feed rate 10-0 in/min 


settings: Spindle speed 100 r.p.m. 
Depth of cut 0-20 in. 


Thus, if the cutting conditions are known, the magnitude of the average force, the ratio 
between maximum and average force and the maximum force can be determined from 
Figs. 2 and 3. 


2. FACE MILLING 


Here again, the force at any instant can be assumed to be equal to the area of the chip- 
section multiplied by a specific cutting pressure Ks. From Fig. 4, it can be seen: 

Area at any instant = y x h 
where /A = instantaneous chip thickness and y = width of the chip, 4 = A¢ sin 6 and 
hd = st sin ¢, s¢ = feed/tooth, ¢ = angle of advance of the tooth in the workpiece, and 
y = a/sin 0, a = depth of cut. 
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Fic. 4. Chip section in face milling. 


Hence, the instantaneous area 
= sin ¢ sin O(a/sin 6) 


= as; sin ¢ 


If the conditions are similar to those found for the case of slab milling, i.e. if for a given 
chip thickness Ks is constant, then the instantaneous force 


Ks ast sin 
For the case of slab milling, Ks has already been shown to be a function of the chip thick- 
ness. 
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To confirm this for face milling, the corner angle @ was varied from 90° to 45° in such 
a manner that the area of the chip section remained constant. The magnitude of the 
tangential force was determined by measuring the three components of the force by means 
of the Dynamometer already described [7], and resolving the forces in the appropriate 
directions. The tangential force divided by the area resulted in the specific cutting pressure 
Ks. The relationship between Ks and h is shown in Fig. 5, which is identical to the one 
established for slab milling, with the same workpiece and cutter material. 

This relationship between Ks and / was used for all future calculations. 
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Fic. 5. * indicates relationship obtained for slab milling. 


The instantaneous force is 


P = K,as; sin ¢ 
= Chas; sin 
= Ks,as,(sin ¢)**1 


Ksi = Cs;*(sin 6)” 


(sin = 


Ksiast 
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Equation (7) gives the nature of the waveform because a, s¢ and Ks; are all constants for 
a particular dimension of the cut. The period of the waveform depends upon ¢s which is a 
function of the diameter of the cutter and the width of the workpiece. Also, 4s; depends 
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(B — 2e) 


cos = OR 


where B = width of cut, and ¢s = ¢2 — 41. 

Now, if ¢ is plotted as a function of (B + 2e)/2R as shown in Fig. 6b, ¢s can be deter- 
mined for a configuration of the workpiece and the cutter. Also, the function given by 
equation (7) is plotted for different values of ¢, the value of x being determined experi- 
mentally. Hence, from Fig. 6, for any value of ¢s, the nature and the magnitude of the 
cutting force can be determined by substituting the constants, which can be determined 
experimentally. 


Relationship Between the Maximum and the Average Force 
The average force can be calculated by determining the area under the cutting force 
waveform and dividing it by the distance travelled. 
Work done/tooth 


= | (sin db (8) 
$s 
It has already been shown that | (sin ¢)*+1 can be replaced by J sin @ dé without 
excessive error. 
Hence, work done/tooth 
= Ks,as:R (cos ¢1 — cos ¢2) 
B+2e , B—2e 
= R ( IR + IR ) 
= KsiaBs; (9) 


which shows that the work done is independent of the cutter and workpiece configuration’ 
However, the above approximation is not valid for values of ¢s exceeding 30°. Also ¢s 
changes with different positions of the cutter with respect to the workpiece (Fig. 7). The 
solution of the integral in equation (8) is rather complicated and hence an independent 
concept using the middle chip thickness, which in this case is referred to as the average chip 
thickness, is used to determine the power and the average force. 
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where P,, = average force, v = velocity in in/min, s = feed in in/min. [5]. 
The relationship between Ky and hy was determined experimentally to be 
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which is identical with the one found for the case of slab milling for the same cutter and 
workpiece materials (Fig. 8). 
The average force was obtained as before from the magnitude of the power required 
kW x 530,000 


av 


cos — cos 


where n = revolutions/min of the spindle, my = number of teeth on the cutter. 

Thus, for any cutting conditions, the magnitude of the average force can be determined 
by the help of the nomogram (Fig. 9). The stages to be followed are shown by means of 
arrows for the case of: 


Cutter: Diameter 5 in. 


Number of teeth 4 
Corner angle 6 = 674° 
Workpiece: Width 3-2 in. 


Distance between the centre line of the workpiece 
and the cutter 4 in. 


Machine 
settings: Feed rate 1 in/min 
Spindle speed 63 r.p.m. 
Depth of cut 0-4 in. 


When considering a multi-tooth cutter similar considerations apply as for the case of 
slab milling. The maximum force at any instant is given by: 


P = Ks, as;[sin?+(¢ + ¢1) from ¢ = 0 to = 

+ sin?+1(¢ + 41) + m— 1 dy) from ¢ = 0 to d = ¢2 — (61 + m— I Fy) 
+ sint™+1($ + + m—2 from = 0 to d = 

+ sin(? + ¢1) + m—3 from ¢ = 0 to = 

+. 
The period is 0 to ¢; and ¢; and ¢¢2 are the angles shown in Fig. 6. 
_ $2 — 

(the helix angle was neglected because the width which is the depth of cut in this case is 
small compared to the diameter) or 


m 


dbs 


(m is raised to its nearest whole number). 
The value of the maximum force was determined by plotting equation (10) between the 


respective limits. 
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| 2 teeth 


(2 =0-375 


Fic. 11. The encircled regions have been checked experimentally. All amplitudes within 
+ 5 per cent. 


The ratio P,,,,/P,y Was now plotted for conditions of B/D = constant and e/R = vari- 
able, or vice versa, where e = distance between the centre line of the workpiece and the 
centre line of the cutter. The effect of e/R on the total amplitude of the cutting force (i.e. 
the maximum force) is shown in Fig. 10. 

From Fig. 11, it can be seen that the ratio P,,,,,/P,, decreases with decreasing values of 
¢¢ and becomes a minimum if ¢; is an integral multiple of ¢;. Hence, in order to reduce the 
alternating component of the force, the ratio B/D should be chosen in such a manner that 
for a given ratio e/R, the angle ¢s is just below a multiple of ¢;. 


3. EXPERIMENTAL RESULTS 
(a) Slab Milling 
Tests were carried out for varying widths of the workpiece and with cutters of 2, 4 and 
8 teeth and helix angles of 45°, 55° and 35° respectively. In the nomogram (Fig. 2), results 
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Fic. 12 (a). Slab milling with four-tooth cutter. Cutter diameter = 4 in. ; helix angle = 55°; 
a/d = 1/16. 
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Fic. 12 (b). Slab milling with four-tooth cutter. Cutter diameter = 4 in.; helix angle = 55°; 
a/d = 1/32. 
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Fic. 12 (c). Slab milling with four-tooth cutter. Cutter diameter = 4 in.; helix angle = 55°; 
a/d = 1/128. 


30 
Bast 55 cps Veenea 
7 
VOL. 
O61 
: 


Cutting force pulsations during milling operations 


(Teaysveesc) 


Fic. 13 (a). Face milling. Eight-tooth cutter. 
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Fic. 13 (b). Face milling. Eight-tooth cutter. _ 
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of the experiments are shown. Because of the eccentricity of the cutter, the magnitude of 
the forces is not exactly constant for all teeth of the same cutter. In the calculation of the 
results, the mean value has therefore been calculated for a complete cycle which, in this 
case, is one revolution. A typical set of records of the cutting forces is shown in Fig. 12. 
For a width of 2-2 in., the corresponding value of ¢» is 90° and the force components are 
nearly steady. In this case, the variation caused by the eccentricity of the cutter (0-00025 in.) 
amounts to about 10 per cent. It is planned to carry out further tests with cutters of 3, 6 
and 12 teeth. 


(b) Face Milling 

In the calculation of the average chip thickness, the relative position of the workpiece 
with respect to the cutter was taken into consideration. 

By varying the corner angle 6 of the cutter (see Fig. 4) between 90° and 30° in steps of 
15°, the chip thickness was altered whilst the chip section remained constant. The relation- 
ship between the instantaneous chip thickness and the specific cutting pressure was again 
proved to be a function of the chip thickness, the relationship being the same as that obtained 
for slab milling (Fig. 5). 

Tests were carried out with cutters of 4, 6 and 8 teeth under different cutting conditions. 
A typical set of records is shown in Fig. 13. The results of all tests are entered into the 
graph, Fig. 11. Further tests will be carried out with cutters of 2, 3 and 12 teeth. 
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POSSIBLE APPLICATIONS OF THE S.I.R.A. 
POSITION-SENSITIVE PHOTOCELL 
TO MACHINE TOOL CONTROL 


L. R. BAKER* 


INTRODUCTION 


THERE is little doubt that the properties of light are being more widely used in the standard 
laboratory, in the tool room, and in the workshop itself. The reason for this is that the laws 
of refraction and reflection are simple and universal and that the wave-length of light itself 
is a highly stable quantity. In fact the only real uncertainty is the human eye at the receiving 
end. Even so, a good deal can be done to eliminate personal errors and the observer can 
generally be relied upon to exercise judgement in ignoring a result which is obviously wrong. 

The real difficulty arises when there is the requirement both for high accuracy and 
rapidity of measurement, and it was to satisfy this need that photocells were first introduced. 
Some success has been achieved particularly on the inspection side, where it is simply a 
question of acceptance or rejection, but little has been done to replace the use of the human 
eye where the highest accuracy is required, as in the precise measurement of angle or 
distance. The reason for this is that it has not in the past been economically possible to 
construct a complete electro-optical system which has the same sensitivity and reliability 
as the skilled human eye. 


Recent advances in solid-state physics, however, have led to the production of a new 
type of photocell which may successfully compete with the human eye in practically all types 
of iustrument employing micrometer eyepieces. Its high sensitivity and speed of response 
could also result in the development of entirely new control systems. It may be that the 
complete facility of the inspection department could now be attached to the production line 
itself and so provide the necessary feed-back of information for highly accurate machine 
control. 


2. CHARACTERISTICS OF THE POSITION-SENSITIVE PHOTOCELL 


The principle of operation of the position-sensitive photocell depends on the fact that 
if an N-type germanium wafer with an indium pellet alloyed on the back is non-uniformly 
illuminated there will be set up a lateral photovoltage across the plane of the wafer [1, 2]. 
This voltage, which is additional to the transverse photovoltage normally observed between 
the collector and the base, may be measured with the aid of a pair of ohmic contacts. 

A section through the active element of the photocell is shown in Fig. 1. Only two 
ohmic contacts are shown here, but it is the usual practice to employ two pairs at right- 
angles so that the movement of a spot of light can be recorded in the two co-ordinate 
directions. Since the device is photovoltaic no external polarizing supply is needed. The 
simplest method of recording is to connect a galvanometer across the ohmic contacts. 
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Figure 2 shows how the voltage output developed across the ohmic contacts depends on the 
position of a slit which traverses right across the sensitive area. In our experiments a range 
of slit widths from 0-0006 in. to 0-008 in. was used, the height being fixed at 0-050 in. The 
widths of the slit images are shown by the lengths of a horizontal line placed to the side of 
each curve, and the number near the maximum gives the total light flux then present in 
millilumens (mlm). The gradient at cross-over is approximately proportional to the light 
flux, and in this detector was 57 V/in./Im. The irregularities in response over a working range 
of +0-010 in. amounted to +2 per cent of the maximum signal for the smaller slit widths 
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Fic. 1. Plan and section view of position-sensitive photocell (dimension in inches). 


and were due to the microcrystalline structure of the germanium the size of which was 
comparable to the width of the slit image. These irregularities were smoothed out by using 
wider slits. The maximum and minimum gradients shown here are 2-6 »V/in. and 0-33 
#V/in. so that without amplification distances of 1 in. could be measured directly on the 
slide-wire potentiometer. 

Whilst the variation in voltage output with displacement of a spot of light across the 
sensitive surface (known as the impulse response) shown in Fig. 2 does describe the per- 
formance of the detector, for some applications it is sometimes preferable to quote the 
response of the detector to a range of spatial frequencies with a sinusoidal variation in 
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intensity. Sinusoidal fringes in white light were obtained by illuminating two-crossed grat- 
ings with parallel light. Each grating had about 1000 lines/in. and to obtain the variation 
in the fringe spacing one grating was rotated with respect to the other by means of a micro- 
meter screw. Figure 3(a) shows the variation in output voltage as the detector was moved 
across the fringes with the spacing at its optimum value and in Fig. 3(b) there is a curve 
of the frequency response showing a well-defined maximum for this particular detector 


at 15 lines/in. 


Slit widths 


xO-OOI in. 


Fic. 2. Voltage/displacement curves for various image slit widths. 


The minimum detectable displacement is governed by the electron noise of the crystal, 
and may be defined as that displacement of a light spot giving rise to a voltage equal in 
value to the noise voltage. Experiment has shown that the noise equivalent displacement 
is about 10°!in./Im for a bandwidth of | c/s. This means that with a servo system of 
average performance and a light level of 1 mlm, movement can be controlled to a few micro- 
inches. The frequency response of the detector itself will hardly ever be a limiting factor 
as this will be greater than 50 kc/s. The cells have their peak response in the infrared at 
about 1-8 « but they are also sensitive to visible light. 

Figure 4 is a drawing of the position sensitive photocell, giving an idea of its size and 
method of construction. Figure 5 is a photograph of small and large models with ranges of 
0-020 in. and 0-20 in., respectively. The sensitive element is in contact with a good heat 
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Fic. 5. Photograph of position-sensitive photocell. 
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sink and is potted for maximum rigidity. Accurate location of the cell mounting is obtained 
by the use of a plane and a cylindrical surface, the axis of which is at right-angles to the 
plane surface. 

The range of the photocell depends on the size of the crystal used, but a larger range 
means reduced sensitivity. Although germanium has been used exclusively so far, there is 
no reason why other semiconducting materials should not be used. There is evidence to 
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Fic. 3. Spatial frequency response curve. 


suggest that silicon would be more stable at higher temperatures, although its sensitivity to 
tungsten light would be less. 


3. APPLICATIONS 


The applications of the position-sensitive photocell may be grouped into two sections 
depending on whether the servo loop is open or closed. In an open-loop system the output 
signal should be directly proportional to movement of the light image. This assumes that 
the light level from the bulb and the light sensitivity of the cell are constant, the cell output 
linear, and also that the gain of the detector is constant and its response linear. Although 
for some applications the overall stability of such a system may be adequate, there must 
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always be provided some simple and accurate means of calibration. The most satisfactory 
solution is to use a closed-loop system so that the light spot is always brought back to its 
central or null setting. Under these circumstances changes in gain or lamp brightness will 
be unimportant, the only error being the error signal from the servo loop and any drift 
of the detector. On the question of detector drift, those drifts of null observed in practice 
have never so far been separable from the small long-term mechanical drifts associated 
with a highly sensitive piece of apparatus. In most cases the choice between either an open- 
or closed-loop system will be made on economic grounds. The requirements of the detector 
itself are different in the two systems. In the closed-loop system linearity of response and 
geometrical range are less important than a stable null but the open-loop system requires 
in addition a highly linear response either side of null, together with the longest possible 
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Fic. 4. Assembly drawing of position-sensitive photocell. 


range. One of the most direct ways of employing the cell in machine tool control is for 
producing very precise rectilinear movements of a tool. The tool would be clamped to a 
position-sensitive photocell which in turn could be made to travel along what is virtually 
a single ray of light. The principle of the system has been demonstrated by an apparatus 
shown schematically in Fig. 6, which was designed for automatically recording the straight- 
ness of machined ways. This apparatus was demonstrated at the 1960 Exhibition of Scientific 
Instruments and Apparatus of the Physical Society. 

At one end of the bed was an optical system for producing a roughly parallel beam of 
light chopped at 400 c/s. This beam emerged from lens Li and was projected along and 
approximately parallel to the length of the bed. An axicon [3, 4] was placed at the far end 
on its own support. A trolley traversed along the length of the bed under test and it was 
assumed that the path traced was a measure of the straightness of the bed. The parallel 
beam was focused by L2 on to a pinhole, and the field lens L3 was employed so that the 
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axicon was uniformly illuminated. The characteristic of the axicon was that it imaged the 
pinhole at Lz down on to the detector placed immediately beneath at unit magnification 
and in focus over the full range of trolley movement. Any departure of the mid point of the 
line joining the centre of the pinhole and the centre of the detector from the axis of the 
axicon gave rise to a displacement of the pinhole image across the detector. The output 
voltages appearing in the x- and y-channels resulting from such a deviation were amplified 
and fed into two servo motors which controlled the angular movement of the two parallel 
plates P,,and P,, so as to maintain the image at the centre of the detector. The angular 
movement of the plates was calibrated in units of 0-0001 in. and represented the departure 
of the bed from straightness at a particular point of the trolley on the bed. The photocell 
itself could detect errors of 10 jin. 


Chopper 


Axicon 


Detector 


Opisometer vane 


Fic. 6. Schematic representation of beam riding application. 


The distance moved along the length of the bed could be simply recorded by counting 
the bars of an opisometer vane using a second position-sensitive photocell. 

It is clear that the motion of a machine tool could be controlled by means of electro- 
hydraulic servos so as to follow a light beam and then the usual mechanical slides would 
be used just as supporting members. The main advantages would be the absence of wear 
and the fact that the standard of straightness would be an axicon made from, say, quartz 
which has a very high degree of dimensional and thermal stability. 

Apart from guidance the detector can also be used in conjunction with moiré fringes to 
measure length. Only one cell with four contacts is needed to record the number of fringes 
and their direction of movement. The advantage of this single-cell system is that tiie position 
of the fringe depends only on the geometry of the detector and its long-term stability, which 
is considered to be high. A sensitivity of | «in. should be possible using gratings of 1000 
line/in. 

The detector may also be used for setting on the fine lines of a divided length or angular 
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scale with the advantage that a number of cells can be used simultaneously, and their 
outputs combined to give an average output. The sensitivity and speed of response is such 
hat distances and angles can be measured with great accuracy and rapidity. 

The autocollimator is often used in the standards laboratory, and here also the position- 
sensitive photocell may be employed, in this case to record mirror deflections in two direc- 
tions at right-angles to a sensitivity of a few hundredths of a second of arc. 

In the workshop itself it would be possible to construct a simple dial gauge comparator 
with the minimum of mechanical parts sensitive to | in. over a range of +0-010 in. with 
virtually zero backlash. 

The high measuring capacity of the position-sensitive photocell may be put to good use 
in the design of a new type of range-finder. Thus if we image a single light source on to two 
cells with two lenses, one on each, the separation of the images will be a function of the 
distance between the light source and the lenses. If the photocells are connected in series 
opposition a movement of the source at right-angles to the line of light produces no output, 
but a movement along the line of sight will change the separation of the images and this 
will give an output. The main point to remember with this system is that the output varies 
inversely to the fourth power of the range. Whilst the design of a given system will depend 
very much on the requirements the following example may be of interest. Using a 30 c.p. 
bulb with two //6 lenses of focal length 6 in. and two photocells separated by 3 in. and with 
a responsivity of 50 V/in. per lm and noise level 30 « 10° V it would be possible to detect 
movements of the bulb along the line of sight of 1 pin. at 2 ft 6 in., 0-001 in. at 15 ft, and 
| in. at 85 ft. Many other applications from the measurement of machine tool vibration 
to the construction of a high precision curve follower will doubtness come to mind. The 


instrumentation of these systems made possible by the availability of new type of servo 
transducer with a capacity of perhaps 10° steps over a range of 0-020 in. will surely con- 
stitute a challenge to the ingenuity of designers. 
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EFFECT OF POINT GEOMETRY AND DIMENSIONAL 
SYMMETRY ON DRILL PERFORMANCE 


W. A. HAGGERTY* 


IN THE past drilling has primarily been considered a roughing operation, used prior to some 
other type of finishing operation such as reaming, boring, or grinding. This is because the 
hole accuracy obtained with the conventional chisel-point drill is very poor. A study of the 
common chisel-point geometry and the drilling process itself shows why accurate holes 
cannot be produced repeatedly. 


EFFECT OF POINT GEOMETRY 


Because the chisel edge (the edge across the web of the drill connecting the inner ends 
of the main cutting lips) is virtually a straight line perpendicular to the drill axis, the con- 
ventional chisel-point drill (Fig. 1) has no true point. Consequently the drill has no self- 
centering action and has a tendency to walk to one side or the other. This causes the hole 
to start at other than its desired location, to have a bellmouth, to be out of round, to be 
crooked, to have poor finish, and to be more oversize. It is common practice then, to use 
a center-punched or center-drilled hole to provide a means for starting the drill on its 
desired location and to use guide bushings for holding the drill in line. 

Also, because of the chisel edge, the cutting action is extremely poor near the center of 
a conventionally ground drill, due to the very large negative rake in this region. An illus- 
tration of this is shown in Fig. 2 which is a photomicrograph of a section taken perpendicular 
to the chisel edge at a radius of 0-030 in. from the center of a 4 in. chisel point drill, while 
in the act of forming a chip. As shown the rake angle at this point is about minus 56 degrees. 
Because of the low cutting speed near the drill center the high negative rake angle is parti- 
cularly bad since it has been previously shown [1] that high cutting speed is necessary for 
good chip formation when a cutting tool has negative rake. Furthermore, as the machined 
metal is virtually trapped between the tool face and the bottom of the hole, its escape side- 
ways into the flute is very difficult. As a result, the action in this area is more an extruding 
action than a free cutting action. The thrust force in penetrating the work is therefore very 
high and a great deal of heat is generated. This also may result in excessive workpiece dis- 
tortion. 

In view of these limitations of the conventional drill, research studies were undertaken, 
aimed at the elimination of the chisel edge. As a result of this research, a new drill point 
geometry and a practical method for applying the geometry to the common twist drill 
have been developed. 

Figure 3 shows the drill point configuration which has been developed as a result of 
this investigation. This point shape is produced, in a single grinding operation, by a mech- 
anism which provides a controlled relative movement of the grinding wheel and drill, 
axially, radially, and circumferentially, all in properly timed relationship to the flutes of the 
drill. As indicated by the name “‘spiral point’’, the entire flank surface extended rearwardly 
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from each main cutting edge is formed as a “‘three-dimensional”’ spiral surface from the 
axis of the drill to its periphery. 

The shape generated by this combination of motions on the end of the drill may be 
better understood by reference to Fig. 4. The line of contact between the surface of the 
grinding wheel and the drill point constitutes the generatrix (a) with a corner of the grinding 
wheel at (b). 

At the beginning of each cycle of reciprocation, the corner of the wheel (b) extends 
across the axis of the drill by a small amount (c), thus permitting removal of metal from the 
po’ >t. It then travels radially outward (to the right in Fig. 4) while also moving downward, 
as siiown, all in properly timed relationship. 

Because of the way in which these surfaces are ground, the drill has a true point, and 
a free cutting action close to the axis. The chisel edge has gone and in its place is a character- 
istic ““S-shaped”’ cutting edge. As shown in Fig. 5, the two halves of the “S” (B and C) 
form an obtusely pointed arch, thus providing a relatively sharp point (A) coincident with 
the axis of the drill. 

Because of this point, the spiral-point drill automatically centers itself on the axis of the 
drill at the instant of engagement with the work. Wherever the spiral point touches the work 
surface it enters, and remains in that location. There is no tendency whatever to travel, or 
“walk” to one side or the other as in the case of the chisel point. It is, therefore, usually 
unnecessary to use center-punched holes or guide bushings to maintain the proper location 
of a hole. The centering action of the spiral point drill in comparison to the chisel-point drill 
is clearly shown in Fig. 6. Note that the hole produced with the spiral-point drill is smooth, 
round, and shows no sign of erratic motion of the drill axis; whereas the hole produced 
with the chisel-point drill shows a large amount of erratic motion of the drill axis. 

Another effect of the centering action of the spiral point is to eliminate the bellmouth 
condition which is common in holes produced with chisel-point drills. This is shown in 
Fig. 7, where two identical 4 in. mandrels are inserted in two holes, one produced by a $ in. 
chisel-point drill and the other by a 4 in. spiral-point drill. A gap between the mandrel and 
mouth of the chisel-point drilled hole is clearly visible, but no gap is visible between the 
mandrel and the mouth of the spiral-point drilled hole. 

The amount of hole oversize is also affected by the centering action of the drill point. 
It can be expected then that holes produced with spiral-point drills will be closer to the drill 
size than those produced with chisel-point drills. A series of comparative tests for oversize 
of holes was made with ten chisel-point and ten spiral drills in each of four different sizes. 
Three holes were drilled with each drill making a total of thirty holes for every size and point 
geometry tested, 240 holes in all. In Fig. 8 the average values of hole oversize, and spread 
of values, are shown. Considerable improvement in both hole oversize and spread was 
obtained with the spiral point drills. 

It has been stated previously that, in the region of the chisel edge, the conventional drill 
has, in effect, a very large negative rake. There are several rake angles, such as “effective 
rake’, “‘normal rake’’, and “‘face rake’, which are commonly used when analyzing the chip 
forming process in drilling. The more basic of these is the “‘normal rake’’ which is defined 
as the angle extending between the tool face and a line perpendicular to the surface generated, 
and lying in a plane perpendicular to the cutting edge. This, being a fundamental angle of 
the cutting process, may be used as a basis for comparison between the spiral-point and 
chisel-point geometries. 

Now let us look at additional photomicrographs of the chisel point drill (Fig. 9). This 
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series of photomicrographs shows sections through a 4 in. diameter chisel-point drill and 
partly formed chips at various points along the cutting edge, from axis to periphery. In 
order to obtain these samples a quick-stop technique (as described in a previous paper [2]) 
was employed to obtain chip samples in the process of being formed. Each of these sections 
was taken in a plane perpendicular to the cutting edge at that point. The photomicrographs 
have been oriented so as to place the generated surface horizontal. The angle between the 
tool face and vertical is therefore the normal rake. 
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Fic. 8. Oversize of holes produced by chisel-point drills compared with the oversize produced 
by spiral-point drills. 


Along the entire chisel edge (from 0-000 to 0-030 in. radius) the normal rake is about 
minus 56 degrees, and therefore the opposition to chip flow is very great. Towards the 
periphery, cutting action is much better. This is due both to the increase in normal rake 
along the main cutting edge, and the increase in cutting speed. 

A similar set of photomicrographs of sections through the spiral-point drill is shown in 
Fig. 10. These sections were made in the same manner and at the same radii as those of 
the chisel-point drill. In the sections close to the axis the difference is appreciable. With the 
spiral-point, the normal rake angle is much less negative; the shear angle is much higher, 
and the chip space ahead of the tool face is much greater. The opposition to chip flow is 
therefore much less. In the sections along the main cutting edge there is no significant 
difference, however, as the normal rake angles here are virtually identical for both drills. 

Because of the more effective cutting action at the center, and the larger chip space, 
we would expect a considerably lower thrust force for the spiral-point drill. This is actually 
the case. 

The values of torque and thrust for the spiral-point and chisel-point drills are shown 
in Table | for four different analyses of steel. As expected, the values of torque for the 
spiral-point drill were found to be about equal to those for the conventional drill because 
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of the small influence of the chisel edge on this component; the average torque of the spiral- 
point drill being only 4 per cent lower than that of the chisel-point drill. 


TABLE 1, COMPARATIVE THRUST AND TORQUE FORCES 
FOR SPIRAL-POINT AND CHISEL-POINT DRILLS 


Thrust (Ib) Torque (in.—Ib) 
Feed 
(in. rev.) Spiral- Chisel- Spiral- Chisel- 
point point point point 


Material 


AISI—1112 0-004 195 290 
(132 BHN) 0-007 310 
0-010 410 


AISI— 1018 0-004 275 
(153 BHN) 0-007 400 
0-010 


AISI—4150 0-004 
(200 BHN) 0-007 
0-010 


AISI—4340 0-004 
(200 BHN) 0-007 
0-010 


However, there is a significant difference in the thrust values; those for the spiral-point 
drill ranging from 15 to 34 per cent lower, the improvement being greatest for the lower 
feeds. 

The degree to which the geometry of the spiral-point and its cutting action will improve 
drill life, hole quality or hole location will vary with the factors affecting the specific drilling 
operation. As with all metalworking operations, the degree of improvement obtained with 
spiral-point drills as compared with chisel-point drills will vary with the skill of the operator, 
the quality of the drilling machine employed, the intelligent selection of feed, speed, drill- 
point angle and relief for the specific material being drilled, the optimum use of coolant, 
etc. Because of these many factors, drill life can only be determined in terms of a statistical 
distribution of results obtained with a large number of drills tested under identical condi- 
tions. Ascertaining the relative performance in drill life tests is made more difficult because 
of the many criteria which may be selected in determining the need for resharpening the 
drill. These may be hole size, hole roughness, lack of hole straightness, increase in torque 
and thrust, and error in hole position relative to drill axis. Consequently, the improvement 
in drill life credited to any particular drill geometry will depend greatly on which of the 
above criteria is of paramount importance. 

Comparative life tests were conducted with spiral-point and chisel-point drills in the 
laboratory under numerous conditions. In all these tests the end point in drill life was 
determined when a rapid increase in the cutting forces occurred. The resulting values from 
these tests indicate that, on this basis, the average drill life when using spiral-point drills 
was in all cases as good as that of the chisel-point drills, and in many cases was better. 

Because of the self-centering action of the spiral-point drill, the cases in repetitive manu- 
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Fic. 1. Conventional chisel-point drill. 
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Fic. 2. Photomicrograph of section through chisel-point drill and chip at 0-030 in. from axis. 
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Fic. 3. Spiral-point drill. 
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Fic. 4. Diagram of generation of spiral-point geometry. 
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Fic. 5. The spiral “point” secondary cutting edges form an obtusely pointed arch coincident 19 
with the axis. 


SPIRAL POINT CHISEL POINT 


Fic. 6. Comparison of hole roundness and self-centering action of spiral-point drill in contrast 
to erratic action of chisel-point drill. 
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Fic. 7. Bellmouthed condition of hole produced by chisel-point drill contrasted with absence 
of bellmouth in hole produced by spiral-point drill. 
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Fic. 9. Series of photomicrographs of sections through chisel-point drills and partly formed 
chips at successive points along the cutting edge, from axis to periphery. 
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Fic. 10. Series of photomicrographs of sections through spiral-point drills and partly formed * 


chips at successive points along the cutting edge, from axis to periphery. 
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Spiral-point drill with 180) point angle for sheet-metal. 
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Fic. 12. Hole roundness and absence of burr with sheet metal spiral-point drill. 
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facturing where the greatest improvements have been cited are those where the end point 
is determined by the quality of the hole. 

The spiral-point drill is not limited to one particular point angle or relief or point 
contour. These may be easily changed to better suit the material being drilled. One example 
of this is the spiral-point sheet-metal drill. 

In this case the point angle is 180° (Fig. 11) instead of the normal 118°. The central 
portion of the drill point retains its characteristic spiral point extended ahead of the periphery 
and, therefore, contacts the work surface first, thus centering the drill. Just before breaking 
through the bottom of the hole a thin layer of the surface material is bulged forward by the 
spiral point; the peripheral portions of the cutting edges then act as trepanning tools to 
eliminate the “grabbing” of the drill and the burr as shown in Fig. 12. 

As mentioned before, a practical method of grinding the spiral-point on a drill has been 
developed. A machine (Fig. 13) employing this method has been designed. Here the drill 
is held stationary, while the generating system (grinding wheel) gyrates around it to produce 
the desired spiral-point on a drill in one simple, fast, accurate operation. 


EFFECT OF DIMENSIONAL SYMMETRY 


The grinding of a spiral-point on a drill will not necessarily, in itself, give optimum drill 
performance. This point geometry or any other point geometry must be concentric with 
the drill axis, and the drill body itself must be symmetrical, in order to give optimum 
drill performance. It was the object of this research to determine the effect of these errors 
in drill symmetry on the performance of the drill. 

Consider first the effect of point eccentricity on drill performance. When the generated 
point is not concentric with the drill axis there is effected a difference in relative lip height 
(Fig. 14). This means that one cutting edge is more advanced along the axis than the other, 
resulting in the advanced cutting edge taking a larger chip than does the other cutting edge. 

The cutting edge producing the larger chip will also have higher cutting forces acting 
on it. The drill will then deflect to one side in order to balance the cutting forces and in so 
doing will cause the chip cross-sections to be non-uniform as demonstrated in Fig. 15. Here 
a drill having a difference in lip height is shown being deflected to the side of the low lip, 
as would be the case in practice. The drill is then shown rotated 180° and advanced an 
amount equal to one-half the feed per revolution. In this case, the drill is deflected to the 
other side and the area between the two positions represents the cross-section of the uncut 
chips. It can be seen that for a high relative lip height difference in comparison to the feed 
there is the possibility of not even forming a chip near the outer portion of the low cutting 
edge. However, in any case it can be seen that there will be a variation in the thickness of 
the uncut chip along each cutting edge. This uneven chip formation and deflection of the 
drill causes oversized holes, as will be shown later. 

For purposes of experimental study point eccentricity was not used as such, but rather 
the relative difference in lip height was used as the variable. This quantity is easily measured, 
is a direct function of the point centrality, and can be determined from the following equa- 
tion [3]: 

tan K 
where H is the relative difference in lip height, ¢ is the eccentricity of point grind, and K 


is half the point angle. 
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The effect of relative lip height difference on chip formation, for actual drilling, can 
clearly be shown by the quick-stop technique. Samples were prepared from AISI B-1il2 
steel with chisel-point and spiral-point drills having a 118° point angle and a difference 
in lip height of 0-000 and 0-006 in. Cutting conditions used were 0-007 in/rev feed and 
520 rpm. 

Figure 16(a) is a photograph of the result obtained with the chisel-point drill having no 
difference in lip height. Here it can be seen that uniform chips are formed by both cutting 
edges, with each chip extending to the periphery of the hole. Results obtained with the 
chisel-point drill having a difference of 0-006 in. in lip height is shown in Fig. 16(b). It can 
be seen that in this case one cutting edge forms only a partial chip toward the center of 
the drill and no chip at all at the periphery. This happens because the drill has been deflected 
so inuch in comparison to the feed that the cutting edge does not form a chip in this area. 


oversize, 


-——e—=—Spiral point —— 
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Fic. 18. Hole oversize for a 0-500 in. diameter drill as affected by lip height difference. 


The results of the same test for a spiral-point drill are shown in Fig. 17. Here again the 
sample (Fig. 17a) with no difference in lip height shows chip formation all the way to the 
periphery of the hole on both sides, demonstrating that the drill is working exactly on center. 
The specimen (Fig. 17b) made with the drill having a difference of 0-006 in. in lip height 
shows partial chip formation on one side, again, with a chip not being formed toward the 
periphery of the one cutting edge, indicating that the drill is highly deflected. 

These quick-stop chip samples for both the chisel-point and spiral-point bear out the 
theory that a difference in relative lip heights causes the drill to deflect to one side and 
consequently oversized holes and nonuniform chip formation results. 

The precise extent to which lip height difference affects the amount of hole oversize 
was demonstrated by another set of experiments. Fig. 18 shows the results of these tests, 
with the curve of the hole oversize versus lip height difference plotted for both the chisel- 
point and spiral-point geometries. Each point represents an average of several drills tested 
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at each set of conditions. It can clearly be seen from this curve that the hole oversize varies 
directly with the lip height difference. This curve agrees quite well with that shown by Gallo- 
way in his paper [3]. The relative lip height has also been shown to have an adverse effect 
on drill life [3]. 

Let us now consider the effect of body accuracy on drill performance. These studies 
will deal with web eccentricity and flute spacing, but because of the methods used in drill 
manufacture, web eccentricity and flute spacing normally go hand-in-hand. For the purposes 
of these experimental studies, therefore, we will only be directly concerned with the effect 
of various amounts of web eccentricity on drill performance. 

The way in which web eccentricity affects the relative lip height of a drill can be seen 
in Fig. 19. The view at the bottom of the figure represents a section through the cutting 
edges of the drill, with cutting edge number one being rotated 180° to the same side of the 
drill as cutting edge number two. The positions of the cutting edges are represented by the 
web dimensions W; and W2 (web eccentricity w then being defined as W2 — W). As 
these cutting edges are produced by a grinding wheel generating a certain relief angle, a 
difference in lip height results, due to the difference in spacing of the two cutting edges 
along the path of the wheel. It is evident then that, for a given web eccentricity, the amount 
of this relative difference in lip height is determined by the relief angle that is ground on the 
drill. Therefore, because relief angle normally increases toward the center of the drill, the 
difference in relative lip height increases along the main cutting edges, from the periphery 
of the drill inward. This is unlike the condition that existed in the point eccentricity studies 
where the difference in lip height remained constant along the main cutting edges. Under 
these conditions one might expect web eccentricity to have a more severe effect than point 
eccentricity on drill performance. 

The relative lip height difference can be calculated from the web eccentricity, relief 
angle and helix angle for any radius on the drill greater than that equal to the maximum W 
dimension from the following equation: 


sin sin 


H te l 
wun? sin (90 — — 


where H is relative lip height difference, w is web eccentricity, f is relief angle, and 7 is 
helix angle. 

The effect of web eccentricity on chip behavior was studied experimentally, again by 
quick-stop samples, for both chisel-point and spiral-point drills. These samples were made 
with specially prepared drills having web eccentricities of 0-000 and 0-020 in. Material, 
machining conditions and point angle were the same as used in making the samples em- 
ployed in the studies on the effect of unsymmetrical point grind. 


ce Figure 20(a) shows a sample made with a chisel-point drill having no web eccentricity. 
re In this case it can be seen that one chip extends to the periphery of the hole while the other 
eS chip extends almost to the periphery, indicating very little deflection of the drill axis. Figure 
a: 20(b) shows the results obtained with a chisel-point drill having a web eccentricity of 
2 0-020 in. It can be seen that in this case the chip formation is quite erratic and segmented, 
- showing that the drill is wobbling about its axis. This is also indicated by the fact that the 
- > path of the cutting edge does not conform to the hole periphery. Also the chip on one side 
oy does not extend near the hole periphery, which means the drill is highly deflected. It is not 


apparent from the photograph, but one of the chips is discontinuous in the area near the 
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web. If the drill were not wobbling about its axis there would be no chip at this point due 
to the high difference in lip height. 

A similar series was obtained with the spiral-point under otherwise identical conditions. 
The chips from a spiral-point drill having no web eccentricity are shown in Fig. 21(a). In 
this case there is good, uniform chip formation with both chips extending to the periphery 
of the hole, indicating that the drill axis was exactly on center. In Fig. 21(b) chips obtained 
with a spiral-point having 0-020 in. web eccentricity are shown. Here the drill is deflected 
so greatly that no chip is formed near the drill periphery by one cutting edge and no chip 
is formed near the drill center by the other cutting edge. 

The quick-stop samples for both the chisel-point and spiral-point support the theoretical 
approach described earlier. They also show that web eccentricity has a similar effect to that 
of point grind eccentricity on drill performance. 
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Web eccentricity, in.x!O7> 
Fic. 22. Hole oversize for a 0-500 in. diameter drill as a function of web eccentricity. 


To determine the quantitative effect of web eccentricity on hole oversize a series of tests 
were conducted with drills having a variation from 0-000 to 0-020 in. web eccentricities. 
These tests were run using the same material and under conditions identical to those used 
in the point eccentricity versus hole oversize tests. Fig. 22 shows the results of these 
tests for chisel-point and spiral-point drills. Each point on the curve represents the average 
for several drills run under the same conditions. Here it can be seen that the hole oversize 
for both drill point geometries is directly related to the amount of web eccentricity of the 
drill. 

The effect of web eccentricity on drill life was also studied. To show this effect a series 
of life tests was conducted with chisel-point and spiral-point drills having 0-000, 0-010, and 
0-020 in. web eccentricities. The same test conditions were used for these tests as were 
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Fic. 23. Influence of web eccentricity on drill life. 


used for the hole oversize tests. The results of these tests are shown in Fig. 23 where the 
drill life, in number of holes per grind, is plotted against web eccentricity of the drill. As 
before each point represents the average for a number of drills run under identical con- 
ditions. It can be seen that, with both the chisel-point and spiral-point drill, increasing web 
eccentricity decreases drill life. 


CONCLUSIONS 


The experimental studies presented here show conclusively that a self-centering type of 
point geometry, having a true cutting edge extending to the drill axis (such as the spiral 
point), accurately ground on a truly symmetrical drill are essential for optimum drill 


performance. 
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DISCUSSION ON THE PREVIOUS PAPER 
M. D. KINMAN* 


Mr. HAGGERTY’s paper expounds very thoroughly the characteristics of “‘spiral-pointed”’ 
drills but does not do full justice to the conventional drill point geometry. 


* Tool Research Engineer, B.S.A. Tools, Ltd., Birmingham. 
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| would like to show that drills, given a suitably proportioned conventional pointing, 
will equal or surpass the performance of spiral-pointed drills both as regards quality of hole 
and life between grinds. 

The author stresses the flatness of the chisel edge of a conventionally pointed drill and 
also the restricted space available for the escape of the chip produced by the chisel edge. 
This condition is not inevitable and can be quite easily avoided by a suitable flank geometry. 

The dimple produced by the point of a drill is roughly a truncated cone, the truncation 
being produced by the chisel edge. The clearance on the flanks of the point adjacent to the 
lips provides space for the egress of the chips produced by the chisel edge, the clearance 
face of the lips becoming the rake face of the chisel edge in this zone (Fig. 1). Therefore, 
if the space provided by the flank clearance for chip egress is sufficient, there will be no 
crowding of the chips and satisfactory cutting conditions will be obtained. 

This condition is usually satisfied by grinding the chisel edge angle sufficiently high to 
give adequate clearance in the chisel edge zone, Fig. 2. The effect of this can be judged by 
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Thrust 720 Ib 
110° Hole size +0-O0015 in 
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Hole size + 0.0035 in 
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TABLE 1. 8 MM DIA. DRILLS JOBBERS LENGTH. DRILLING 1} IN. DEEP IN MANGANESE TYRE STEEL 197 BRINELL 
LIP CLEARANCE ANGLE 10°. CHISEL EDGE ANGLE VARYING 


Drill speed 
(rev/min) 


Drill feed 
(in/rev) 


Penetration 
(in/min) 


105° C.E.A. 


105° C.E.A. 
110° C.E.A. 


110° C.E.A. 


120° C.E.A. 


120° C.E.A. 
130° C.E.A. 
130° C.E.A. 


140° 
140° CEA. 
150° C.E.A. 

150° C.E.A. 


Spiral-point 


Spiral-point 


105° C.E.A. 
Chip r «ved 

105° C.E.A. 
hip relieved 


Stage 1 
987 


0-0103 in. 


10-2 in. 


Stage 2 Stage 3 Stage 4 Stage 5 
987 987 987 987 
0-013 in. 0-0155 in. 0-018 in. 0-0203 in. 0-020 in 
12-8 in. 15-3 in. 17-8 in. 
Failed 
5 holes 
Failed 
Failed 
1 hole VOL. 
1 
196] 


2 holes 


Failed 
2 holes 


Failed 
2 holes 


4 holes 


Failed 
7 holes 
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Fic. 13. Machine developed to grind spiral points on drills. 
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FiG. 15, Sketch showing drill deflection caused by the eccentrically ground point. 
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FiG. 16. Quick-stop specimens of chips being formed by a chisel-point drill with concentric 
web at: (a) 0-000 in. lip height difference; (b) 0-006 in. lip height difference. 
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Fic. 17, Quick-stop specimens of chips being formed by a spiral-point drill with concentric web an 


at : (a) 0°000 in, lip height difference ; (b) 0-006 in lip height difference. 
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Fic. 19. Sketch of a drill with its web not concentric with the drill axis, also indicating how 
this produces a difference in relative lip height. 
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(a) Chip formation for chisel-point drills with concentric point grind at 0-000 in. 
web eccentricity ; 
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Fic. 20. (b) Chip formation for chisel-point drills with concentric point grind at 0- 
eccentricity, 
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Fic, 21. Chip formation for spiral-point drills with concentric point grind at: (a) 0-000 in. 


web eccentricity; (b) 0-020 in, web eccentricity. 
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Table 1—contined 


Drill speed Stagel Stage 2 Stage 3 Stage 4 Stage 5 Stage 6 
(rev/min) 987 987 987 987 987 115] 


110° C.E.A. Failed 
Chip relieved 3 holes 
110° C.E.A. Failed 
2 holes 


Chip relieved 2 


110° C.E.A. 
Thinned 9 holes 
110° C.E.A. Failed 


Thinned 


120° C.E.A. 
Thinned 


120° C.E.A. Failed 
Thinned 4 holes 


CEA. 
Thinned 


130° C.E.A. 
Thinned | 2 holes 


140° C.E.A. Failed 
Thinned 2 holes 
140° C.E.A. Failed 
Thinned 1 hole 


150° C.E.A. 
Thinned 


150° C.E.A. 
Thinned 


120° C.E.A. 
Curved C.E. 9 holes 


120° C.E.A. Failed 
Curved C.E. 1 hole 


C.E.A. = Chisel edge angle. 
Test preceding failure 10 holes at each stage. 


the drill thrust, the higher the chisel edge angle the lower this becomes (Table 2) despite 
the resultant lengthening of the chisel edge. Tests show (Table 1) that a drill with a chisel 
edge angle of 130° will have optimum drill life which will better that of a spiral-pointed 
drill. 

Points with a high chisel edge angle, however, have the disadvantage of being unstable 
at the commencement of drilling, resulting in an irregular shaped dimple and a bell-mouthed 
hole (Fig. 2). The problem is to obtain sufficient chip clearance and to maintain stability. 

Tobias [1] has shown that too low a thrust value can lead to vibration, and from my 
own work it appears that if the chisel edge is substantially perpendicular to the lips this 
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TABLE 2. 8MM DIA. JOBBERS DRILLS. THRUST MEASUREMENTS DRILLING | FT DEEP IN MANGANESE 
TYRE STEEL AT 840 REV/MIN 84IN/MIN FEED 


Conventional points unthinned 


Thinned and unconventional points 


Type of point 


105° C.E.A. 760 


Thrust (Ib) 


Type of point Thrust (Ib) 


105° C.E.A. (T) 


105° C.E.A. 


110° C.E.A. 


105° C.E.A. (T) | 


110° C.E.A. (T) 


110° C.E.A. 


110° C.E.A. (T) | 


120° C.E.A. 


120° C.E.A. (T) 


120° C.E.A. 


120° C.E.A. (T) | 


130° C.E.A. 


130° C.E.A. (T) | 


C.E.A. 


130° C.E.A. (T) 
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150° C.E.A. 150° C.E.A. (T) 


Spiral-point 110° C.E.A. 


Chip relieved | 


110° C.E.A. 
Chip relieved 


Spiral-point 


Spiral-point 


Curved C.E. 


120° C.E.A. 
Curved C.E. 


| 
120° C.E.A. | 


C.E.A. = Chisel edge angle. 
T = Thinned. 


will have a stabilizing effect. The problem, therefore, is to obtain: (a) a point geometry 
which will give sufficient thrust to damp out vibration, (b) the additional stability con- 
ferred by a low chisel edge angle and (c) an adequate chip clearance. An effective com- 
promise can be obtained by varying the clearance angle on the flanks of the drill, having 
a small clearance immediately behind the lips and increasing this rapidly towards the heel. 
This will result in sufficient clearance where it is needed, a well-rounded chisel edge, and a 
chisel edge angle sufficiently low at the centre to give stable cutting conditions (Fig. 3). 
A study of the geometry of a drill point in relationship to the work piece in the chisel edge 
corner zone shows that owing to the lip being considerably in front of centre at this point 
a very high natural clearance is obtained in the order of 25°. This means that the clearance 
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on the flanks of the drill at this point could be negative relative to the drill axis and still be 
positive relative to the work piece. Such pointing is effective providing that the clearance 
angle increases sufficiently towards the advancing chisel edge corners (Fig. 3) to give 
adequate chip clearance. 

Drills point ground in this manner are less affected by unsymmetrical flutes than those 
with high positive lip clearances in the zone of the chisel edge corner. The higher the 


Chip egress 
space 


Chisel edge angle varying low 
at centre,high at chisel edge 
corner 


Clearance angle increasing os 
distance from lip increases; 

gives curved chisel edge and 
increased chip clearance 


Thrust 8mm Grill 487 1b 
Hole size +O-O0! in 


Section “AA” 


Fic. 3. (Performance see Table 1.) 


clearance the greater the difference in lip height caused by fluting errors. If when grinding 
location is from the outer corners instead of from the body of the drill, the effect of lip 
spacing errors at the periphery will be eliminated, and if this is accompanied by a low 
clearance angle in the chisel edge corner zone the difference in lip height will be reduced to 
a minimum with consequent improvement in hole quality (Fig. 3). 

Small errors in lip height do not adversely affect drill life. Drills deliberately ground with 
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a 0-005 in. error gave an equal performance to drills ground with symmetrical points, 
but of course cut considerably oversize. 

Conventional drill points proportioned in the manner described can be conveniently 
and very economically ground on a new design of drill point grinder developed by B.S.A. 
Tools Limited (Fig. 5). Drills pointed on old style grinders can be greatly improved by 
grinding chip escape grooves in the runout side of the flutes (Fig. 4). The latter feature 
differs from conventional thinning in that the cutting edges are untouched. In consequence 
no great accuracy is required and off hand grinding suffices. The effect of thinning on a 
conventional drill point is as follows. If correctly done a substantial increase in drill life 


Local grooves divert chips 
from chisel edge into flutes; 
rake angles of cutting edges 


unaltered 


110° chisel 
edge angle 


Before grooving Thrust 720 |b 
Hole size +0-0015 in 
Bell mouth + 0:0025 in 


After grooving Thrust 416 Ib 
Hole size + 0-0025 in 
Bell mouth + 0-003 in 


Fic. 4. Chip relieving grooves. (Performance see Table 1.) 


will be obtained with a very considerable decrease in thrust. Drill life will be higher and 
thrust lower than with any other type of point including the spiral-point. The holes pro- 
duced with point thinned drills, however, tend to be rather bell-mouthed due to instability 
at the commencement of drilling. 

The investigation leading to this contribution has been made possible by the unique 
flexilibity of the B.S.A. Drill Point Grinder, which enable drill points to be ground with the 
clearances at the outer corners and chisel edge corners to be varied independently over 
a wide range. 


REFERENCE 
[1] S. A. Tostas, Int. J. Mach. Tool. Des. Res. 1, 1 (1961). 
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Relative lip clearances at these 
two points can be varied by 
adjusting relative height of these points 


Lip clearance angle 
varied by adjusting 
angle 


Outer corner Chisel edge corner 


/ 


/ 
Path of drill 
across face of 
wheel 


Inner edge of wheel presents 
as * elliptical form to path of drill 
\ bis ss generating an elliptic curvature 
; on drill flank;this may be varied 
to suit drill size by adjusting angle @ 


Grinding wheel indicated 
by dotted lines 


Fic. 5. Drill point grinder. Method of point generation (B.S.A. No. 0.) 


AUTHOR’S CLOSURE 


THE AUTHOR was very much interested in the discussion presented by Mr. M. D. Kinman. 

Mr. Kinman describes in some detail how the performance of a chisel-point drill can 
be affected by varying the chisel edge angle. He states that his tests results show optimum 
drill life for a chisel-point is obtained when the chisel edge angle is 130°. This, however, 
is the same angle that is normally obtained with most commercial chisel-point drill grinders. 
Mr. Kinman has then verified that these grinders have been producing the best chisel edge 
angle and that the optimum chisel edge angle has been used for years. 

Test results presented in the subject paper were conducted with chisel-point drills 
having a chisel edge angle of 130°. The comparison in performance between the spiral-point 
and chisel-point was therefore made with the best chisel-point geometry and full justice 
was given to it. 

Apparently Mr. Kinman agrees that the chisel-point geometry is not very satisfactory 
because he too proposes a geometry which eliminates the chisel edge. Actually the descrip- 
tion and drawings of the point geometry he proposes approaches those of the spiral-point 
geometry. Further, the principles he states are provided by the spiral-point geometry. 
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The author has noted the values given by Mr. Kinman for drill life, in Table 1. How- 
ever, the criteria for determining the drill life end point are not stated, and as pointed out in 
the author's paper, results of drill life comparisons can vary depending upon the criteria 
which are used for that end point. Also, it is not clear from Table | whether the drill life 
data represent results from a single drill run at each set of conditions or an average for a 
number of drills. This is important because it is a well-known fact that in order to obtain 
a significant average drill life value for a given set of conditions it is necessary to run a large 
number of drill life tests. Further, Mr. Kinman does not state to what accuracies the points 
on the drills were ground or the accuracy of the drill body itself; yet the effect of these 
accuracies on drill life and performance is one of the main subjects covered in the author’s 
paper. Also, the author notes that the feed rate used for these tests were 0-015-0-020 in./rev 
on drills of 8 mm (5/16 in.) diameter, and questions whether these drill life comparisons, 
conducted at these high feed rates, can be related to drill life comparisons conducted using 
a normal feed rate. (The Tool Engineers’ Handbook, 1960 edition, published by the American 
Society of Tool and Manufacturing Engineers, recommends a feed of 0-003 in./rev for a 
5/16 in. drill in manganese steel.) It has been the author’s experience that the results of 
accelerated life tests are not comparable to life tests conducted at recommended cutting 
conditions, particularly when comparing the performance of various drill point geometries. 
In view of all the above facts, it does not appear that any conclusions pertinent to the 
author’s results can be drawn from the data presented in Table 1 by Mr. Kinman. 

Mr. Kinman makes a number of statements on how to eliminate or minimize the effect 
of error in lip spacing on performance. It is the author’s experience that, no matter how 
the drill is held or located, or what kind of point geometry is ground on it, uniform chips 
or symmetrical cutting forces cannot be obtained when the flutes are not uniformly spaced. 
The only way to accomplish this is to grind the drill flutes themselves, making them sym- 
metrical with the drill axis. 

The fact that Mr. Kinman observed no decrease in life with drills having 0-005 in. lip 
height difference is probably due to the fact that these tests were presumably conducted 
under the same extreme cutting conditions as those used for the chisel edge angle life tests. 
If these tests had been conducted using more realistic conditions, then the life of the drill 
would be decreased, as shown by the author’s results. This adverse effect of lip height 
difference in drill life has also been shown by Galloway (see Ref. [3] of the author’s paper). 

The author wishes to thank Mr. Kinman for his discussion and the interest he has shown 
in the work. W.A.H. 
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THE APPLICATION AND EFFECT OF CONTROLLED 
ATMOSPHERES IN THE MACHINING OF METALS 


W. S. HOL 


NOTATION 


diffusion coefficient (cm?/sec) 

diffusivity constant (cm?/sec) 

orthogonal force on tool in direction of cutting (Ib) 
feed force compounded from tool approach angle (Ib) 
orthogonal force on tool at Ls to Fe (Ib) 

length of chip stream (ft) 

component force normal to tool rake face (Ib) 

side thrust load, normal to flank wearland (Ib) 
Zener parameter 

activation energy (cal/mol) 

universal gas constant (= 1-987/cal/deg/mol) 

flow stress—notation employed in Zener equations 
temperature (°K) 

strain rate modified temperature (°K) 

unit volume, flank wear (in*) 


wear rate at tool flank (in?/min) 
power factor 

flow stress (Ib/in?) 

chip thickness ratio 

shear strain 

shear strain rates/min 

tool rake angle 


INTRODUCTION 


THE WEAR process related to carbide-tipped tools has been examined from the aspect of 
avoiding precipitate failure brought about by fusion and plucking wear described by pre- 
vious investigators. Liquid COz introduced to the base of the carbide tip through a calibrated 
capillary tube carried in the tool shank was employed to provide a low ambient temperature 
and an increased temperature gradient through the cross-section of the tip material. It 
thereby reduced the thickness of the shear lamellae formed by sliding contact on its surfaces 
during the cutting process. Fracture wear was significantly reduced; the stability of the 
process made it possible to predict wear rate with improved reliability. 

The proximity of the low-temperature heat source was found to retard crater wear. The 
reduction of section at the cutting edges of the carbide tip prevented the same degree of 
wear limitation and the wear rates observed were in consequence related to flank wear. 


* Assistant Director, Production Development, Ministry of Aviation. 
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A comparison of wear rates was made by employing COz2 cooling, dry machining con- 
ditions and argon gas as an inert shield. 

Four metals, RC130AM, Til55AX, N95 and FV448 were chosen to explore collectively 
their pronounced strain hardenability, diffusion and high heat strength characteristics. 

A stress, strain rate temperature relationship has been derived which expresses stress 
at a constant strain value. This relationship has been applied to a proportionality of wear 
condition to determine wear rate relation to strain rate, normal load temperature and 
activation energy. The derivation improves the Taylor equation by introducing these terms. 
In this paper the relationship is shown to be verified by the tests undertaken with the four 
test materials. 


DESCRIPTION OF METHODS AND EQUIPMENT 


The manner of application of liquid COz as a coolant for single-point carbide-tipped 
tools secures a discriminatory cooling of the cutting surfaces of the tool; no attempt is 
made to cool the chip. Advantage can be taken of the higher machining speeds thereby 
afforded. 

Liquid COs is supplied through a ring main from a 14 ton bulk supply tank (Fig. 1) 
the system being maintained at 1000 lb/in? at a temperature of —5°C. Flexible piping con- 
ducts the liquid to a stainless steel or nickel capillary tubing, calibrated by the sweating 
of a smaller diameter capillary of determined length and approximately 0-007 in. diameter 
at its extremity. The liquid COz is permitted to expand to atmospheric pressure on issuing 
from the capillary, causing a rapid depression of temperature and deposit of COz snow which 
collects in the cavity provided under the carbide tool tip (Fig. 2). The COz snow forms at a 


Capillary Cavity for solid 


/ deposit 


— = = = = — = 


Exhaust vent for 
COs gas 


Copillary holder 
\ 


Shank hole 


Fic. 2. Typical carbide-tipped lathe tool adapted for use with Ce DeCut technique 


temperature of approximately —78°C (—109°F) thereby providing very intense cooling 
which is shown by the freezing of atmospheric moisture at the tool tip. 

As heat is generated by the shear and friction processes of chip forming, the solid CO» 
sublimes into gas, this requiring approximately 250 Btu/Ib and made available by conduction 
of heat from the tool tip. The COz gas generated then escapes from the small vents which 
are usually formed in the side flank just below the tool tip. For reasons which are later 
explained, and as a result of this work, the vents are in some cases directed away from the 
workpiece so as to avoid contamination of the freshly cut metal. 

Consistent with economic tool life the speed of machining adopted is maintained as high 
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Fic. 1. 14 tons COs bulk storage tank with pump for high-pressure liquid COz supply. 
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Fic. 3. Standard lathe tool adapted for use with COs. 
Calibrated CO, capillary tube 
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Fic. 8 (a, b, c). Examples of tool wear when maching titanium RC-130 AM. Plan approach 
angle 45 . 


Depth of cut, 0-100 in. 

Feed rate, 0-010 in./rev 
(a) Dry turning 150 ft/min, 11} min cutting time. 
(b) With CO2—1 hole directed away from tip 150 ft/min. 20 min cutting time. 
(c) With COs and argon 155 ft/min 22-3 min cutting time. 
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Fic. 8 (d, e, f). Examples of tool wear when machining titanium ISSAX. Plan approach 
angle 45 . 
Depth of cut, 0-100 in. 
Feed rate, 0-010 in. /rev 
(d) With COz—2 holes under tip 194 ft/min. 3 min cutting time. 
(e) With COs—1 hole directed away from tip 192 ft/min. 11 min cutting time. 
(f) With COz and argon 200 ft/min. 12 min cutting time. 
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Fic. 10. Flank wear after machining titanium RC-130B using CO2 coolant. 

Surface speed 85 ft/min 
Depth of cut, 0-060 in. 
Approach angle, 0 
Feed rate, 0-005 in./rev 

(a) Titanium carbide. General purpose grade. Chip length, 1050 ft. 

(b) Tungsten carbide. Steel grade. Chip length, 2310 ft. 

(c) Tungsten carbide. Cast iron grade. Chip length, 2310 ft. 
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Fic. 15. Photo-micrographs of titanium 4 Al, 4 Mn alloy, RC130AM for different conditions 
of machining. » 250. 
(a) Machined at 180 ft/min; argon atmosphere. Fine alpha—beta basket-weave 
equi-axed structure. Uniform shear pattern. 
(b) Machined at 180 ft/min; COe at interface; argon shield. Coarser basket weave with 
alpha platelets. 
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Fic. 15—continued 
(c) Machined at 180 ft/min; COz atmosphere emergent from tool. Extended alpha 


platelets. Beta at shear planes. 
(d) Machined at 200 ft/min; argon atmosphere. Alpha platelets. Clearly marked shear 


planes. 
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Fic. 16 (a) Machined at 200 ft/min; COs at interface; argon shield. Extended alpha platelets. 
Beta at rake face and shear plane areas. » 250. 


(b) Rake face ~ 1500. Cutting speed 180 ft/min; COs atmosphere. Carbide nodules 
located at 0-00006 in. to 0-0003 in. from face. 


> ~ 
196 


The Application and Effect of Controlled Atmospheres in the Machining of Metals 61 


as possible. The adiabatic strain rates and order of the shear strains imposed ensures that 
no significant increase in shear stress will occur in deforming the metal, although interface 
temperatures will increase. Carbide-tipped tools are therefore an obvious choice to with- 
stand the high interface temperatures and they were used throughout the series of tests. 
By embodying the capillary and its holder in the tool, the replacement of worn tools is 
simplified since, except for the coupling of the flexible pressure hose to the adaptor at the 
extremity of the tool, no further adjustments are required. 

Typical tools adopted throughout the tests are shown in Fig. 3. For those tests requiring 
liquid COs coolant the tools were drilled in accordance with the description given. 

Argon was employed as a shielding gas during the experiments conducted with titanium 
to prevent suspected absorption of ambient COz into the nascent surface presented by the 
cutting operation. The argon was supplied at the rate of 25 ft?/hr by means of a jet coupled 
to a cylinder through a line of flexible hose, and the tool was modified to accept an attach- 
ment directing the gas flow. 

Throughout the tests the feed, depth of cut and tool geometry were standardized follow- 
ing preliminary tests for each metal investigated. The use of chip breakers was avoided 
throughout the investigations since distortion of the chip flow can cause additional and mis- 
leading wear effects and produces erroneous tool force readings when the lathe tool dynamo- 
meter is employed. 

A Chromel—Alumel thermocouple was employed for observation of the tool—-workpiece 
temperatures, the calibrations being obtained by heating specimens of workpiece material 
and carbide in a small gas-heated furnace constructed for this purpose. Provision was made 
in the design to maintain controlled atmospheres; nitrogen and argon gases were supplied 
in this manner during calibrations. 


THE GENERAL PROBLEMS OF MACHINING TITANIUM ALLOYS 


The difficulties concerned with the machining of titanium alloys lie in a pronounced 
tendency to gall and work-harden. The high coefficient of friction associated with the metal 
has been reported [1]. Hardness is characteristic of the melt, but nevertheless when the 
material is held at elevated temperature it continues to act avidly in absorbing those elements 
which convey a hardening effect. 

Carbon, oxygen and nitrogen are interstitial solutes known to dissolve preferentially in 
alpha-phase titanium, offering substantial strengthening effect with decreasing toughness. 
They increase the strain-rate sensitivity and cause weld embrittlement. Machinability is 
decreased as a result of their presence. In combination with hydrogen the effect of carbon, 
oxygen and nitrogen is magnified, although the effect diminishes with an increase in 
temperature. 

It is considered that the poor fabricity of titanium with high oxygen and nitrogen con- 
tents is caused by the reduction of the slip and twinning systems available for flow [2, 3]. 
Carbon has a limited solubility in titanium, but the solubility in the alpha-phase is increased 
with an increase of aluminium alloy content at temperatures above 600°C. Carbon is more 
detrimental to machinability than the other interstitials, particularly when present in large 
enough quantities to produce free carbides. TiC, however, does not have an appreciable 
strengthening effect so that increased tool wear must be associated with its abrasive qualities. 

The poor fabricity of the material is further diminished by reason of its low thermal 
conductivity, low specific heat and low density; factors which alienate heat removal [4]. 
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Higher machining speeds can therefore only be adopted at the expense of high interface 
temperatures which precipitate galling, increase the strain rate of this extremely strain- 
sensitive material and precipitate conditions which lead to rapid tool breakdown. 

It was considered initially, therefore, that the use of a COs refrigerant medium to cool 
the tool employed in the machining of this metal would extend its useful life, but it was 
evident from the preliminary tests that the expected advantages were not forthcoming with 
the arrangement of cooling employed for this process when machining other metals. It 
was suspected that the COz gas emitted from the emergent ports formed at the side flank 
under the tool tip had intruded at the tool interface, producing a hardening effect, the mech- 
anism of which might well be dissociation of the gas and its subsequent absorption or ad- 
sorption. Whilst this might occur only in traces it could have significant effects when it is 
remembered that the length of the cutting path traced by the tool tip is considerable, so that 
the effect of trace combination would tend to produce an accelerated rate of tool wear. 

Polyatomic gases dissociate at the surface of the metal and diffuse as single atoms; their 
individual solubility when considered as a function of temperature frequently obeys the 
equation: 

D = Doe @/kT 


in which Do and Q are for practical purposes temperature-independent constants, T is the 
absolute temperature and R the gas constant. Dissociation of COz gas prior to adsorption 
or to diffusion into the lattice is therefore a reasonable explanation of the mechanism of 
formation of carbide traces which are regarded as the cause of abnormal wear of the tool 
when titanium alloys are machined at high speeds in the presence of the gas which pervades 
at the interface on emission from the tool after acting as a coolant. The commencement of 


wear of the nature is associated with interface temperatures of 650°C at which diffusion 
commences to be significant. The effect becomes more marked as temperature increases 
(see Fig. 8a, b, c). 


COMPARATIVE TOOL WEAR WHEN MACHINING DRY WITH 
CO, AND WITH ARGON—TAYLOR EQUATIONS 
RC130AM 

These tests were carried out, maintaining the standardized tool form and machining 
conditions. The surface speed was varied between 75 and 200 ft/min. At each speed the tool 
was allowed to cut until an average flank wear land of 0-015 in. was reached, the runs being 
made under dry cutting conditions, with CO2 and with argon shielding applied to a CO2 
cooled tool. 

Figure 4 gives the results, which show that for cutting speeds above 130 ft/min there is 
an advantage in the use of an inert gas which increases with increase of cutting speed. COz 
employed to cool the tool in the method tested continues to act beneficially in maintaining 
tool life providing its emergent jet is directed away from the freshly machined surfaces. Dry 
machining of this alloy at speeds of the order of 180 ft/min, for example, results in an in- 
acceptably low tool life which can be improved by the coolant and shielding methods em- 
ployed. At speeds of 100 ft/min and below the disadvantage compared to a cooled tool is 
not so marked. 

A shielding argon jet applied to the chip-—tool interface offers apparently lower interface 
temperatures for the feeds and depths of cut examined at 104 ft/min, but this effect, in 
relation to tool wear at the range of speeds examined, needs an extended investigation in 
relation to atmospheric contamination (see Fig. 9). 
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Fic. 4. Surface speed vs. tool life for RCI30AM. 
Tool details: cutting edge side rake angle = 10°; plan approach angle = 45° 

carbide: Wimet NS. 

flowrate 15 lb/hr 

argon flowrate 25 ft®/hr 
Linked values show comparable tool life at the same cutting speeds. Taylor equation not 
determinable on account of change point between 100 and 130 ft/min. (Suspected commence- 
ment of carbon diffusion.) 


@ COz and argon 

© COs directed away from tip 

@ Rough ground tool with CO directed away from tip 
< Rough ground tool with COzg and argon 

Vv Dry tool 


Argon shielding of a COz cooled tool offers no advantage at speeds of 104 ft/min and 
below, and this is thought to be associated with the interface temperature falling below 
600°C, at which temperature the interstitial solubility of carbon and oxygen in titanium is 
terminated. The mechanism of entry of the solutes into the metal is explained by their 
ability, on account of size factor, to occupy alpha-lattice sites. 


Ti1SSAX 

The close correspondence of temperatures between dry cutting conditions of machining 
and when COz is employed prevented the effective exploration of the use of argon shielding 
gas. The investigations to determine comparative tool life were therefore aimed to provide 
this information. 

The flank wear rate vs. cutting speed graph for the three conditions of machining is 
shown in Fig. 5. As the cutting speed is increased from 150 ft/min to 270 ft/min tool life, 
represented by 0-015 in. flank wear, varies between 20 min and 20 sec in the case where 
COz is directed at the interface. Redirecting the emergent COs gas so that it no longer 
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Fic. 5. Cutting speed vs. tool life for 1SSAX. 


Depth of cut, 0-100 in. 
Feed, 0-010 in. 
COsz flowrate, 15 lb/hr 
Argon flowrate, 25 ft®/hr 
Tool, Wimet NS 
Taylor equation V7°-134 = 232 for COs directed at interface 


x CO, directed away from tip 
CO, directed at interface 
@ CO, directed away from tip plus argon shield 


impinges at the interface provides a gain factor in tool life throughout the machining range 
of approximately 24. 

As might be expected, the tool life experienced with COz directed from the interface 
borders on the lower boundary of the results obtained by the use of the argon shield. The 
wide banding of the results achieved by the use of argon may be accounted for by the 
general difficulty of maintaining an efficient screen at the interface, the gas being deflected 
by the high-velocity chip stream. 

The results show clearly that the presence of large quantities of COz gas in the vicinity 
of the chip—tool interface creates an advanced rate of wear when Til55AX is machined in 
the range 150-300 ft/min. Argon gas employed as a shield acts beneficially by preventing 
trace amounts of CO, gas becoming absorbed. A factor of the order of 10 is achieved in tool 
life by redirecting the COz flow and using the shielding gas (see Figs. 5 and 8d, e, f). 

{t is also concluded from the wear rates observed when COz is deflected from the tool 
interface that oxygen causes a degree of surface hardening where interface temperatures 
reach a level sufficient to permit this. The effect is minor compared to the effect of carbon 
as can be seen by the comparison with the argon-shielded interface. 
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Fic. 6. Cutting speed vs. tool life for Nimonic 95. 


Taylor equation VT°275 = 171. 
flowrate 15 lb/hr 
Approach angle, 0° 
Depth of cut, 0-1 in. 
Feed per rev., 0-01 in. 
Mean flank wear, 0-015 in. 
Tool Teco, C.L. 

) Dry tool 
@ With COz 


Nimonic 95 

Flank wear rate vs. cutting speed is plotted in log/log form in Fig. 6 for values between 
60 and 120 ft/min. No improvement is effected in wear rate by the use of COg throughout 
the speed range tested, but many tools failed by fracture wear when machining under dry 
cutting conditions and were eliminated from the tests. The logarithmic values of cutting 
speed and wear maintain a closely linear relationship. Tool life at a cutting speed of 120 
ft/min, is shown to be of the order of 4 min, and speeds above this are regarded as im- 
practicable. 

Reference to the cutting-speed interface temperature observations show that no signi- 
ficant change in temperature was recorded throughout the range of speeds for the conditions 
where dry machining and COz cooling are employed. For the same mean interface tempera- 
ture, standardized tool geometry and conditions of cutting, it can reasonably be expected, 
since the chip thickness ratios observed do not vary, that the strain rates applied in the 
chip formation process will be equal for conditions of dry machining and when COz coolant 
is used, provided the cutting speeds correspond; the values of strain rates will also vary 
correspondingly as the cutting speeds are changed. 

Thus the relation between strain, strain rate and temperature for corresponding speeds 
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of machining would be expected to result in the same flow stress, following Zener and Hollo- 
mon [5]. This can reasonably be expected to impose identical wear rates on the tool 
assuming: 

(a) That the wear is governed by the removal of contacting asperities and the fracture 
of micro weldments, which by nature of their dimensions have reached the inter- 
face temperature. 

(b) That no hardening effect which is not reversible by the heat zone ahead of the shear 
plane has occurred, due to the employment of the COz coolant. 

Since the asperity contacts and weldments do in fact form the source of e.m.f. between 
the tool and the workpiece at the flank and rake faces, the assumption with regard to wear 
and temperature appears valid. If hardening by interstitial diffusion had occurred, the effect 
at temperatures associated with higher cutting speeds would have been greater. 

The elimination of tests resulting in rapid breakdown due to fracture wear under high 
stress conditions tends to impair the presentation of the practical advantages when using 
COz coolant, since the majority of failures occurred when cutting dry. As comparative wear 
rate was sought, the basis of interpretation in the tool wear tests must be determined by the 
achieving of the required wear land. 


FV448 

The logarithmic values of cutting speed vs. time in achieving a flank wear of 0-015 in. 
presents a close linear relationship for the speed range examined. For the selected speeds, 
no actual reduction in wear rate could be claimed for cooling the tool by COz as against 
dry machining, although it was extremely difficult to secure tools that could withstand the 
dry machining tests without fracture occurring (see Fig. 7). 

The remarks made in considering the wear pattern of Nimonic 95 relating to temperature, 
wear rate and strain rate equally apply to FV448. Tests have shown that a martensitic layer 
can form on the surface of the material due to the rapid quench effect when COs is allowed 
to escape from the tool in a direction which allows its impinging at the tool-chip interface 
area. The thickness of the layer is, however, of the order of 0-001 in., and undoubtedly its 
effect is removed during the ensuing cut by the heat zone ahead of the shear plane. 


NOTES ON TOOL WEAR AND THE SELECTION OF TOOLS 


If high machining speeds eliminate strain-hardening effect, the resultant interface tem- 
perature and subsequent rapid cooling of the cut surface may bring about the formation of 
surface martensite, and, in the case of the metals which act avidly, the formation by diffusion 
of trace areas of metallic oxides and carbides having an extremely abrasive character. 

Diffusion wear brought about by the formation and plucking of micro weldments 
described by Trent [6, 7] becomes more marked as machining speeds increase, the tempera- 
ture dependent, diffusion process being asssited by replacement at the interface from a 
continuous stream of freshly cut metal so that the micro weldment is assisted by the pro- 
vision of repeatedly furnished vacancies in the crystal lattice which promote diffusion. 
Plucking wear can, however, be significantly offset by the selection of tool—workpiece 
combinations which provide a lower diffusion coefficient, and in the establishment of tool 
wear rates the choice of tool is guided in this respect [4]. For example, it is undesirable on 
account of pronounced welding to select titanium-bearing carbide-tipped tools in the 
machining of titanium (see Fig. 10). 
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Fic. 7. Cutting speed vs. tool life for FV448. 
Taylor equation VT°227 = 892 
Teco EEV tool 
Approach angle, 0 
Depth of cut, 0-100 in. 
Feed per rev., 0-010 in. 
flowrate, 15 lb/hr 
Mean flank wear, 0-015 in. 
© Dry tool 
@ With COz 


Similarly, abrasive wear brought about by the formation of carbides and oxides indicated 
that the harder grades of the type of carbide-tipped tools selected would be profitably 
employed in the case of machining titanium alloys. 

Fracture wear associated with the high stress conditions of particle encounter pro- 
pounded by Burwell and Strang [8] and asperity interlocking described by Bowden [9] and 
Merchant [10] can precipitate the breakdown of a tool after an extremely short life. The use 
of COz as a coolant promotes wear of a micro-transfer character by extending the low 
stress [8] conditions of sliding contact, making it possible to predict wear with greater 
reliability. 

Where COsz cooled tipped tools are employed, crater wear has been found to form com- 
paratively slowly; the tool can be reground many times to rectify flank wear without signi- 
ficant crater wear being experienced. This is undoubtedly due to the larger area and closer 
proximity of the rake face to the coolant medium which provides improved conductivity 
and cooling compared with the flank face. 

Whilst the correlation of crater wear and temperature has been the subject of many 
earlier investigations, it is evident that flank wear could be determined with greater accuracy 
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1 
50 200 250 
Cutting speed, ft/min 
Fic. 9. Graph showing average chip tool interface temperatures with varying cutting speeds 
with RC130AM. Feed and depth of cut remain constant. 
Depth of cut, 0-100 in. 
Feed, 0-010 in./rev 
COz supply, 15 lb/hr 
Argon, 3 lb/hr 
Approach angle, 45° 
in the experiments conducted and was in consequence employed throughout in determining 
wear rte 
Complex sintered carbides containing titanium, molybdenum, tantalum and niobium i 
have been developed to control grain size, improve the strength of bond in the matrix, : + 
reduce stress cracking and diffusion wear. Tool tips among the commercially available ranges * : 
were accordingly selected for the machining of Nimonic 95 and FV448 materials. Be : 
The final selection for wear, temperature and tool force tests was as follows: = 
Titanium alloys Wimet N.S. Pes 
FV448 Teco E.E.V. (Ti, Mo, Ta, Nb) 
Nimonic 95 Teco C.L. (W, Cr) 
THE MACHINING PROCESS AND ADIABATIC Best ode 
STRESS-STRAIN RELATIONSHIP 
With the more reliable control of the wear process afforded, it was considered that the a. 
adiabatic stress/strain relationship deduced by Zener and Hollomon [5] might reasonably + 
be applied to the machining process providing the relationship between stress and the : 
pa.ameter P, which these workers established, could be further improved upon to show a , 
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more direct dependency between stress and strain rate. Since the machining speeds available 
when a COz cooled tool is employed will permit the imposed shear strains to become more 
truly adiabatic, close correspondence with the conditions of applied strain employed by 
the earlier work might be reached and a stress—strain-temperature relationship deduced 
for the machining process. 

Thus, since Zener and Hollomon imply from the two equations S ~ Pz", Pz; ~ y e@/RT 
that there is a dependency between stress and the Arrhenius equation, it is reasonable to 
suppose, when employing the results of the machining tests, that if the applied strain rates 
are assumed to correspond with the conditions under which the tests were conducted by 
Zener and Hollomon, linear correspondence will exist between the logarithm of the flow 
stress of the material at the speed of cutting and the logarithm of the exponential, y e@/”7. 
Strain rate y in this case must be expressed as a function of cutting speed. 

If in addition to the stress—temperature relationship, the relationship between wear rate 
and flow stress propounded by Burwell and Strang [8] is assumed to persist for the machining 
conditions observed, then wear rate for low stress conditions defined by these workers can 
be correlated to the applied strain rate and the relevant interface temperature, in an 
Arrhenius-type equation. This requires that a mathematical relationship should first be 
established, connecting wear rate with strain rate and temperature. To derive this, a 
parameter of constant strain is imposed as a condition for the mathematical approach 
to conform with the Zener constant strain condition. It requires that the term 


k =(Flny — D)/InG 


is regarded as a constant. 

Means were sought to establish that the assumption will not introduce significant error. 
Over widely varying conditions the shear strains encountered in the machining process 
range between 2 and 5 and as such well within the range of values at which the adiabatic 
stress-strain curve for shear stress commences to exhibit a flat characteristic; small strain 
variations will not affect stress values. 

The relationship between stress, strain, strain rate and temperature was first established 
for adiabatic conditions of machining where a constant shear strain is assumed to apply. 
The relationship between wear rate and the exponential, in the form: W/Ny = fe~@/8Tm 
was then developed from which it is possible to determine the activation energy Q. 


The development of the equations is given in the Appendix. 

Velocity-modified temperatures Tm are calculated employing the notation derived by 
MacGregor and Fisher [11], and using as the reference strain rate yo that relative to the 
lowest machining speed. The value of the constant k has been determined to fit experimental 
results relating to torsion tests at varying strain rates for a range of metals by Work and 
Dolan [12] and are shown to be as follows: 


Mild steel k =0-01 
Aluminium 24 ST k = 0-01 
4Al,4 Mntitanium =0-015 


There is no variation in the values & arising between the use of Centrigrade or Fahrenheit 
scales, as can be proved, 
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Thus MacGregor and Fisher can be re-written 


Tm = —k 
vo 
The adoption of standardized tool geometry, depth of cut and flank wear per regrind 
produces a constant volume of metal removed per unit time from the tool. 
Wear rate W is therefore V/t in3/min. 
The normal load N, following Merchant [13], with feed 0-01 in. and depth of cut 0-015 
in. is employed to determine the flow pressure, pm according to Burwell and Strang, 


V=k L 
Pm 
The chip thickness ratios r; are determined by averaging observations made during 
machining and employed to calculate minimum strain rate y. 
A series of five observations was extracted from the appropriate graphs for four metals, 
relating for selected cutting speeds, the tool loads, wear rate strain and temperature. These 
were employed to establish a linear correspondence of the form: 


log (x) (--) log f 


to improve upon the Taylor equation by introducing terms N, 7, Q and Tm. 


Fic. 11. Log W vs. : for RCI30AM. 
Ny in 


@ Zero approach angle—rake face load 
x Zero approach angle—flank face load 
© 45° approach angle—rake face load 
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Correspondence between theory and experiment for the four metals concerned was 
found to be satisfactory. 


RESULTS 


Graphs for the four metals are shown in Figs. 11, 12, 13 and 14. The slope of the curve 
expresses in logarithmic scale to base 10 the value of Q/R, the activation energy divided 
by the universal gas constant. By conversion to base e and multiplying by 1-987 to eliminate 
the gas constant, Q, the activation energy of the tool—-metal coupling, is determined. 

The value of Q in the diffusion process and in the Arrhenius type equation generally is 
known to vary with wide variations of temperature. Diffusion of carbon into the lattice 
structure may be occurring with the RCI130AM material. The remaining metals exhibit a 
linear form. 
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Fic. 14. Log ja vs. . for FV 448. 


METALLURGICAL AND OTHER CORROBORATIVE TESTS 


Hardness Tests 

To enable some degree of correlation to be drawn between the variation in the rate of 
tool wear and the resultant hardness of the material after machining away from the bar, 
tests were taken on mounted and unmounted specimens of RCI30AM chips obtained when 
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machining dry, with COz coolant, CO2 coolant with argon shield and with argon applied 
alone as a shielding gas at the tool-chip interface. 

The machining speed adopted for the production of the chips required for the test was 
200 ft/min, the feed/rev being set at 0-003 in. 

A Tukon microhardness testing machine, using a 136° diamond pyramid indenter and 
with a load of 100 g was employed. Readings were taken on the face of the chip formed in 
contact with the rake face of the tool. Specimens were mounted by fixing to a flat surface 
by means of a thin layer of adhesive. Unmounted specimens were prepared from very small 
flat portions of the chips and employed on a check against the various readings observed 
for the mounted specimens. The results are given in Table 1. 


TABLE 1. 


Micro-hardness 
(DPN, 100 g load) 
Sample 


| Mounted samples Unmounted 
samples 


1. With argon ; :3233.: 353 336 : 370: 366 : 413 : 401 
2. Dry : : 420 : 390 383 : 384: 433 : 405 : 387 
3. With COs | : :387:413 468:455: : 444 : 425 : 405 
4. With COz + argon ; : 572 : 514 429 : 442: : | 421 : 478 : 459 


The tests confirm that a greater degree of hardening occurs generally over the surface 
of the chip when COz is employed in the cutting of 4Al, 4Mn titanium alloy RC130AM 
when comparison is made between the results of mounted and unmounted specimens 
machined under dry cutting conditions and when COsz is used. An argon shield employed 
alone appears to mitigate the hardening effect of atmospheric contamination, although 
it appears that atmospheric contamination is only slight. Argon applied in conjunction with 
COz gas works correspondingly in reducing surface hardness. 

The high hardness numbers and wide divergence figures obtained with the first of the 
mounted specimen where COz and argon was used is thought to show evidence that the 
metal contained small segregations of manganese, a common feature in this alloy. 


Photomicrographs 

Photomicrographs of chip specimens machined at 180 and 200 ft/min with interface 
atmospheres maintained with argon, COz plus argon, and COz were produced to exhibit 
the type of chip formed under the varying conditions. A 45° approach angle tool was 
employed since greater uniformity of cutting conditions could be maintained compared 
to the zero approach angle. The specimens were mounted, lapped and etched with a 2 per 
cent Nital, 2 per cent hydrofluoric acid solution. 

Photomicrographs are given in Figs. 15a—d, and 16a, b. The photomicrographs made 
at a magnification of 250 show a uniformly fine equi-axed basket-weave alpha—beta structure 
for the conditions where argon gas is employed in conjunction with cutting speed of 180 
ft/min. 

The basket-weave pattern is seen to coarsen where COz is employed with argon under 
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the same cutting speed, and some alpha platelets are formed. Beta areas appear to be located 
in the shear planes and adjacent to the rake face. 

With COz applied alone at 180 ft/min cutting speed the alpha platelet formation is seen 
to have extended and the basket weave structure to have disappeared. Unlike the first two 
photomicrographs the sharply defined shear planes separating areas of virtually undisturbed 
material has given place to a generally strained section. Beta along the base and central 
shear plane area is more distinct. 

The photomicrograph resulting from argon employed with a cutting speed of 200 ft/min 
shows extensive alpha platelet formation and sharply defined shear planes whilst that 
related to COz plus argon shows a more massive alpha with beta located in the shear plane 
areas and face adjacent to the rake angle. 

At a magnification of 250 the width of the shear plane spacings is estimated to be 
approximately 0-0025 in. and the width of the glide lamellae to vary between 0-00005 in. 
and 0-00025 in. The spacings are more widely set apart than in the case of steel but compare 
nevertheless with values obtained by Kececcioglu [14]. The lower values of the glide lamellae 
are of the order determined by Freudenthal [15]. 

The sharply defined shear planes enable a comparison to be made between calculated 
and actual values of the angle 4, following Hill [16]. These are found to correspond for the 
chip thickness ratio and rake angle employed, and is possibly accounted for by the approach 
to adiabatic conditions of the strain rate application. 

The photomicrographs present a clear picture of the rigid—plastic areas encountered in 
the machining process, showing well-defined shear plane lamellae confined to a narrow zone 
and dividing adjacent rigid areas which in some cases exhibit an undisturbed matrix, estab- 
lishing that rigid body motion has occurred in their translation along the shear plane. 
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APPENDIX 
Strain, Strain Rate and Temperature Effect on the 
Wear Rate of Tools employed in the Cutting Process 
The general equation of flow stress in relation to strain, strain rate and temperature is 
given by Hollomon and Lubahn [17, 18] 
o = CGT jor ye n (1) 
yo) yo 
The equation introducing constants C, D, E, F, G, and yo which are independent of the 


variables y, y, and T. 
By taking logarithms to base e (In) and re-arranging 


Ino —InC— Elny=TInG+TIn” (D— Finy) 
yo 

Ino —InC—Elny rin 2)| 

’ In G Yo 


Ino —InC— Elny - Tin - kin” (2b) 
yo 
where k = (Fln y — D)/InG and k is constant for constant strain values where, following 
the notation of MacGregor and Fisher [11] for the derivation of a velocity modified 
temperature 7, can be written: 
(3) 


where Tm k In 
Yo 


MacGregor and Fisher postulated that the strain correspondence to a stress at an arbit- 
rary strain rate y and an arbitrary temperature 7 will be the same value as for a test at a 
reference strain rate yo and a temperature 7[1 — k In(y/yo)]. Tension tests at constant true 
strain rates showed that for a given strain, stress was dependent on the velocity modified 


temperature, or that in general 
o Tm, y). 


This agrees with equation (3). 


Hollomon and Lubahn [17] have shown that Q, the energy of activation is a function 
of stress and strain. For constant strain conditions Q is shown to be a function of stress. 


Thus since these workers establish: 
is exactly equal to (4) 
Finy— D R 


where R is the universal gas constant and Q the activation energy: 
By writing from equation 2(a): 
Ineo—InC—Elny 
Finy — D 
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and expressing the L.H.S. of equation (5) as Q/R from equation (4) 


2 InG and where In InG : 
yo RT Flny—D Finy—D 


In 


Transposing, 


eQiRT — P, (6) 
v0 
which is the form expressed by Zener and Hollomon [5, 19]. It will be noted that 1/k the 
inverse of the constant at equation (2b) has been taken as = In Pz. However in correlating 
Zener and Hollomon concerning the parameter relating y and T in the general stress strain 
relations with the concept of velocity modified temperature Tm propounded by MacGregor 
and Fisher it can be shown from equations (2) and (3) that the validity of this assumption 
is established. 


Thus since according to MacGregor and Fisher: 


T Yo 


Tm 


and by disposing of the logarithmic form: 


-T 
ml el/k (7) 
yo 


By equating equation (6) and (7) for common strain rates 


P, e-QRT — el/k 


which since 


In P; = Pz, = eV* then e~@/kT — e-Tm/Tk 


QO Tm 
R k 


Thus with reference to equation (6) the parameter: 


Pz = y 


can be expressed as 


Pz = eUkT m 


For the machining process, the relation between shear stress, strain rate and temperature 
are precisely as stated at equation (2a). Observation of the shear strain values occurring 
show these to be between 2 and 5 and as such well within the range of values at which the 
adiabatic stress strain curve for shear stress commences to exhibit a flat characteristic. In 
assuming a constant value of shear strain for a given tool geometry therefore the value of 
the strain, the limited extent of variation of this strain and the adiabatic rate characteristic 
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contribute towards the elimination of significant errors. Thus to close approximation, equa- 
tion (2b) can be written: 
Ino —InL|, = TIn —kin 
v0 


where L is the sum of constants at constant strain parameter. 
With constant stress values and variable strain rates: 


In oi —InL=7, In —kln 
Yo 


In oy —InL = To In — kin 
vo 
Dividing and equating: 


T> In k In v2) = Tit o(1 — kin 
Yo/ yo 


Employing velocity modified temperatures following equation (3) 


Tim In G — lin In G 


Thus with constant strain and stress parameters: 71m = T2m 


|e@/RT 1m — eQ/RT2| (9) 


19, ¥ 
Thus stress is a function of strain, temperature and Q and the dependence can be expressed: 
| 
|o =f . (10) 


This equation satisfies the correspondence implied by Zener and Hollomon [5, 19] seen 
from the two equations: 


(i) Pz ~ y eQ/RT 
(ii) S~ 


Equation (10) also satisfies the condition postulated by MacGregor and Fisher which 
states that for a given strain, stress is dependent on the modified temperature. 


Strain Rate, Wear Rate and Shear Stress 
Burwell and Strang [8] have postulated on the basis of wear products secured by use 
of the electron microscope that as the result of asperity encounter, particles are removed 
as aggregates of atoms and by dividing the wear process into two stress regions have shown 
for low stress results a constant proportionality, ky, which is regarded as the fraction of 
actual area of contact which results in a wear product. 
Or: 
Wear kp» X Distance 
Normal load Flow stress oN 


where kp is a constant of proportionality. 


By taking time differentials, of 
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Comparing this with the machining process, where a uniform rate of tool wear is con- 
sidered to correspond to low stress results, i.e. wear is dependent on distance machined: 
Then 
W kp V ry 
N o 


(6) 


Where V;p) is the velocity of the chip flow along the tool face. With parameters a, f1, 


strain rate y = V-f(r+) and Vir) = f(y). Thus the wear rate can be expressed in the form: 


Thus with reference to equation (1) it is deduced for the machining process 


= f(c)-O/R7 (11) 
N 
and expressed in logarithmic form: 
W QO | 
In In 12) 
N R | J 


Thus in this form a linear correspondence is deduced to exist between the wear rate, 
strain rate, normal load and temperature. Values recorded for a range of materials at varying 
machining speeds conform the linear function to close accuracy. 
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RECENT PROGRESS IN METAL REMOVAL 
RESEARCH AT CINCINNATI 


M. EUGENE MERCHANT* 


INTRODUCTION 


IN 1958, in his paper “‘Metal cutting Research—challenge and strategy for the future’’ [1], 
presented at the 1958 annual meeting of the International Institution for Production Engin- 
eering Research (CIRP) in Great Britain, the author pointed out that important problems 
challenge the metal removal process in the immediate future—problems which can only be 
overcome by a carefully planned, unified research program utilizing both basic and applied 
research and employing all of the physical sciences and engineering. Take, for example, the 
problem of the presently accelerating trend toward higher strength levels in the work 
material, sired by the necessity for increased utility and performance levels in tomorrow’s 
mechanical equipment. Fig. 1, taken from that 1958 paper, illustrates the catastrophic 
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Fic. 1. Effect of work material strength on national machining costs [for constant (1957) 
U.S. production level.] 


effect which such advancing strength levels could have on the total U.S. machining bill, 
should no corresponding improvement in machining technology take place. Only an effective 
program of metal removal research—the well-spring of improvements in machining tech- 
nology—can control such a sky-rocketing cost curve. Thus, as an example of the type of 
unified research attack needed to meet such challenges as these, the author went on to de- 
scribe the metal removal research program of the Physical Research Department, The 
Cincinnati Milling Machine Co. In the present paper, therefore, we would like to summarize 
a few of the more important or interesting results which have come out of this type of 
program in the last several years. 


* Director of Physical Research, The Cincinnati Milling Machine Co., Cincinnati 9, Ohio. 
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METAL CUTTING THEORY 


In the area of metal cutting theory, a variety of basic research has continued to push 
back the frontiers of our understanding of what happens when metal is cut. However, two 
important advances are particularly interesting for discussion here. The first of these, by 
Colding [2], was described in his paper presented at the 1958 annual meeting of CIRP (for 
which he was awarded the F. W. Taylor Medal of that Institution). He attacked the problem 
of the factors governing the size of the shear angle (and thus efficiency and temperature rise) 
in cutting a given metal, and introduced an important new concept—that of the effect of 
the anisotropy of the work material. Applying Hills’ plasticity condition for anisotropic 
materials, he obtained as a shear angle relationship 


(FH) cot 20 


where F/H = ratio of anisotropy parameters, 2Q = slope of normal at point of tangency 
between Mohr circle and hyperbolic Mohr envelope resulting from plasticity condition, 
a = rake angle, r = friction angle, 6 = shear angle. 

Colding found that F/H, the ratio of anisotropy parameters, seemed quite characteristic 
of the work material being cut and independent of cutting conditions, thus offering the dis- 
tinct possibility of determining this ratio from physical property tests on the material, 
independent of any machining tests. However, the quantity 2Q was found to be a function 
of feed and rake angle, presumably because of temperature effects on the shear plane, thus 
making its direct determination from physical property tests a less likely prospect. 

Exploring another area of metal cutting theory, that of tool geometry, Albrecht [3] 
recently investigated the effect which the natural rounding of the cutting tool edge exerts 
on the force system acting in orthogonal cutting, with surprising results. Through analysis 
and experiment, he found it possible to separate quantitatively the resultant force Q acting 
on the tool face from the resultant force P acting at the rounded cutting edge, the latter 
force being designated by him as the “ploughing force’. The resulting new force diagram 
is shown in Fig. 2. Evaluating the relative magnitude of forces Q and P, Albrecht found, 
interestingly enough, that even though the radius of the naturally occurring rounding of the 
cutting edge normally falls within the range of 0-0001—0-001 in. (or less than 10 per cent of 
the usual uncut chip thickness), the ploughing force P can have a value as great as 50 per 
cent or more of the force Q acting on the tool face. This is shown in Fig. 3, where, from 
observed values of cutting and thrust forces, values of vectors Q and P are plotted. The 
effect of feed (t;) and sharpness radius (r) on the relative magnitude of Q and P can be 
seen. Here, ro corresponds to the natural sharpness radius of 0-0003 in. for the 15° rake 
angle tool and r;, re and rg correspond to sharpness radii of 0-0015, 0-0032 and 0-0048 in. 
respectively. However, it should be noted that the machining experiments from which 
these data were obtained were performed on a steel workpiece—a material which readily 
forms a built-up edge. Traces of built-up edge, which considerably amplify the magnitude 
of the natural rounding of the cutting edge, have been observed even at higher cutting speeds 
than the 600 ft/min at which the data of Fig. 3 were obtained. Thus the natural sharpness 
radius of a cutting tool edge appears to be artificially increased somewhat during cutting, 
if the work material has a tendency to develop a built-up edge. 

This concept of the ploughing force and the revised force diagram of Fig. 2 lead to modi- 
fication of many of the conclusions drawn from the previously employed simplified force 
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Fic. 2. New force diagram arrived at by considering the “ploughing force’’ P resulting from 
the natural rounding of the cutting tool edge. 


diagram based on the picture of a geometrically sharp tool. For example, calculation of the 
coefficient of friction on the tool face (4g) from this analysis indicates it to be independent 
of rake angle (Fig. 4). Further, forces on the flank wear land are found to be small compared 
to either the shearing or ploughing forces, for a “‘sharp”’ tool. It is also found that chip curl 
can be associated with the residual stress introduced into the underside of the chip by the 
smearing action of the ploughing process. 

Still more recently, in a paper presented at the 1960 ASME Winter Annual Meeting [4], 
Albrecht has applied the concept of the ploughing effect to considerations on the mechanics 
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Fic. 3. Vector diagram giving the relative magnitude of forces Q and P of Fig. 2, as plotted 
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radius on these quantities. Cutting conditions:—Orthogonal cutting; Width of cut 0-150 in.; 
Work material AISI 81B45, 180 BHN; Cutting speed 600 ft/min. 
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of cutting. He finds that the bending moment introduced by force Q acting on the chip 
at the tool face has a significant effect on the stress on the shear plane and thus on the 
magnitude of the shear angle. Increase of this bending moment results in decrease of the 


shear angle, and vice versa. Thus, according to Albrecht, deviation of observed values of 


the shear angle from those predicted by the author’s shear angle relationship 
24 = 90° 


based on the maximum shear stress principle, can be essentially accounted for by this 
bending stress. 
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Fic, 4. Calculated values of tool face friction and friction angle for a range of rake angles, 
based on force diagram of Fig. 2, showing constancy of friction coefficient. 


TOOL GEOMETRY 


In the field of research on the cutting tool itself, an important area which has received 
particular attention recently at Cincinnati is that of tool geometry. Two fields, especially, 
are under study here. In one, Ernst and Haggerty [5], investigating what might be done to 
improve the age-old, inefficient geometry of the drill as a cutting tool, developed a new type 
of drill point, the spiral point, which provides much more efficient cutting action by the 
web portion of the drill, resulting in greatly reduced thrust force, a self-centering action and 
prolonged drill life. This development, together with some of the most recent research by 
Haggerty in this same area, extending the usefulness and performance of this new drill 
point, is described in his paper published elsewhere in this issue. 

Another important area in which research on tool geometry is currently under way is 
that of improved cutter tooth shape for the milling of high-strength materials. Sufficient 
progress has already been made by P. Albrecht in this area that, in the carbide milling 
of steel having a Brinell hardness of 400, cutter life can be increased at least five-fold over 
that obtainable with conventional negative rake geometry. However, since this technique 
is still in the laboratory stage, the exact nature of this geometry will not be discussed here. 

Additionally, Albrecht has, in his paper [4] referred to above, pointed up the fact 
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that, in view of the influence on shear angle of the bending moment arising due to force Q 
on the tool face, significant effects on tool life may be obtained by artificially varying the 
length of the contact between chip and tool. Where a built-up edge is present, as in the 
cutting of steel (and the bending moment is thus unusually severe), reducing the chip-—tool 
contact area by relieving the tool face a short distance behind the cutting edge will increase 
the shear angle, reduce tool forces and heat generation, and thus be beneficial. On the other 
hand, in the case where no built-up edge is present and the shear angle is very high, resulting 
in an unusually small chip-tool contact area (as in the cutting of titanium), and thus high 
concentration of heat on a small volume of tool material, artificially extending the contact 
area by decreasing the tool rake angle a short distance behind the cutting edge will reduce 
the heat concentration, more than offsetting the adverse effect of the slightly reduced shear 
angle. It thus should prove interesting and beneficial to explore more fully the possibilities 
of such control of tool face geometry in the future. 


TOOL WEAR 


Since the prime factor limiting the rate of metal removal by cutting tools, and thus 
controlling the cost of such removal, is tool wear, this subject also represents an important 
and continuing area in the Physical Research Department’s program. One of the major 
tools for facilitating such research is the use of radioisotopes to measure and study cutting 
tool wear. This technique, conceived and developed in these laboratories in the early 1950°s 
[6], has been in constant, day in and day out, use for study and evaluation of tool wear here, 
ever since then. Much important research has been done by Paliobagis and Krabacher by 
use of this method in the last several years, and some of the findings have been discussed 
by them in a paper presented at the 1960 SAE Summer Meeting [7]. In one study, a new 
comparison was made of the correlation existing between wear results obtained with the 
radioisotope method and those obtained by conventional tool life testing. The results of 
one series of measurements are given in Table |. Here, comparative tool wear tests were 
run on two pairs of work materials, a pair of cutting fluids and a pair of cutting speeds, 
using both conventional tool life tests in which the tools were run to dullness (0-030 in. 
optical flank wear) and relative tool wear measurements on each pair by the radioisotope 
method, obtained by gamma-counting of total wear products on chip samples, employing 
a well-type scintillation counter. From the relative tool life values given in the table for each 
of the pairs, it can be seen that the radioactive method, based on the wear occurring during 
only a few minutes of cutting, gives results quite in agreement with total tool life tests. The 
good reproducibility of wear data obtained by the radioactive method may also be noted 
from these data. When it is considered that the total time required for the evaluations by 
the radioactive method was only 34 working days, as compared with 21 days for the con- 
ventional tool life tests, the economy of the radioisotope technique is also quite evident. 

In addition to using the radioactive wear technique as a standard method for machin- 
ability evaluations on work materials and cutting fluids, it is constantly being used as a 
research tool for investigating numerous other areas of metal cutting technology. One of 
these has been the problem of the influence of vibration and rigidity on tool wear. In a 
program of research in this area currently under way, one interesting problem under in- 
vestigation is that of the effect on tool life of the rigidity of the cutting tool and its mounting. 
In one series of tests, two tool holders of widely different rigidity were employed. Tool 
holder A, the most rigid one, had a static stiffness of 1-8 « 10° lb/in. and a corresponding 
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TABLE 1. COMPARISON OF CONVENTIONAL AND RADIOACTIVE 
METHODS OF TOOL LIFE DETERMINATION 


ee Tool life | Relative tool life | Relative tool life 
Conditions 
quaiented for 0-030 from as determined by 
: flank wear, minutes | flank wear tests radioactive method 


AISI 1117 970 

and 0-64 0-96-+.0-08* 
AISI 1018 1510 | 
AISI 81B45 450 

and 0-12 0-12+.0-01 
AISI 1117 1510 
Emulsion-type 

cutting fluid 470 | 

and 1-33 1:78--0-08 


Cut speed 


50 ft/min 345 
and 3-43 3:10-0:16 
100 ft/min 41 


* Uncertainties are based on 90 per cent statistical confidence limits. 


natural vibrational frequency of 28,000 c/s, while tool holder B, the least rigid, had a stiff- 
ness of 8-5 = 104 Ib/in. and a natural frequency of 3700 c/s. Results obtained under one 
set of test conditions are given in Table 2. It can be seen, as might be expected, that rigidity 
has a significant effect on tool life. However, the most interesting fact brought to light here, 
and borne out by other series of evaluations made in this investigation, is that the effect of 
rigidity on tool life is greatly influenced by the size of the optically measured wear land on 
the flank of the tool. 

Study of the mechanisms of tool wear by use of radioisotopes is also continuing. For 
example, as demonstrated in the early work, autoradiographs of chips cut with radioactive 
tools make possible the study of the nature and distribution of the wear particles which 


TABLE 2. EFFECT OF RIGIDITY ON TOOL LIFE 


Test conditions : Work material = AISI 81B45; Cut 
speed = SO ft/min; Feed = 0-008 in./rev; Tool = 
H.S.S., Orthogonal cut + 10 rake, 7° clearance. “G 


Optical flank | Relative tool life 
wear on tool Least rigid tool holder 
Most rigid tool holder 


0-004 1-38-+-0-09 
0-010 1-93+0- 13 
0-017 1°52+0-12 
0-022 0:87-0:10 


Integrated value 0O—0-030 flank wear 1-35 
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Fic. 5. Autoradiographs of turning chips cut with radioactive tool, showing effect of feed 
on size and distribution of wear particles. 
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have come from the tool. Typical autoradiographs from a recent study of the effect of feed 
on wear of the face and flank of the tool are shown in Fig. 5. These chips were obtained 
from turning tests on AISI 1018 steel. The most important fact evident from these auto- 
radiographs, and confirmed by similar studies on chips from other types of steel, is that the 
concentration of wear particles per unit area of chip surface decreases rapidly with increasing 
feed, whereas the physical size of the wear particles increases with feed. This fact correlates 
with, and helps explain, the well-known non-proportional increase of tool wear rate with 
increasing feed. 


HOT MACHINING 


The importance of the problem of finding ways to machine, readily and economically, 
materials of very high strength has already been highlighted in connection with the dis- 
cussion of Fig. 1. One promising means of easing the machining of such materials is to 
reduce the shear strength of the metal in the immediate vicinity of the shear plane through 
local heating of the work material just ahead of the cutting tool—so-called “‘hot machin- 
ing’’. In 1951, Krabacher and the author [8] reported on exploratory investigations carried 
out in our laboratories aimed at defining the fundamentals of the process. It was demon- 
strated very clearly that tool life can be substantially increased in the milling of high- 
strength metals by this technique. Further, it was found that the local heating of the work 
material proves beneficial because the resulting reduction of shear strength of the metal on 
the shear plane decreases the force on the tool and the temperature rise of the chip during 
its formation, with the consequence also that the increase in tool—chip interface temperature 
is not necessarily as great as the imposed increase of work material temperature. 

In 1957 a research program was undertaken, therefore, to determine the potential of this 
process for the practical machining of currently important high-strength materials, and to 
develop it for such application—the most recent phases of this program being supported 
by the Manufacturing and Materials Technology Division, AMC Aeronautical Systems 
Center, United States Air Force. In this research program, carried on by Pentland, Wenn- 
berg and Mehl [9], three types of work materials have been investigated to date, namely 
a low alloy martensitic steel (AISI 4340), a hot-work die steel (Thermold J) and two semi- 
austenitic precipitation hardening stainless steels (17-7 PH and 17-4 MO). (Investigations 
on cobalt and nickel base alloys and refractory metals are now under way, also.) The 
workpieces were machined in various heat-treated states, at hardness values in the range 
from 350 BHN to 600 BHN and three operations have been studied, namely face milling, 
turning and drilling. Several different heating techniques have been investigated, including 
furnace heating, flame heating, radio-frequency resistance heating and induction heating. 

The results obtained by this research team to date show considerable promise for the 
process. In turning, substantial improvement in tool life by elevation of the workpiece 
temperature has been obtained in the case of all three types of work materials. For example, 
tool life increases as great as twenty-fold over that observed at room temperature were 
found when cutting AISI 4340 at 600 BHN at temperatures up to 900°F, using induction 
heating and sintered carbide tools (Fig. 6). A forty-fold increase in tool life resulted when 
workpiece temperature was raised from 76 to 800°F, using r.f. resistance heating in the 
turning of Thermold J of 600 BHN with ceramic tools (Fig. 7). It would appear, therefore, 
that for continuous cuts, such as in turning, ceramic tools, with their excellent temperature 
resistance, might have considerable potential for application in hot machining. In face 
milling, again, all materials showed very significant improvement of cutter life by application 
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Fic. 6, Effect of localized induction heating on tool life in turning low alloy martensitic 
(4340) steel of 600 BHN (59 Rc.) with sintered carbide tool. Note twenty-fold increase in 
tool life. 


of heat to the workpiece. For example, by locally heating the work material to 1000°F just 
ahead of the cutter, using an induction coil, in carbide milling, the 17-4 MO of 380 BHN 
was found to mill, at equivalent tool life, at as high a metal removal rate as mild steel at 
room temperature (Fig. 8). Above a certain limiting temperature, in either turning or 
milling, tool life began to decrease with further increase in temperature. This limiting tem- 
perature is associated with the onset of welding between chip and tool; it occurred at 
approximately 1100°F in the case of the milling tests. 

In drilling, the initial research has shown considerably less promise than for milling and 
turning, this result being primarily due to lack of any good means, to date, of producing 
localized heating just ahead of the cutting edges of the drill, at the bottom of the drilled 
hole. Tests to date, then, have been confined to furnace-heated samples. Little success has 
been obtained with carbide drills, but high-speed steel drills on 17-4 MO gave optimum 
performance at 300°F, where a three-fold increase of drill life over that obtained at room 
temperature resulted. 
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Fic. 7. Effect of localized radio-frequency resistance heating on tool life in turning hot-work 
die steel (Thermold J) of 600 BHN (60 Rc.) with ceramic tool. Note forty-fold increase in 
tool life. 
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Fic. 8. Effect of localized induction heating on tool life in face milling semi-austenitic precipi- 
tation hardening stainless (17-4 MO) steel of 380 BHN with carbide cutter. Note comparison 
with tool life for mild (C1018) steel (dotted line). Constant feed = 0-0065 in./rev. Face milling 
single-tooth cutter, 370 carbide. 

With regard to the problem of the effect of hot machining on the workpiece properties, 
no detectable change in microstructure was found on examination of hot-machined speci- 
mens. However, microhardness checks showed that tempering occurred when the original 
tempering temperature of the work material was exceeded. The depth of this tempering, 
however, varies with the material and duration of heating, and in the usual case presents no 
serious problem if highly localized heating techniques, such as r.f. resistance heating, are 
used. 

With regard to heating techniques, this research team has found, to date, that while 
high-frequency induction heating is a satisfactory method for controlling and maintaining 
localized heat, it is somewhat limited by the extent of concentration that can be obtained. 
On the other hand, r.f. resistance heating appears to have considerable potential, since 
localization and control of heat can be achieved without many of the disadvantages of 
induction, flame or arc heating. However, it should be noted that the applicability of both 
induction and r.f. resistance heating are limited by the permeability of the materials to be 
machined, thus hampering their use on such low permeability materials as the refractory 
metals. 

Because of the promise shown to date, this research program on hot machining is being 
continued, under Air Force sponsorship. In this work, particular emphasis is being placed 
on investigation and development of other techniques for further localizing the heated zone 
to the immediate region of the shear plane. 


NEW METHODS OF MACHINING 


With the challenges faced by the machining process today becoming more pronounced 
and clearly defined than at any previous time in history, and with the need for performance 
capabilities of the process to improve at an exponentially increasing rate, as they have in 
past history, it is evident that metamorphosis of the conventional machining processes as 
we know them today must inevitably occur, and that new types of machining processes, to 
supplement conventional edged-tool machining, must be brought into being and be enabled 
to play an increasingly important role in future manufacturing technology. With these facts 
in mind, it is not surprising that a very significant part of the metal removal research pro- 
gram of our Physical Research Department is devoted to basic and applied research on 
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new methods of machining. However, because of the newness and potential of such pro- 
cesses, there is of course, unfortunately, less that can publicly be told about such research 
and its findings, at this time. However, such information about the nature of certain phases 
of this work, and of the results being obtained, as can be given at this time, may be of 
interest here. 

Of the new machining processes coming into use in manufacturing today, electro- 
discharge machining (EDM) is the most technically advanced, to date. Research reported 
by Williams [10] in 1957 established the primary metal-removal mechanisms in this process 
as localized melting and vaporization by the energy released from the tiny electrical dis- 
charges occurring between tool and work (see Fig. 9). Based on understanding of the 
fundamentals, resulting from this research and more recent investigations by P. E. 
Berghausen, the Laboratory’s current program of research is aimed at increasing metal 
removal rates, reducing tool wear, and improving surface finish, through advancements in 
the technology of the power supply characteristics, the tool material and the dielectric fluid. 

One of the newest metal removal techniques under investigation at Cincinnati is that of 
electro-chemical machining (ECM). In this process, metal removal is effected by direct 
electrolytic action occurring between the workpiece and an electrode having the desired 
contour of the shape to be imparted to that workpiece, the two being closely coupled so that 
electrolysis takes place across a gap of only a few thousandths of an inch. Advantages are 
that no tool wear occurs, that metal removal capabilities are independent of the work 
material strength, and that metal removal rates are seemingly limited only by the amount 
of current supplied and the ability to carry away the resultant heat. Even at this early stage 
of development, penetration rates of 4 in/min, or more, and accuracies of -+-0-002 in. are 
readily obtained on simple shapes in the machining of steel. 

Coming now to the fringes of present knowledge, many other principles and techniques 
are under scrutiny for their potentialities for development into precision machining pro- 
cesses for the future. Such phenomena as the concentrated energy of the plasma jet, the 
erosive action of high-velocity jets of fluid, or the destructive action of focused shock 
waves may indeed be seedling forerunners of tomorrow’s new precision machining processes. 
Only time and a well-organized, unified metal-removal research program will tell whether 
these or other as yet unexplored techniques hold the key to future advances in machining. 
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MECHANICS OF METAL CUTTING 


P. L. B. 


THE PLANE STRAIN STEADY MOTION PROBLEM 


IN PRACTICE, three dimensions are usually needed to specify the geometry of the tool cutting 
edge relative to the direction of cutting, and the geometry of chip formation (metal removal) 
is extremely complex, with not even the direction of chip flow given by simple geometrical 
considerations. It is therefore not surprising that research in mechanics of metal cutting 
has usually been limited to the relatively simple two-dimensional case of orthogonal cutting 
in which the cutting edge is parallel to the work surface and perpendicular to the direction 
of cutting. If the depth of cut is small compared to its width the problem is then essentially 
one of plane strain. 

The cutting process taking place is characterized by the type of chip produced which 
following the well known Ernst [1] definition can either be discontinuous, that is, made up 
of segments as a result of fracture; continuous, that is, formed by a continuous plastic flow; 
or continuous but with a “‘built-up edge’? which builds-up and breaks-down in a cyclic 
fashion. Only the second of these processes can be regarded as a steady motion problem and 
it is therefore again not surprising that attention has been concentrated on cutting with 
this type of chip under plane strain conditions. 


SHEAR PLANE SOLUTIONS AND IDEAL SLIP-LINE THEORY 


From the evidence of photomicrographs most workers have assumed that the formation 
of a continuous chip can be represented as shown in Fig. 1, with the chip formed by simple 
shear across a shear plane AB. For a given tool rake angle a and depth of cut ¢ the geometry 
of Fig. 1 is not completely specified unless either the angle of inclination of the shear plane 
with the direction of cutting ¢ or the chip thickness T is known. 

Various solutions have been proposed for ¢ and perhaps the best known of these is that 
due to Merchant [2]. By assuming that ¢ would be such as to make the expenditure of work 
a minimum Merchant obtained the relation: 


(1) 


where A is the angle of friction at the tool—chip interface. On finding this expression in poor 
agreement with experimental observations he proposed that the shear strength of the work 
material would be dependent on the normal compressive stress acting on the shear plane. 
Thus he obtained the relation: 

24 = cot!K-+a—A (2) 


where K is the slope of the curve of shear strength against normal stress. Unfortunately 
the value of K required to satisfy cutting data has not been confirmed by independent tests. 


* Lecturer, Department of Mechanical Engineering, Manchester College of Science and Technology. 
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In terms of ideal slip-line theory, in which a plastic—rigid non strain-hardening material 
is assumed, the shear plane which is a velocity discontinuity is a slip-line, that is, a plane of 
maximum shear stress and maximum shear strain rate, and the variation of mean normal 
(hydrostatic) stress p along it is given by the equation: 


p + 2k = const. (3) 


Work B 


Cutting direction 


Fic. 1. Shear plane model of chip formation. 


where & is the maximum shear stress (assumed constant), and uw is the orientation of the 
slip-line to some datum direction (see Ref. [7] for sign convention). As y% is constant for a 
straight slip-line the stress p, according to equation (3), will be constant along AB (Fig. 1) 
and the resultant cutting force will pass, as shown, through the centre of AB. Such a stress 
distribution is implicit in all shear plane solutions. 

In their analysis Lee and Schaffer [3] again assumed that all the deformation occurred 
across AB but that a triangular plastic zone existed above AB with its apex at A and with 
slip-lines parallel and normal to AB. They further assumed that the full cutting force was 
transmitted over the base of the plastic zone in contact with the tool. From these assump- 
tions it follows that the state of stress in the plastic zone is constant, and that the normal 
compressive stress p on the shear plane is equal to the shear stress k. Hence the resultant 
cutting force should be inclined at an angle of {7 to AB, and from simple geometry: 


(4) 
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For certain cutting conditions Lee and Schaffer observed that the resultant cutting force 
was inclined at an angle greater than {7 and assumed that a small stable built-up edge was 
responsible for this apparent discrepancy with equation (4). Taking this into account they 
obtained the equation: 


(5) 


where @ measures the size of the built-up edge. 
In satisfying experimental data over a wide range of cutting conditions @ would have to 
assume negative as well as positive values, and of course a negative value would be meaning- 


less in terms of built-up edge. 

Shaw, Cook and Finnie [4] suggested an equation identical in form to equation (5) but 
in which the @ term measured not the size of built-up edge but the deviation of the shear 
plane from the direction of maximum shear stress (which they assumed was given by 
equation 4) and this, they argued, could have positive or negative values. Equation (5) can 
then by its very nature be fitted to experimental results but lacking an independent measure- 
ment of the deviation of the shear plane from the direction of maximum shear stress is of 
no real practical significance. 

No existing shear plane solution is successful in predicting over a wide range of cutting 
conditions the shear angle ¢ in terms of independently measurable parameters. It appears 
that even a successful solution of this type would have limited application and although 
enabling the cutting force to be calculated (assuming the shear strength along the shear 
plane was known) would throw very little light on such important factors as residual 
stresses in the machined surface, built-up edge formation, tool life, etc. 


OBSERVATION OF CHIP FORMATION DURING ACTUAL CUTTING 


The shear plane assumption of chip formation is mainly based on the evidence of photo- 
micrographs which are obtained using quick stopping techniques, and therefore represent 
stopping rather than steady cutting conditions. It is also difficult to pick out, from the 
deformed crystal structure, the exact shape and size of the plastic zone, and especially the 
boundary between this zone and the chip. 

In recent investigations [5, 6 and 7] these difficulties have been overcome by taking ciné 
pictures through a microscope of the side of a cut during actual cutting. The viewed side 
of the work was polished and etched and on subsequent projection of the ciné films it was 
found possible to follow individual crystals, not only in the work, but also in the plastic 
zone and chip. In this way the streamlines of flow could be plotted and a record of the 
deformation obtained. 

An obvious criticism of this method is that the deformation observed is not typical of 
planes removed from the edge, because of side spread at the edge. To check the effect of 
side spread on the observations the chip and work velocities were used to estimate by con- 
tinuity the true chip thickness, and this was compared with the apparent chip thickness. 
It was found that for rake angles larger than 30° the observed deformation could be con- 
sidered as representative of the process, but that care should be taken in using smaller rake 
angles. 

Figure 2 shows a typical record of the deformation obtained by this method. The 
boundary AB between the plastic zone and work was clearly visible on the projected picture 
because of the change in reflecting power of the polished and etched work as it entered the 
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plastic zone. Its position was further checked by noting the points of departure of the 
streamlines of flow from the straight line flow in the undeformed work. The end of plastic 
flow on each streamline and hence the boundary CD between the plastic zone and chip were 
found by noting where the flow began to follow the rigid flow of the chip. 

As can be seen the plastic zone ABCD is of substantial width and roughly triangular 
in shape with its apex near the cutting edge, and with the streamlines of flow following 
smooth curves from the work into the chip. 

The chip was found to be “‘born”’ curled in the plastic zone (a point neglected in all 
shear plane solutions) with the streamlines of flow in the chip following circular arcs which 
could be drawn from a common centre. From this observation Palmer and Oxley [6] 
assumed that the distortion of the chip by the tool was essentially elastic in character with 
local elastic flattening of the chip by the tool and with the resultant cutting force passing 


Fic. 2. Typical record of deformation. « = 40° t = 0-0118. 


through the centre of the contact (as shown for the observed force in Fig. 2). A calculation 
of the tool-chip contact zone by applying the Hertzian result for a cylinder on a plane 
showed that the contact did not extend down to the cutting edge, and it was suggested that 
a gap existed between the chip and tool in the region of the cutting edge. 

By applying the hodograph property of slip-lines (i.e. two adjacent points in the plastic 
zone are on the same slip-line if their relative velocity cuts the line joining them at right- 
angles) to the observed flow in the plastic zone a slip-line field was constructed [6] which 
was satisfactory from a point of view of velocity; the velocity gradient at exit to the plastic 
zone checking within experimental error with the observed chip curvature. 

From the point of view of internal consistency of stress, however, a major inconsistency 
between ideal slip-line theory and the observed plastic zone (Fig. 2) can be immediately 
seen. AB and CD are slip-lines of the same family and according to the well known Hencky-— 
Prandtl theorems must curve in the same sense. The conflicting curvatures of AB and CD 
are therefore inadmissible according to ideal theory. 
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Ideal slip-line theory can also be applied to calculate the force transmitted by the 
boundary slip-line AB, which in the absence of upthrust on the base of the tool should be 
equal to the observed resultant cutting force. From the free surface condition at A it follows 
that the hydrostatic stress p at this point will be equal in magnitude to the maximum shear 
stress k and from physical considerations will be compressive. The hydrostatic stress along 
AB can therefore be calculated by starting from A and applying equation (3). The shear 
stress along AB is of course the maximum shear stress k, and hence the force across AB 
can be found. The direction of this force is shown in Fig. 2 and can be seen to be very 
different from the observed direction; the normal compressive force on AB having been 
greatly overestimated. 


SLIP-LINE THEORY 


STRAIN-HARDENING 
In strain-hardening slip-line theory [5, 6 and 7] the slip-lines are still assumed to represent 
the directions of maximum shear stress and shear strain-rate, with the material incompres- 
sible in the plastic state (i.e. the hodograph property as stated above still applies), but the 
maximum shear stress k is no longer assumed constant. Allowing a variable k equation (3) 
becomes: 


p + 2kp + | 5S2 const. (6) 


' 

" 

a 


Fic. 3. Distribution of hydrostatic stress on AB. 


where 0k/0S, represents the rate of change of A normal to the considered slip-line, and 
5S2 is measured along the slip-line. The variation of the hydrostatic stress p along a slip- 
line now depends not only on the change in ¥ but also on the rate of change of k normal 
to the slip-line. In practice A may vary because of temperature, rate of strain, etc., but in 
the investigations considered [5, 6 and 7] cutting was at the low speed of 0-5 in/min and the 
variation in k was assumed to result entirely from strain-hardening. 

Before equation (6) (and the corresponding equation along the other family of slip- 
lines) can be applied to calculate the stresses throughout the plastic zone the value of k 
at each point has to be found. The method used was to integrate the effective strain rate, 
which was calculated from the known velocities of flow, along a streamline to give the effec- 
tive strain at the point considered, and then to refer to an effective-stress—effective-strain 
curve to find k. In this way and by applying the stress equations it was found that the slip- 
line field constructed to satisfy velocity within the plastic zone ABCD (Fig. 2) was consistent 
for stress, except in the region of C where the chip was always observed to crack during 
cutting. 

A striking feature of the strain-hardening analysis is the calculated distribution of hydro- 
static stress along AB. The change in y is such as to give a compressive increment to p but 
the strain-hardening term gives a tensile increment which becomes increasingly large as the 
cutting edge is approached. The resulting stress distribution is shown in Fig. 3, and can be 
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seen to vary from compression at A to tension at B. This stress distribution gives a cutting 
force direction (Fig. 2), similar to the observed direction, and by taking moments of the 
stresses about the cutting edge Palmer and Oxley showed that it acted approximately 
through their assumed centre of elastic flattening. They concluded that the process could be 
represented diagrammatically as shown in Fig. 4, with the chip formed by combined bending 
and shearing as opposed to the simple shear of the shear plane model of chip formation. 
More recent work (7) suggests that the cutting force acts nearer the cutting edge (Fig. 2) 
than is given by assuming elastic flattening, and that the chip is in contact with the tool at 
the cutting edge with a plastic state of stress at the tool-chip interface. However, the main 
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Fic. 4. Strain-hardening model of chip formation. 


conclusions regarding the hydrostatic stress distribution along AB, the general shape of the 
plastic zone, and the idea that the chip is formed by combined bending and shearing were 
confirmed. 

The idea of a tensile plastic field adjacent to the cutting edge throws new light on the 
cutting problem. Palmer and Oxley applied continuity to determine the deformation of a 
square grid as it passed through this field (Fig. 5), which even for machining without a 
built-up edge extended into the uncut work. The deformation of the grid (Fig. 5) indicates 
a very heavy straining of both the inner face of the chip and the newly machined surface 
which is very similar to that shown by photomicrographs of this region (e.g. Fig. 6). It has 
been usual to assume that this deformation resulted from “rubbing” at the tool-chip 
interface and between the clearance face of the tool and the newly machined surface. How- 
ever, it can now been seen that this type of deformation is basic to the process and that 
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Fic. 6. Photomicrograph of region near cutting edge. 
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Fic. 7. Photomicrograph showing cracks along tool-chip interface. 
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although “‘rubbing”’ could increase the deformation it is not the primary cause. If local 
fracture occurs in the regions A and B (Fig. 5) and not at C as it does for the cutting con- 
dition shown it is not difficult to visualize a mechanism for the formation of a built-up edge 
with the heavily deformed layer of material between A and B forming the base of the 
built-up edge and with subsequent layers being stretched around this first layer and thus 
““building-up”’. The proposed tensile field therefore appears to be the starting point for in- 
vestigations regarding the deformation and hence the residual stresses in the machined 
surface and also for investigating the formation of a built-up edge. 


Fic. 5. Deformation of square grid plotted through tensile field at cutting edge. 


CUTTING WITH A DISCONTINUOUS CHIP 


It is well known that when machining a ductile material such as mild steel, quite small 
changes in the cutting conditions, for example, a decrease in the tool rake angle or an in- 
crease in the depth of cut can bring about a transition from a continuous to a discontinuous 
chip. A notable attempt to explain this transition within the framework of the shear plane 
model of chip formation (Fig. 1) was made by Field and Merchant [8]. They observed that 
at the start of cutting the shear plane angle ¢ decreased. A decrease in ¢ indicated an increase 
in the strain given to the chip and they suggested that at a critical value of strain, the exact 
value depending on the mean normal stress on the shear plane, the chip would crack. They 
then reasoned that if the steady state value of ¢ is greater than the value giving critical 
strain a continuous chip will result, whereas if ¢ falls to this value the chip will be dis- 
continuous. Unfortunately this analysis does not give good quantitative agreement with 
experimental results. In particular it does not account for the frequently observed case 
where the crack extends only partly through the chip (Fig. 7), that is, it would be expected 
that with the constant state of stress and strain implied by the shear plane model, the chip 
would be either completely continuous or completely discontinuous. 

In a recent investigation [9] using the photographic method described above [5, 6 and 
7] increasing depths of cut were taken with all other cutting conditions constant (rake angle 

35°; cutting speed = 0-5 in/min; work material = planished mild steel). It was found that 
the chip was continuous up to a depth of cut of approximately 0-007 in. at which stage slight 
cracks occurred in the face of the chip in contact with the tool. An increase in depth of cut 
above this value gave deeper cracks and with depths of cut of the order of 0-020 in. the 
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Fic. 8. Distribution of hydrostatic stress along the boundary slip-line AB. 


cracks extended far into the chip and in some cases the chip was completely fractured. 
Fig. 8 shows the corresponding hydrostatic stress distributions along the boundary 
between the work and plastic zone (AB, Fig. 2) calculated using the strain-hardening 
equation (6). The values of the tensile stress at B (which should only be taken as indicating 
the approximate magnitude of stress in the region of the cutting edge) are plotted against 
depth of cut in Fig. 9, and can be seen to increase with increase in the depth of cut. As the 
total strain of the chip was found to be approximately the same for all depths of cut it 
seems reasonable to conclude that the value of tensile stress was important in deciding 
whether or not fracture occurred. That the cracks should start at the inner face of the chip 
and their depth increase with increase in the depth of cut is as would be expected from 
the stress curves given in Fig. 8, that is, the deeper the tensile field the deeper the crack. 
As stated previously these observations are entirely inconsistent with the shear plane model 
of chip formation. 


CONCLUSIONS 
Direct observation of the plastic zone during actual cutting and the introduction of 
strain-hardening into the slip-line theory has led to a physically consistent model of chip 
formation very different from the shear plane model. The idea of a tensile plastic field near 
the cutting edge has given at least qualitative explanations for the deformation of the 


Depth of cut, 1073 in. 


Fic. 9. Hydrostatic tensile stress near cutting edge. 
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newly machined surface, the formation of a built-up edge, and the transition from a con- 
tinuous to a discontinuous chip, and appears to offer a starting point for a real understanding 
of these effects. 

It might be argued that under commercial cutting conditions the cutting speeds and 
hence the rates of straining are very much higher than in the reported work [5, 6 and 7] 
and hence that strain-hardening will become less important and can probably be neglected 
altogether. However, it has recently been shown [7] that the value of the strain-hardening 
term in equation (6) is not directly related to the slope of the plastic stress-strain curve 
and that although the change of maximum shear stress (0k) at higher rates of strain will be 
smaller for a given strain the width of the plastic zone (0S;) may well decrease proportion- 
ally and give a strain-hardening term of the same order of magnitude. In other words al- 
though at high cutting speeds the plastic zone can be expected, and is in fact observed, to 
decrease in width and to approximate to the shear plane model of deformation it would be 
most unsafe to assume that the normal stress distribution approached that of the shear plane 
model namely, a constant compressive stress. There is, therefore, good reason for supposing 
that many of the features discussed in this paper will still be relevant under commercial 
conditions. 
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THE DESIGN OF A HIGH PERFORMANCE 
POSITION CONTROL SYSTEM 
FOR MACHINE TOOL PROFILING OPERATIONS 


J. K. Royte* and A. CowLeyt 


1. INTRODUCTION 


[He LAST decade has witnessed the impact of modern electronic and automatic control 
techniques on the design of machine tools and there is now a considerable volume of 
literature on the subject. As with any new and developing techniques in engineering, the 
economic considerations, including capital and operating costs, must be carefully weighed 
against the technical advantages, in both quality and quantity, of the finished product. 

An important class of automatically controlled machines is that of positional control 
and this category includes both point-to-point static positioning systems [1] or setting 
systems and the more complex continuous positioning systems [2]. The former class has 
been particularly applied to boring machines [3] and the latter class is concerned in general 
with profiling on milling or grinding machines in two or three dimensions. In general, a 
two-dimensional shape can be defined to any degree of accuracy by two independent sets 
of co-ordinate points. A set of points may be closely spaced or it may be more widely 
spaced and include provision for interpolation. An example of the former is the Moiré 
fringe grating method [2, 4] for digital measurement, and the latter system could consist 
of Moiré fringe measurement with interpolation [2, 4] or the linear Inductosyn [5] with 
provision to distinguish the null points which depend on the pitch of the windings. 

Ideally the measurements of a profile in the process of being formed by metal removal 
would be taken at the surface of the metal. In practice, it is necessary to measure, in effect, 
the position of the centre of the cutter relative to a defined datum in the workpiece. It will 
be assumed that due compensation is allowed for the diameter of the cutter or grinding 
wheel and that two independent cartesian co-ordinates specify, for example, the position 
of a table moving the workpiece along one axis and the position of a cutter along an axis 
at right-angles. The precise location of the measuring elements on a machine tool depends 
upon the particular machine. If the movements of the table or workpiece are generated by 
rotation of a lead screw, the linear displacement is sometimes assumed to be measured by 
the angular rotation of the lead screw by, say, a coded digitizer disk, or other means. The 
assumption of an orthogonal cartesian frame of reference implies that the slideways of the 
machine should be rectilinear and precisely aligned and departures from this ideal state of 
affairs imply that corrections may be necessary to eliminate the machine errors [6]. 

In terms of servomechanism theory, a drive system must be constructed along each axis 
to position accurately and continuously a large mass according to the demand of an input 
signal impressed on a magnetic tape. In one sense, such a servo system differs from the 
majority of servos in other fields, in that ‘tone knows what is coming” and it might appear 
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that there is no excuse for any error in the finished product. Theoretically, if the input signal 
supplied to each axis of the machine provided smooth and continuous information of 
position, velocity and higher derivatives, and if the output position were also measured 
precisely and smoothly, this idealized state of affairs could be realized over the working 
range of any particular machine by suitable calibrations and settings of the control loop. In 
practice, a digital input must be compared with a digital output or a data conversion to 
analogue form must be introduced to match an analogue measuring system. Many of the 
problems raised by measuring systems have been discussed by Brouwer [7]. Present develop- 
ments in digital grating systems involving fringe sub-division and phase discrimination [4] 
will doubtless lead to great improvements in the resolution and form of positional data 
necessary for accurate positional control. 


2. SERVO REQUIREMENTS 


If the table and workpiece of a machine weigh say 1500 lb, and if a stroke of not less 
than about 2 ft is required, the servo problems raised by this example contain nearly all the 
difficulties encountered in servo design generally. Before discussing particular techniques for 
constructing a drive system, a few generalizations on the problem may be helpful. Consider- 
ing one axis only, a zero steady following error for a constant velocity input requires either 
a second order servo, i.e. a closed loop control with two basic integrations, or a carefully 
matched single-order servo with an input rate term added to the instantaneous positional 
error signal. Such a system will exhibit a positional error when an acceleration is demanded 
and it is hardly feasible to increase the order of the servo loop to 3 with the inherent stability 
problems which this causes. 

In order to reduce transient and steady errors for any particular type of input (for 
example, simple harmonic displacement required along one axis when a circular profile is 
to be generated) it is necessary to design the servo to have the highest possible scalar gain 
consistent with stability and to design the servo for the greatest bandwidth. These criteria 
may be alternatively stated that for a fixed, permissible, maximum error in instantaneous 
position the feed speed and acceleration can be increased provided the scalar gain and band- 
width are also increased. 

The performance of a servomechanism, therefore, involves the elements of the drive 
itself, the frame of the machine tool, the measuring system and the data conversion or data 
shaping units. 

If it is accepted that there will always be some demand for improved accuracy and feed 
speed or, alternatively, that improved accuracy will invariably stimulate demand, it follows 
inevitably that there will always be room for improvement in the weak link of the servo- 
mechanism, whether this is due to the compliance and vibrational characteristics of the 
machine frame, the frequency response of the driving elements, the resolution of the measur- 
ing system, or the noise content of the signals transmitted round the loop. 

In this sense, positional control for profiling operations is much more difficult than 
static positional control. The difficulties are increased when milling operations are considered 
where the cutting forces tend to excite the servo at a frequency determined by the type and 
speed of the cutter. During the roughing cut, the repetitive cutting loads demand an in- 
creased stability margin and increased damping as far as the servo design is concerned. The 
argument in favour of a high mechanical stiffness is supported both from considerations of 
surface finish and from servo performance. 
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Another point of general interest, which may be raised, concerns the amplification from 
signal level to the power level required to move the table or position the cutter. For the 
example quoted, and with maximum feed speeds of the order of 30 in/min, it is possible to 
operate the machine with a maximum power level of a fraction of a horse-power along each 
ordi: ate, providing friction is virtually eliminated. 

Over a range of power from the fractional horse-power level upwards, the amplification 
may be performed electrically by means of transistor or thermionic amplifiers, magnetic 
amplifiers, or amplidyne sets to give a rotational output from a motor which drives a lead 
screw, or alternatively, the amplification may be performed by an electro-hydraulic valve 
which may drive either an oil motor or a piston in a cylinder. Generally speaking, the saturated 
electric motor corresponds to a hydraulic motor of the same order of dimensions operated 
at about 100 Ib/in? pressure. As pressures of about 1500 lb/in? or more are commonplace, 
it follows that electric motors lose heavily on the score of torque-inertia ratio when com- 
pared with their hydraulic counterparts and this limitation shows in the servo performance. 
Hydraulic drives possess two further advantages: firstly, military developments have led 
to a commercial range of electro-hydraulic valves with extremely high-frequency response 
characteristics over a range from about | to 10 h.p. in general, and secondly, a linear hydraulic 
drive in the shape of a piston and cylinder is a simple, direct and smooth drive eminently 
suited to straight-line applications. 


3. SHORT-STROKE ELECTRO-HYDRAULIC DRIVES 


The advantages of hydraulic drives over electrical drives is not entirely a one-sided affair. 
Under the best conditions, the bulk modulus of oil is approximately 200,000 Ib/in? and the 
stiffness of an oil column of length X in. and sectional area A in? is A/X 200,000 lb/in. If 
the advantages of a piston and cylinder drive are to be realized to the full, it is necessary 
to increase the oil column stiffness to the same order as that of the machine tool frame. 
Mechanical design problems and the capacities of electro-hydraulic valves limit the maxi- 
mum effective area of a piston and the stroke is therefore restricted to a few inches if the 
ultimate demand for accuracy or feed speed is to be maintained. 

If the stroke can be restricted to a few inches, it is possible to stiffen the drive and 
increase resonant mechanical frequencies and so improve the servo bandwidth to take 
advantage of the performance inherent in electro-hydraulic valves. It is then necessary to 
circumvent the obvious limitations of the short stroke, bearing in mind both the technical 
performance and the comparative cost of the entire system. 


4. CIRCUMVENTION OF SHORT-STROKE LIMITATIONS 


Two methods of increasing the stroke are shown in Figs. | and 2. In Fig. 1, the table 
is displaced when oil is supplied to the cylinder, which slides about a piston so that the stroke 
is Short. If, now, the piston is fixed to a rack which can slide axially and if the rack engages 
a worm as shown, rotation of the worm by means of a subsidiary drive moves the cylinder/ 
piston drive bodily and the overall stroke is then increased by the effective length of the rack. 
The advantage of this dual-drive system is that the auxiliary drive has the sole function of 
re-setting the hydraulic drive. The requirements of this auxiliary drive is that it shall be free 
from backlash and be sufficiently stiff for the axial and torsional loads which it carries. The 
servo performance required is very modest and even sluggish and limited acceleration from 
the drive is a virtue. Motion may be initiated by monitoring the displacement of the piston 
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Fic. 1. Dual drive. 


from its central position and amplifying this signal to drive an electric or hydraulic motor 
coupled to the worm via a gear train. A photograph of such an arrangement is shown in 
Fig. 3. It will be noticed that the overall control is always fine and that the auxiliary drive 
has the effect of superimposing on the primary hydraulic drive a slowly varying signal pro- 
portional to mean velocity. The difficulties of this particular drive are concerned with pro- 
viding adequate stiffness between the rack and the worm [8] but it will be readily appreciated 
that several kinematic designs can be made involving lead screws and nuts, with several 
permutations of the fixed and moving elements, depending upon the size of the machine. 
The second method of adapting short stroke drives for long-stroke applications is shown 
in Fig. 2 and requires, in principle, two driving cylinders and valves. The idea is that one 
piston D, is locked to the bed and as the drive proceeds, the second piston Dz is relocated 
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Fic. 2. Stepping drive. 
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on the bed of the machine in anticipation of taking over the drive. In effect, the driving 
members step along the bed and, providing the drive can be switched smoothly from one 
unit to the other, the overall stroke can be increased to any value. In essence, the sequence 
of operations is: 


(a) Position the free unit in anticipation of the stroke limit of the driving unit. 

(b) Switch the command signal to the free unit so that both units are now driving. 

(c) When the free piston (or unlocked member) is stationary relative to the bed, this 
member may be clamped to the bed. 

(d) The original driving unit may now be unclamped and the command signal removed 
from this unit. 


As the direction of the drive may be reversed at any instant during the cycle a logical 
sequence of checks is necessary to ensure continuity and smoothness of the driving units. 
This may be accomplished, for example, by a series of electrical relays, with appropriate 
delays to allow the locks or clamps to operate and to permit transient disturbances to 
decay before a driving unit is clamped to the bed. Various schemes have been devised, such 
as coupling by-pass valves across the piston and monitoring both driving units during the 
transition. A photograph of this type of driving system in which the units are mounted in 
parallel and locking is accomplished hydraulically, is shown in Fig. 4. 

The performance of the machine is now determined by the characteristics of a loop 
containing a short-stroke piston-cylinder drive supplied from an electro-hydraulic valve. 
As the output displacement is measured at the table itself, the compliance of the driving 
members, the mounting and the machine frame are terms to be included in a closed-loop 
analysis. 

As in virtually all control systems, it is necessary to examine performance on a linear 
basis to decide the magnitude, importance and limits of various terms. Non-linear features 
can then be examined and suggestions be made to reduce, or eliminate, undesirable features. 


5. TRANSFER FUNCTIONS 


The linear approximations to the basic elements of the control system are shown in the 
block diagram in Fig. 5 in terms of the Laplace operator S. Damping ratio ¢, angular natural 
frequency w», time constant 7, and gain terms represented by K. Before discussing the 
individual transfer functions and their limitations, it should be emphasized that various 
other terms can be included as the loop is synthesized and they will be discussed later. 

Regarding the shaping term expressed simply as Ki[1 + (Ki/S)], this represents the addi- 
tion to the error signal of a term proportional to the integrated error signal together with 
amplification to a level suitable for the electro-hydraulic valve. The theoretical effect of the 
shaping term upon the open loop characteristics is shown in the Nyquist diagram (Fig. 6). 
The shaping term Ki[l -+ (Ki/S)] provides an increased low-frequency gain accompanied by 
a reduced phase margin. The latter effect is not prohibitive in servos with ample bandwidth. 
The torque motor and spool arrangement of the electro-hydraulic valve is represented by 
the conventional second-order delay term of Fig. 5. This expression is an approximation 
to the measured response characteristics. For the range of valves [9] which contain two 
hydraulic stages, where the torque motor drives a first flapper stage, an extra simple delay 
term is usually included in the expression. Generally speaking, the frequency-response 
characteristics of valves are somewhat non-linear with input amplitude, due mainly to flow 
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reaction forces, and all valves exhibit hysteresis and threshold effects, which should be as 
small as possible. In general, these terms can be reduced to less than 2 per cent of the 
maximum input. As the rate of oil flow is nominally proportional to the displacement of 
the valve spool, a displacement term derived from an oil flow gives the pure integration 
term, Ke/S, where Ke is the flow gain of the valve. This point is emphasized as it is not always 
fully appreciated that hydraulic flow valves produce flow, i.e. velocity, sensibly independent 
of the steady reaction load on the driven member, as opposed to electrical drives. The 
relevant main parameters involved in the inherent effect of load [10] are L/Ly., and 
w/wn, Where L and Ly are the instantaneous load and stalling load respectively, and 
wn, refers to the mechanical natural angular frequency. With an effective area of the piston 
of 15 in? and a supply pressure of 2000 Ib/in?, the inertial or cutting loads must then be an 
appreciable fraction of 30,000 1b to produce a significant effect on valve performance, 
particularly if the system is mechanically stiff and w», is high. 

The loading term is again simply represented by a second-order transfer function in 
which the load is mainly inertial. The most important terms concern the stiffness of the 
entire drive and the mass of the table and workpiece which together form a spring-coupled 
mass system with a fundamental natural angular frequency wa,. In general, of course, the 
amplitude and phase response characteristics of a complex machine tool structure are not 
so simply represented and difficulties can arise due to higher modes and coupled vibrations 
and lack of damping. The frictional load between the table and the slideway can be virtually 
eliminated by hydrostatic film lubrication. This technique serves to remove both wear and 
stick-slip but it suffers from the serious disadvantage that the damping is also reduced to 
negligible proportions. A technique for restoring damping is considered in the next section. 


6. MODIFICATIONS AND SHAPING TERMS IN THE LOOP 


Ideally the response locus can be readily improved by adding phase advance to the 
shaping network. However, the noise content of a digital-type command at low-velocity 
rules out conventional phase advance. Smoothing techniques introduce undesirable delays 
and the servo must be stable at and near zero input velocity. Where a digital measuring 
system is employed, velocity terms expressed by s@ and s@ can be obtained using con- 
ventional pulse-rate circuits. The input and output rate terms can then be compared to 
give an error derivative term. Advantage can be taken of the stabilizing action of such a 
term, but unfortunately the response of pulse-rate circuits imposes a lower limit on the 
measurable velocity within the linear range. However, by suitable modifications to standard 
pulse-rate circuits the lower limit of operation can be improved considerably [11]. Several 
alternative methods of deriving a linear output velocity signal are available. These include 
velocity pick-ups of the seismic mass type and piezoelectric accelerometers with output 
integration [11]. 


6.1. Hydraulic Damping 

In Fig. 7(a) is shown a piston and cylinder with an inertial load. The system is supplied 
from a three-way valve and the mounting or frame stiffness and oil column stiffness are 
represented by A; and As, respectively. If a hydraulic dashpot were rigidly coupled between 
the driven mass and the table as shown, the linear damping ratio could be adjusted to any 
desired value. A more simple method, shown in Fig. 7(b), restricts the flow from the smaller 
area side of the piston through a linear resistance Ri. On linear grounds, a damping ratio 
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¢, of 0-3-0-4 would be satisfactory, but it may be argued that for the machine tool under 
cutting conditions, increased damping is desirable. At extremely low demanded velocities, 
difficulties can arise due to the threshold and hysteresis effects in the valve and for a machine 
tool in general, the destabilizing effects of stick-slip are felt at these low velocities. Further- 
more, a digital data transmission technique implies that the servo will hunt as a relay-type 
control over a range dictated by the resolution of the digital information. On these grounds, 
therefore, a good case can be made for a non-linear damping technique in which the damping 
ratio is increased at low velocities. The technique is to damp the system via resistance Ri 
(Fig. 7b) to a pre-determined velocity V; (Fig. 7c) beyond which the resistance Re is coupled 
in parallel by the relief valve shown to make ¢; equal 0-6 at low velocities and 0-4 at higher 
velocities. In practice, two such relief valves would be necessary to allow double action. 
This technique has been found to be effective in the elimination of stick-slip. For a viscous 
load defined by the expression L — K,, 509, the damping ratio f2 is K,/2\/ MA, where A 


is the total stiffness. 


poo Jisplacement 


6.2. Shaping of Valve Characteristics 

In addition to the viscous damping which can be simply incorporated in the short 
stroke drive, other desirable stabilizing terms can also be applied to the valve and ram 
combination. A viscous load-dependent leakage across the load, i.e. where a load pressure 
P;, gives rise to a leakage flow rate [Kz . Pz] gives a damping ratio Kx; Mw»,/2A*. Valve 
underlap also gives stabilizing action [12] and the leakage terms associated with valve 
overlap can also be used to great advantage. By carefully adjusting the effective overlap of 
a valve spool the flow curve can be adjusted to the shape shown in Fig. 8. In effect the flow 
gain of the valve is reduced at low velocities, thus the reduction of overall scalar gain and 
the damping technique described together constitute additional favourable, non-linear, 
damping terms to reduce the undesirable effect attributed fundamentally to noise and 


threshold effects throughout the system. 
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Certain commercial valves allow local feedback around the valve to reduce hysteresis 


and threshold effects. Usually, this takes the form of position feedback from an inductive 
pick-off at the valve spool as shown in Fig. 9. As valve spool displacement corresponds to 


Carrier 
frequency 
oscillator 


| | 


Shaping 


Demodulator 


Fic. 9. 


velocity of the driven member for a given system, velocity feedback from the output would 
appear to produce the same effects as positional feedback from the valve spool. However, 
as velocity feedback from the output member includes in the local loop the resilience of the 
transmission and the type of measuring system the effects are not, in fact, identical with 
those involving feedback around the valve alone. A detailed investigation of local feedback 
effects, with appropriate shaping terms, involves theoretical, practical and economic aspects 
which must be considered for each individual case. On some valves a high frequency dither 
at several hundred c/s is recommended to reduce valve non-linearities and increase fre- 
quency response. 

An alternative technique for improving the linearity is shown diagrammatically in Fig. 
10. Here the hydraulic integrator is a variable-flow hydraulic pump preferably of the tilting 
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swash-plate type. The tilt arm is operated by a small ram and the purpose of the electro- 
hydraulic valve is simply to amplify the incoming signal to a power level sufficient to operate 
the tilt arm. With this technique, the ram displacement is itself fed back by means of, say, 
a potentiomete., so that the valve and ram combination approximate to a simple delay 
term. This system has two advantages; firstly the feedback round the valve reduces non- 
linear features of the valve itself and secondly, the variable tilt pump can be controlled 
accurately and smoothly through reversal. The disadvantage is the extra cost of the pump 
and design difficulties of incorporating the pump into the machine. 


7. LIMITATIONS OF MEASURING SYSTEMS 
7.1. Digital Systems 

A control system employing digital position measuring techniques without provision 
for interpolation has its accuracy limited by the digit spacing, there being no position 
information available between digits. 

The design of such a control system is more difficult than that of a linear system employ- 
ing continuous input and output information. It should be emphasized that the dynamic 
accuracy of a digital control system can never achieve the static accuracy of the measuring 
system and indeed, the dynamic errors can be far in excess of the digit spacing in a carelessly 
designed system. 

A digital control loop has been simulated on a small analogue computer. The results 
have confirmed that the physical damping of the mechanical components should be high, 
probably in the region {2 = 0-4—0-7. The magnitude of the overshoot and the frequency of 
hunting are sensitive to digit spacing, scalar gain, damping terms and integrator time con- 
stant of the error shaping term. 


7.2. Analogue Systems 


Control sysicms employing continuous position measurement require alternative design 
techniques. For high-performance systems, the problem of converting the digital command 
information into a continuous form identical to that of the measuring system becomes very 
important and once overcome, the design of the control loop becomes relatively simple. 
The performance of the digital to analogue converter should be sufficiently high to accom- 
modate input acceleration demands without exceeding a specified error and needs of 
increased accuracy and feed rate require increased bandwidth in the conversion. 


8. DESIGN ASPECTS 

Many practical issues are raised when the machine tool is to be designed to take the 
various elements which constitute a control system. On designs incorporating short-stroke 
cylinder-piston drives it is necessary to mount to the valve adjacent to the cylinder to reduce 
effects of oil compressibility. As a high degree of oil filtration is necessary, bulky filters are 
generally required. 

Of the total hydraulic power supplied to a valve from a pumping unit, virtually the 
entire power is dissipated as heat, mainly by throttling action. The hydraulic pumping set 
will therefore require a cooler if the total power is greater than about 2 h.p. Temperature 
variations in the various oil flows can cause thermal gradients in the machine itself and a 
temperature change of | C over a 10 in. length of steel causes an expansion of about 10~4 


= 


VOL. 
196 
4 


High Performance Position Control System for Machine Tool Profiling Operations 109 


in. High accuracy must therefore be considered on a local basis, i.e. between points close 
together, unless thermal gradients are reduced to negligible proportions. 


9. CONCLUSIONS 


Increased demands for high accuracy on a finished workpiece or increased feed speeds 
impose heavy demands on the servomechanisms required to control a machine tool for 
profiling operations. 

Measurements of the finished profile should be taken as close as possible to the profile 
itself and this implies that the servomechanism analysis should include all the elements 
which constitute the control loop, including driving elements, measuring systems and data- 
conversion units, and the frame of the machine itself. 

For short stroke drives of the order of a few inches and for conventional sizes of milling 
machine, the modern electro-hydraulic valve operating a cylinder piston drive can be used 
to great advantage and will make possible a servomechanism which, on theoretical grounds, 
surpasses alternative driving systems as regards both servo bandwidth and capital cost. For 
long-stroke applications, a short-stroke drive can be adapted in a variety of ways to remove 
the limitation and retain the performance of the short-stroke drive. 

Limitations of the servo required for profiling operations are due mainly to information 
content and noise contamination of measured and transmitted signals and to non-linear 
features of electrohydraulic valves. Developments in the field of measuring techniques and 
in valve design will undoubtedly broaden the limits and in any practical design local feed- 
back loops to reduce undesirable non-linear features, together with the deliberate insertion 
of certain desirable non-linear features, can lead to a great improvement in servo perform- 
ance. 
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APPLICATION OF RESEARCH RESULTS IN MACHINE 
TOOL DESIGN AND DEVELOPMENT 


T. M. BircHALL, F. A. Lewis and R. W. New* 


INTRODUCTION 


THE MAIN factors prompting development in machine tools would appear to be advances 
in cutting tools, the advent of tougher work materials, a trend towards higher component 
accuracy and surface quality, and a desire for greater automaticity of operation. 

In a recent eview of the metal cutting process, Merchant points out for example that 
the permissible cutting speed has doubled every 10 years since the turn of the century as 
new cutting materials have been introduced and exploited. The cutting forces acting on the 
machine tool have also steadily increased with the development of tougher work materials, 
some with ultimate tensile strengths considerably in excess of 100 ton/in?. Both these factors 
have had a profound effect on the design of machine structures, spindle bearings and drives. 

The attainment of closer limits of accuracy and higher surface quality on a routine 
production basis has necessitated continuous and painstaking investigation of machine 
structures, drive elements, bearings, slideways, and machine gauging and control methods. 
A significant feature of modern requirements is the increasing emphasis on accuracy of 
workpiece form. Improvements in this aspect of machine performance have been dependent 
on the development of measuring equipment such as the Talyrond, which will detect de- 
partures from true circularity of no more than a few millionths of an inch. 

The most recent feature of machine tool development is the endeavour to achieve higher 
and higher levels of automatic operation. Such development is aimed at one or more of the 
following objectives: increased output; reduced labour requirement; improved work quality; 
reduced lead times; and greater operator safety or comfort. 

The extent to which it is profitable to automate a process depends on economic factors 
and the overall level of technical development in the industry. Among the technical factors 
tending to hinder the widespread application of automation in engineering manufacture 
are lack of systematic knowledge of the handling properties of workpieces, excessive pre- 
process variability of the workpiece or work material, uncertainties in regard to system 
reliability, and lack of standardization of machine dimensions. 

The factors mentioned above, i.e. advances in cutting tools and work materials, increased 
accuracy requirements and the growth of automation, have all had a direct effect on machine 
tool development. The remainder of the paper deals generally with researches which have 
been carried out in attempts to find out more about the behaviour of machine tools, and 
to contribute to their development and effective utilization. 


DYNAMICS OF MACHINE TOOL STRUCTURES 


Practical experience of machine tool operation confirms that rigid construction is 
necessary for the attainment of accuracy in finish machining operations and the effective 
utilization of power in rough machining. However, considerations of machine function, 
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space and price set limits to what can be done merely by increasing the size of sections, 
and there is a strong incentive for seeking the optimum distribution of the constructional 
material. Recent research has aimed at (1) determining the minimum structural requirement 
for a prescribed range of cutting conditions, and (2) predicting the dynamic behaviour of the 
necessarily complex forms used in machine tool designs. Although it could not be claimed 
that a satisfactory general solution to these problems has yet been achieved, progress during 
the last few years has been rapid, and reasonable predictions can be made in particular 
cases. 

Complementary to the problem of prediction is the problem of formulating recognized 
standards which can be used for determining whether or not a proposed design is dynamic- 
ally acceptable. The preparation of such standards will not be an easy task, although a useful 
start could be made using the research information already available. 

Similarly, it is desirable that agreement should be reached in regard to terminology. 
Descriptive names applied to various modes of vibration and factors such as dynamic 
stiffness do not always have the same meaning at different centres of research. 

The significance of the stiffness of the machine structure in relation to vibrational stability 
over the whole range of machining conditions has been adequately demonstrated by the 
work of various investigators. The exact relationship of stiffness to accuracy in finish 
machining operations such as grinding and fine boring is equally of interest, although this 
aspect of machine performance has not perhaps received as much attention from research 
workers as it deserves. The graphs in Fig. | show the theoretical relationships between 
form errors on the work, resultant stiffness and number of passes for an internal grinding 
operation; in such operations the deflections may be several times the depth of cut, and 
accuracy of workpiece form is only generated gradually over successive cuts. The analytical 
approach to this problem outlined in Appendix I forms the basis for an understanding of 
automatic size control in grinding operations, as well as indicating the economic significance 
of providing greater stiffness where this may be technically possible. 

Although a great deal of research remains to be done into the behaviour of machine 
tools under dynamic loads, sufficient knowledge has already been acquired to serve as a 
useful guide in machine tool design. Also, the techniques used by research workers are now 
highly developed and can easily be applied in the development of new machines and the 


improvement of existing designs. Reference to these techniques is made in the following 


discussion. 


Immediate Aids to Design—Comparative Tests 

The main frame structure of a machine tool may be regarded as the backbone of a 
precise metal skeleton, which must be free from any areas of insufficient stiffness. If this 
condition is not met, then however rigid are the individual structural elements, a basic 
lack of stiffness will be inherent within the machine. To ascertain the suitability of this 
main frame structure, experience has shown that vibration tests under resonance conditions 
are a convenient method of determining areas of weakness, excessive distortion, etc., and 
comparative testing of various configurations of walls, ribs, etc., by this method has led 
to improved designs. 

Such comparative tests can be carried out on full-size castings, but this is expensive and 
time consuming. The alternative method, which is both relatively cheap and quick, is to 
use scale models. Such models will not usually repeat the characteristics of a full-size struc- 
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ture in all its modes of vibration as it is difficult to reproduce to scale all the conditions 

associated with the latter. However, good correlation of structural characteristics can be a 

achieved in the vibrational modes of primary interest. | 
A scale model constructed in Perspex is shown in Fig. 2. The model is basically a scale 

version of a full-size machine tool column, but without many of the trimmings, small ribs, 

etc., of the actual column. When testing the model it is necessary to ensure that there is a 

satisfactory simulation of the mounting conditions encountered in the full size version. 
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Fic. 1. Graphs showing form error of work during internal grinding as function of number 
of passes n and various values of the parameters 4 and ¢. 
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Fic. 2. Scale model of machine tool column constructed for development purposes 
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FiG. 3. Basic scale models for research into columns and |! ases, 


Fic. 4. Set-up on a turret lathe for determining the response to vibrating forces. 
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Long Term Aids to Design—Basic Research 


Concurrently with projects aimed at immediate development of machine tool structures, 
the model technique is also being used to investigate fundamental relationships required in 
the calculation of response characteristics. Based on research carried out on several types 
of machine tools over the past few years, attempts are now being made to simulate the 
various types of beds, columns, and their junctions, etc., with basic shapes of model-sized 
dimensions. Results of work carried out on models by the research workers at Aachen 
have shown how useful this approach can be to machine tool development. 

In Fig. 3 are shown two typical basic structures which have been tested, one being a 
2:5 times scale model of the other. Fabricated steel plate has been used to construct a 
simple box type of column and base. Correlation between the models was generally good 
at the natural frequencies which exhibited the most significant response, comparative figures 
relating natural frequencies being 2-44 to | and 2-32 to 1, as compared with the theoretical 
scale factor of 2:5 to 1. At the higher natural frequencies, which show a much smaller 
response, correlation of the results in this manner is rather difficult to achieve. However, 
it is felt that these secondary effects do not materially alter the validity of conclusions drawn 
from the test results at the significant modes of vibration. 

From such tests the areas of distortion and the manner in which distortions occur under 
resonance loading can be studied in detail. The results are of immediate practical value 
to the designer, and at the same time enable the research worker to assess the validity of 
proposed analogous systems which can be analysed in a rigorous manner. 

The models in their present form do not give a satisfactory scale relationship for the 
damping characteristics, and it should be remembered that in lightly damped systems, 
small absolute differences in damping coefficients noticeably affect the response at resonance 
frequencies. Different equipment and techniques have been used to study the energy dissi- 
pation in machine tool structures, and the results of these tests are discussed later. 


Testing of Prototype Machine Tools 


Initially the vibration exciter is positioned such that a force and reaction is applied at 
roughly the position occupied by the tool and the workpiece when cutting. In the past, it 
has been customary to orient the force path so that, in turn, it coincides with the conven- 
tional directions described by the tangential, radial and feed forces. However, these nominal 
directions do not necessarily form the axes of the principal modes of vibration, nor is it 
known at the outset whether or not such positions may be nodal points in some natural 
modes. Whilst, from the point of view of self-excited vibrations, natural modes of vibration 
showing only a small response at the cutting position may not be significant, there are other 
considerations of structural distortion affecting noise and heat generation for example 
which may repay investigation. Vibration excitation provides a searching means of examin- 
ing such effects. 

When the major natural frequencies, in particular the one exhibiting the greatest relative 
response to vibration between the tool and workpiece, have been identified, measurements 
are carried out to determine the vibrating shape. This is done by marking off a grid system 
on the machine tool in a similar manner to that depicted on the model shown in Fig. 3. 
The machine is then excited on or just below resonance, and the amplitudes and phase at 
each grid intersection are compared with the readings obtained at a fixed reference point. 

A typical set-up of vibration equipment on a lathe is shown in Fig. 4, where an exciter, 
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positioned in the vertical direction, is mounted on to the saddle turret and connected to the 
workpiece. Relative vibration between the turret and workpiece is measured by means of a 
relative vibration pick-up, whilst absolute pick-ups are used to measure the absolute 
vibrations of the two elements. The response curves obtained for a vector force of approxi- 
mately 6-7 lb are shown in Fig. 5. These show the relative vibration between workpiece and 
turret, and the absolute vibrations of the two elements respectively. 
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Fic. 5. Response curves for lathe—vertical direction. 
Force input = 6-7lb. Amplitude of vibration = } peak to peak value 


The relative response curve reveals that the most significant vibration occurs at a natural 
frequency of 87 c/s, which represents the mode of vibration in which the two elements vibrate 
with an anti-phase motion. Self-excited vibrations are usually found to occur in this mode 
of vibration. At 69 c/s, the masses vibrate roughly in phase together and the relative vibra- 
tion is less significant. These two natural frequencies can be seen to occur in the other 
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response curves showing absolute vibrations. In comparing the recorded amplitudes of 
vibration, reference should be made to Fig. 4, where it can be seen that the absolute pick-ups 
are not positioned directly in line with the relative pick-up. From a knowledge of the vibrat- 
ing shape of the machine at the particular natural frequency concerned, the absolute ampli- 
tudes recorded can be corrected to give the true amplitude at the position in question. 
Corrected in this manner, the sum of the absolute amplitudes at 87 c/s is roughly equal to 
the value recorded by the relative pick-up. 

The two smaller resonance peaks were found to be caused by the natural frequencies 
of the whole machine rocking about its junction with the floor. These natural frequencies 
occurred at approximately 23-5 and 39 c/s and were roughly in the transverse and longi- 
tudinal directions respectively in relation to the machine bed. 

The characteristics of these various modes of vibrations are perhaps better visualized 
by the analogy discussed next. 


Sign convention M, & M, 


K 


= 


VM OF 
Sign convention 
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Fic. 6. Dynamic analogy of a lathe. 


Analogous Representation of a Lathe 


Many difficulties are encountered in attempting to formulate a suitable analogy of 
springs and masses to simulate the behaviour of a machine tool in its principal modes of 
vibration. However, if we consider one principal plane at a time, and temporarily ignore 
damping, a reasonable approximation to a lathe and other types of machine tool can be 
achieved by the analogy depicted in Fig. 6. The whole machine pivots at a point C, and is 
constrained from rocking by a torsion spring K;, which represents the resistance of the 
supporting floor to slope deflection. Tests show that direct response of the whole machine 
in a vertical and longitudinal direction is negligible compared with this rocking action. 
Constrained within the frame and forming part of the machine as a whole are two masses 
Mj, and Mz which are coupled together and to the frame by springs ki, A, and ke. The total 
moment of inertia of the system about C is designated as /. 

Excitation of the machine is depicted by a force Q, and two cases of excitation are 
considered. The first case corresponds to an exciter fixed to one mass, with the probe attached 
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to the other. Thus “‘relative’’ excitation is achieved and is shown by Q: = P sin wt and 
Oe P sin wt applied to masses M; and Mp2 respectively. 

The second case is that where the exciter is mounted externally to the machine, or 
suspended seismically, and is shown by Q; = Psin wt and Qe = 0. X; and X2 represent 
the true absolute vibration of masses M,; and M2 such as would be measured by an absolute 
type of vibration pick-up. 8 represents the relative vibration between M, and M2 whilst 
@ is the amplitude of slope deflection of the machine rocking about its pivot point C. 

For convenience the appropriate equations are written in dimensionless form, convenient 
groups being formed around, 


K,]1/2 
WwW 
0 
k 
Wn 
M, | 
2M 
Y = 


The response characteristics have been plotted for the following dimensionless groups: 


Pik an absolute vector amplitude ratio of M; 
oa an absolute vector amplitude ratio of Me 
B 
Pil a relative amplitude ratio between M; and M2 
6 a slope deflection amplitude ratio of machine rocking 
Ph/K, about pivot C. 


In Figs. 7 and 8, we see the response curves calculated for the following values, 


wn = 39 
y = 0-2 

M2 = 0-67 M, 
k =k, =ke 


The system described has three natural frequencies which are approximately 


WI 0-99 WO 

a2 = 3-61 

w3 = 5:84 wo 
Referring to the case when Q»2 -P sin wt, it will be seen in Fig. 7 that the plot of 
6/(Ph/ Ky) shows three very small resonance peaks, but generally the response to vibration 
is small. In the other response curves it will be seen that the response at @; is hardly notice- 
able, but both absolute response curves show resonance peaks at w2 and ws. It will be ob- 
served that at w2, M; and Mp2 vibrate in phase together despite the fact the applied vibratory 
force is applied in opposing phase. The response to vibration is not excessive, and it may 
be concluded therefore that relative vibration will be small; this is confirmed by the appro- 
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Fic. 7. Response curves derived from dynamic analogy of a lathe for the load condition : 
Qi = Psin wt, Qe — P sin wt. 
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Fic. 8. Response curves derived from dynamic analogy of a lathe for the load condition: 
Qi = Psin wt, Q2 = 0. 
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priate curve relating to 8. Further, it may be anticipated that the machine will not readily 
respond to self-excited vibrations in this natural mode of vibration. 

At the natural frequency ws, the masses M; and Mp2 vibrate antiphase, and it may be 
concluded that relative vibration between the two masses will reach a maximum response 
in this mode of vibration. This is confirmed in the plot of relative vibration. Self-excited 
vibration, if it occurred, would normally be expected to take place in this mode. Therefore, 
in studying the results of structural tests we take particular note of the structural character- 
istics in this mode and endeavour to rectify or improve any deficiencies. 

Referring to Fig. 8, which represents the second case of excitation, i.e. when Qe = 0, 
it will be noted that this excitation does not correspond to a force and reaction between tool 
and workpiece, but is more akin to vibratory forces produced by, for example, rotating 
components which are out-of-balance or electric motors which produce both dynamic and 
electromagnetic periodic forces. 

The nature of the response characteristics has now undergone considerable modification. 
The plot of @/(Ph/K;,) shows a very large response at 1, a medium response at w2 and zero 
response at w3. At this latter natural frequency the forces are balanced within the system 
and no resultant couple is present to rock the machine about pivot C. 

The response curves of masses M; and Me show resonance peaks at all three frequencies, 
with the maximum relative response still occurring at ws. 

Out-of-balance forces may occur at a frequency corresponding to any of the three 
natural frequencies, and it is not uncommon to find an out-of-balance workpiece rotating 
at a frequency coinciding with w;. This is particularly so in the transverse direction of a 
lathe, where the effective spring constant of K; is relatively small, and the absolute response 
at the frequency of w; may overshadow the absolute response at the other two natural 
frequencies. Such resonance conditions may or may not result in defective workpieces, but 
they are thoroughly objectionable. 

Damping will, of course, have the effect of limiting the magnitude of response in all 
three modes of vibration, and will also have an effect on the phasing. However, in the 
average machine tool, damping is small and the conclusions drawn from the undamped 
system discussed are valid. 

Research at PERA into machine tool vibration involves a study of such analogies with 
a view to providing data which will assist designers. Analysis of the analogous systems by 
classical methods is laborious, particularly when damping and self-excited forces are con- 
sidered, and these problems are therefore being programmed for studies on an analogue 
computer. 


Inherent Damping Characteristics 

Experimental work into energy dissipation suggests that cast-iron has poor damping 
properties at the low levels of stress generally encountered in machine tools. Inherent 
damping within the material is very small compared with that at the junctions of machine 
tool elements which in itself may not be great. To illustrate the manner in which energy is 
dissipated we can study the experimental results obtained from slow and fast cyclic loading 
of a structural element containing a few bolted junctions and mounted on to machine tool 


slides. 
An analogy of the element and its junctions is depicted in Fig. 9(a), and its deflection 
characteristics under slow cyclic loading are shown diagrammatically in Fig. 9(b). The ana- 
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logy consists of a spring suspended at one end to a rigid link, and subjected to load P at 
its free end where deflection is measured. The rigid link is shown cranked and it pivots at 
two or more positions. Constraint to rotation is provided by torsion springs and friction 
couples. 

The effect of the pivots, torsion springs and friction couples in producing an energy 
dissipation loop is clearly visible from Fig. 9(b). At the point of load reversal, i.e. (1), the 
friction couples lock the point until sufficient load has been removed to allow the spring 
at say the first pivot to rotate the link. From (2) to some point between (2) and (3), gradual 
slip starts at the second pivot. At (3) rotation occurs at both pivots. A similar process occurs 
when the load increments are reversed again at (4). It should be noted that the slopes 
6, and 2 are not identical and that lines (6) to (1) and (3) to (4) diverge with increasing 
load. 
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Fic. 9. Analysis of machine tool element mounted on slides. 


(a) Analogous system 

(b) Load-deflection characteristic 
To effect some simplicity in the analysis of such a mechanism, the system can be modified 
to that depicted in Fig. 10. Here the rigid bar pivots at one point only. Constraint to rotation 
is offered by spring K; and a friction couple which can be expressed in the form, f, + PL. 
The presence of the term PL, is responsible for the divergence of the lines already men- 
tioned. 

The correlation of experimental results with the theoretical cycle calculated from the 
analysis of the simplified analogy are shown for two conditions of slide adjustment in 
Figs. 11 and 12. 

Figure 11 shows the load—deflection diagram for the condition with the slides set at a 
tight working clearance. The narrow loop shows good correlation of experimental results 
over the working cycle, and there is very little divergence of the lines E to B and C to D, 
implying that yz, is negligible. 

When the condition of the slide setting is adjusted to give an easier working clearance, 
it can be seen from Fig. 12 that the energy dissipation characteristics are materially altered. 
The energy loss is considerably increased and the effect of the additional pivots is evident 
although a good fit of experimental results is obtained throughout the main part of the cycle. 
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Fic. 12. Comparison of calculated load-deflection cycle and experimental results for slide 
system with slide set to easy working clearance. 


To study the effects of the energy dissipation loops under fast cyclic conditions, the 
electrical signals representing the applied load and displacement functions were connected 
to the XY and Y axes of an oscilloscope, so that displacement diagrams could be photo- 
graphed. Although tests have not yet been completed, preliminary work showed that the 
diagrams were in the form of a distorted ellipse, with less distortion around the major 
resonance frequencies. These results were encouraging, and a fairly rigorous analysis of the 
mechanism of this damping characteristic was carried out. To a good first approximation 
it was found that the damping characteristic was of the form described by Professor Bishop 
as hysteretic damping, i.e. damping was proportional to deflection but displaced by a 90 
phase shift. 

This increase in energy dissipation with increased slide clearance can explain some 
differences in the vibrational behaviour between new machines and old, badly worn mach- 
ines. Quite often cases have arisen where cutting operations can be carried out on an old 
lathe but similar operations on a new lathe give rise to self-excited vibrations. Frequently, 
on a new machine such chatter can be avoided by selective slackening of bolts and gib 
strips. 

However, whilst this increase in the energy dissipation may have beneficial effects from 
the point of view of vibration, other effects which are objectionable appear. It must be 
remembered that slow cyclic loading can still be present during cutting and that for equal 
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cutting loads, two deflected positions are possible. Such conditions can affect the geo- 
metrical accuracy of the finished workpieces, and can also reduce positioning accuracy. 
In these circumstances it is hoped that research work will ultimately lead to a method 
of providing adequate damping in machine structures without the drawbacks of the type 
of energy dissipation discussed. 


MACHINE TOOL SLIDEWAYS 


Fundamental factors governing the accuracy of work which can be produced on a 
machine tool are (a) the accuracy of its linear movements and (b) the degree of control 
which can be exercised during speed changes and final positioning of the machine table or 
tool carriage. Whilst the first factor is of importance in all machine tools having such 
movements, the influence of the second factor is only felt in certain types of precision 
machine tools and in automatically controlled machines. For example, in a high-quality 
toolroom centre lathe the accuracy of linear movement of the saddle is a prime considera- 
tion, whereas the effect of saddle speed changes is relatively unimportant and the control 
of final positioning is usually dependent on the skill and judgement of the operator. On the 
other hand the control over the amount of infeed of the wheelhead of a precision grinding 
machine is of overriding importance, and in the case of automatic co-ordinate positioning 
of machine tool sliding elements a high degree of control is required over final positioning 
to avoid “‘hunting’’. Accurate contour machining will ideally require resistance to motion 
which is sensibly constant at varying speeds to ensure accuracy of movement over a range 
of sliding speeds. 

The accuracy of linear movements in a machine tool is controlled firstly by the straight- 
ness and fit of the slideways and secondly by the lubrication conditions obtaining at the 
operating speeds and loads. The rate and distribution of wear along the slideways determine 
how long the initial accuracy of the machine can be retained. The degree of control of a 
machine table or carriage which can be exercised during speed changes or during final 
positioning is primarily dependent on the friction characteristics of the slideways, the 
stiffness of the feed drive, the damping in the system and the mass of the moving part. 
Of these factors the friction characteristics are of considerable importance, and much of 
the current research into the friction and lubrication of machine tool slideways is aimed at 
determining those combinations of materials, surface condition and lubrication conditions 
which will provide smooth sliding and near constant or predictable friction forces over a 
range of load and speed conditions. 


Effect of Surface Finish, Lubricant Viscosity and Load 

A recently completed investigation was designed to study the lubrication mechanism 
between plane cast-iron sliding surfaces as generally found in machine tools. The investi- 
gation, which was carried out on equipment (Fig. 13) closely simulating the conditions in a 
section of a machine tool slideway, had the general objective of determining the effects of 
surface condition, load and lubricant viscosity on the lubrication conditions which occur 
over a range of sliding speeds. A typical friction—velocity curve obtained during the in- 
vestigation is shown in Fig. 14. At low sliding speeds boundary lubrication predominates 
and with straight mineral oil as used in this case stick-slip may be encountered as shown by 
the dotted lines. With increasing sliding speed the coefficient of friction decreases as a greater 
proportion of the load is supported by partial hydrodynamic films. Eventually a point of 
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Fic. 13. PERA friction testing machine 
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Fic. 21. Boring machine bed equipped for studies of slideway friction and lubrication 
(a) General view of bed 
(b) View showing underside of table slides 
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minimum friction is reached where the sliding surfaces are completely separated by a 
lubricant film the thickness of which is of the same order of size as the surface irregularities 
of the sliding members. At higher sliding speeds the coefficient of friction increases according 
to the laws of hydrodynamic lubrication and the condition referred to by machine tool 
engineers as “‘floating”’ of the slide on the oil film occurs. 

This condition of complete separation or floating is not usually permissible in a machine 
tool because of the loss of accurate location, although it is desirable to make the proportion 
of hydrodynamic lubrication as high as possible to reduce friction and minimize metallic 
contact. The ideal conditions for operation of a machine tool slideway, therefore, are in the 
region slightly to the left of the point of minimum friction. For any particular slideway 
system the friction-sliding speed characteristic is influenced by slideway loading, lubricant 
viscosity and type of surface together with scale effects of several possible kinds. 
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Fic. 14. Typical curve showing variation of coefficient of friction with sliding speed. 


The effects of type of surface are shown in Fig. 15, and it will be noted that the cup 
ground upper slider resting on a periphery ground slideway gave a lower coefficient of 
friction than the other surface combinations throughout the region of boundary and mixed 
lubrication. This would indicate that ground surface combinations are more conducive to 
hydrodynamic lubrication conditions than scraped surfaces. The effects of lubricant vis- 
cosity given in Fig. 16, are marked and are as would be expected. Figure 17 shows the effect 
of load on the friction-speed relationship, from which it can be seen that a higher sliding 
speed was required to generate a complete lubricant film to support the heavier load. At 
low sliding speeds the lower load gave rise to a higher coefficient of friction, which would 
seem to indicate that at these speeds the lubricant plays a more active part in supporting a 
heavier load. 

The bar charts in Figs. 18 and 19 show the effects of lubricant viscosity, type of surface 
and load on static friction and the speed range over which stick-slip was detected. These 
indicate that again ground surfaces were superior to the scraped surface. The graph in 
Fig. 20 shows that although load had the major effect on the severity of stick-slip, there were 
indications that ground surfaces exerted a favourable influence. 
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Fic. 15. Effect of various surface combinations on friction—velocity relationship. 


A theoretical lubrication mechanism has been evolved which goes some way towards 
explaining the results described so far. It is based on the hydrodynamic pressures developed 
in the squeeze films which are formed whenever lubricated plane parallel surfaces slide over 
each other. 

Although such surfaces may be nominally flat, they are found in fact to be undulating 
when viewed on a large enough scale. The complex form of these undulations represents a 
synthesis of different types of waveform grouped in various categories: surface roughness, 
waviness, and large-scale irregularities of form. When two lubricated surfaces possessing 
these complex undulations slide over each other in close proximity, opposing protuberances 
will approach each other and some of the lubricant filling the gap between them will be 
squeezed out. As a result of this squeezing action hydrodynamic pressures are developed 
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Fic. 16. Effect of lubricant viscosity on friction—velocity relationship. 
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Fic. 17. Effect of slider loading on friction-velocity relationship. 
Fic. 18. Effect of type of surface and lubricant viscosity on static friction. 
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Fic, 19. Effect of lubricant viscosity, load and type of surface on the speed range over which 
stick-slip was detected. 
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Fic, 20. Effect of load and type of surface on the severity of stick-slip, 
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which may be appreciable even at low speeds, since the forces required to reduce the thick- 
ness of a thin film of viscous fluid are large. 

The mathematical analysis outlined in Appendix III leads to the conclusion that, 
neglecting transverse fluid motions (** side leakage ’’), the mean pressure developed in this 
way between a pair of lubricated parallel plane sliding surfaces is given by the formula: 

; F nU A 


a a 


where 7 is the lubricant viscosity, U is the sliding speed, A is a length serving as a measure 
of the wavelength of the surface undulations, a is a length serving as a measure of the 
amplitude of the surface undulations and F is a constant determined by the form of the 
surface undulations but independent of A and a. 
From this equation it can be inferred that: 
(1) Maximum load support due to hydrodynamic action is obtained at low sliding 
speeds when the surface undulations are of small amplitude and large wavelength. 
(2) For given surfaces the load support at slow sliding speeds depends on the product 
(3) At slow sliding speeds the load support decreases linearly as the sliding speed is 
reduced. 


Inspection of the friction—velocity curves already discussed enables these conclusions 
to be compared with the results of experiment. Note that any excess of applied load over 
hydrodynamic supporting pressure must be counterbalanced by some form of contact 
pressure between the surfaces, and that this implies a relatively high coefficient of friction. 
From this it may be inferred that, at low sliding speeds, the magnitude of the coefficient of 
friction is an index of the deficit in hydrodynamic pressure as compared with the applied 
load. All the conclusions listed above receive some experimental confirmation when the 
friction—velocity curves are scrutinized and note is taken of the effects of », U and the form 
of the surface undulations on the hydrodynamic pressure at slow speeds. 

The experimental results described so far were obtained using relatively small (3 in. 
square) sliding surfaces and special equipment designed to permit the maximum degree of 
control over a number of experimental variables. In practice, however, the sliding con- 
ditions in a machine tool differ, due mainly to scale effects of various types, matters relating 
to the supply of lubricant, asymmetrical and varying load conditions, and rubbing effects 
due to contaminant particles entrapped between the mating surfaces. 

In order to examine some of these effects, further work has been carried out using 
component parts of an actual medium-size machine tool. The equipment, illustrated in 
Fig. 21, embodied the minimum modifications to enable the necessary observations to be 
made. The major departure from the actual machine tool was the incorporation of a 
friction force dynamometer in the feed drive. The machine table, loaded by means of dead 
weights, ran on flat periphery ground slideways and was guided in the horizontal plane by 
rolling bearings. Provision was made for interchangeable table slides and for varying the 
quantity of lubricant supplied. 

Preliminary tests showed that variations in the quantity of lubricant supplied between a 
liberal surplus and the minimum which would be expected to be supplied in practice had no 
significant effect on the frictional behaviour of the system. It was also established that the 
frictional behaviour of the system was substantially the same for any particular sliding 
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speed, irrespective of whether the table had been traversed previously at a speed close to 
or remote from the test speed. 

An interesting feature of the friction-sliding speed relationship in this investigation was 
the effect of stick-slip on the frictional behaviour over the range of sliding speeds examined. 
At low sliding speeds stick-slip characterized by the sawtooth form of friction force variation 
was observed, and is represented in Fig. 22 by the envelope shown in broken lines. As the 
sliding speed increased the frequency of stick-slip increased, the magnitude decreased, and 
the sawtooth form gradually transformed into a sinusoidal force variation indicated by the 
dotted lines. With further increase in sliding speed the sinusoidal force variations increased 
in amplitude up to a maximum at a particular sliding speed, and thereafter decreased 
rapidly until they could no longer be detected. The friction force traces in Fig. 23 show the 
type of force variations recorded at different sliding speeds. The evidence suggests that, at 
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Fic. 22. Typical friction—velocity curve showing amplitude and frequency of variations in 
friction coefficient. 


least in the case of the particular system used, even after cessation of stick-slip, a regenera- 
tive vibration continued to exist due probably to the variations in friction force initiated 
in the first instance by stick-slip. The graph in Fig. 22 also shows the relationship between 
frequency of friction force variation and sliding speed, and it will be seen that the frequency 
increases with sliding speed up to a maximum of 14-5 c/s, which was thought to be the 
natural frequency of the system. 

In order to examine this behaviour further, vibration tests were carried out by exciting 
the machine table in the direction of sliding and measuring the response to vibration in the 
same direction. With the machine table stationary the maximum response to vibration 
occurred at a frequency of approximately 37 c/s and the whole machine vibrated as a single 
mass system with no relative vibration between the bed and the table. Under these con- 
ditions the stationary table may be considered as an integral part of the machine structure 
due to metallic contact between the sliding surfaces. With the table in motion and with no 
external excitation it was confirmed that the table vibrated at the same frequency as the 
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cyclic variations in table resistance described in Fig. 22. Under the influence of external 
excitation the maximum response occurred at a frequency of approximately 14-5 c/s cor- 
responding to the observed frequency of maximum sinusoidal variation of table resistance. 
It thus seemed that the motion of the table had the effect of modifying its coupling with 
the machine bed, and the maximum response to vibration occurred at or near the natural 
frequency of the table and drive. At sliding speeds above which cyclic variations in table 
resistance ceased to exist, the response of the machine table to external excitation became 
very small, indicating heavy damping. When the straight mineral oil used in the examination 
described above was replaced by an additive type slideway lubricant, the vibrational be- 
haviour of the stationary table was the same as that previously observed. With the table 
in motion and no external excitation there was no evidence of cyclic variations in table 
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resistance and also no response from the vibration pick-up fitted to the table. Under the 
influence of external excitation and with the table in motion, two natural frequencies in the 
region of 13-15 c/s and 40-45 c/s were found; the lower frequency being predominant, and 
the mode in which relative vibration between the table and bed occurred. At the higher 
frequency mode very little relative vibration between the bed and table was observed. The 
response to vibration in the lower frequency mode was found to be sensitive to sliding 
speed and was at a maximum in the region of 6 in/min. At sliding speeds below and above 
6 in/min the response decreased, the results giving every indication of a substantial increase 
in positive damping. 

During the test series observations were made of the variations in friction as the table 
was moved from rest and traversed at different sliding speeds. The graphs in Fig. 24 show 
the variation in coefficient of friction with distance moved at different sliding speeds and 
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Fic. 24. Variation in friction with distance moved from rest. 


under various lubrication conditions. It is interesting to note that the “‘starting”’ friction or 
force required to initiate movement decreases as the starting velocity is increased. The graph 
in Fig. 25 shows the difference between the starting friction coefficient and subsequent kinetic 
friction for a typical set of conditions. The effects of standing for various periods of time 
on the coefficient of static friction are shown in Fig. 26. The general indication is that 
standing times of the order shown have little effect on the static friction. 
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Fic. 27. Effect of type of surface and lubricant viscosity on friction—velocity relationship. 
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To examine the effects of type of surface on kinetic friction, the machine table was 
provided with interchangeable cup-ground, periphery-ground and hand-scraped slides 
which were run in turn on the periphery-ground bed slideways. The results, which are shown 
in Fig. 27, indicate the same order of performance of the surfaces as that obtained in the 
tests on smaller scale equipment described earlier. The graph in Fig. 28 shows the variation 
in behaviour of a surface from the initially machined condition to that resulting from 
several hours sliding. To illustrate the type of behaviour of the equipment when using a 
typical slideway lubricant containing additives the curve in Fig. 29 may be compared with 
the corresponding curve for a straight mineral oil shown in Fig. 22. 
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P.T.F.E. Slideway Materials 

Having obtained from the investigations described above a fair knowledge of the type 
of behaviour to be expected with cast-iron slideways, attention has recently been directed 
towards examination of alternative bearing materials which showed promise of being suit- 
able for machine tools. A material selected for a fairly comprehensive study was a sintered 
bronze impregnated with P.T.F.E. (polytetrafluoroethylene). An enlarged section though 
the proprietary composite material which is patented by its manufacturers, is shown in 
Fig. 30. It consists of a matrix of spherical bronze indicated by the white areas surrounded 
by the P.T.F.E. with a thin surface layer-of P.T.F.E. The impregnated bronze is bonded to 
a backing of copper-plated steel. 

Initial tests were carried out to determine the behaviour of this material when sliding 
on periphery ground cast-iron without an added fluid lubricant. A diagrammatic arrange- 
ment of the equipment used for the investigation is shown in Fig. 31. The graph in Fig. 32 
shows the variation in kinetic friction with continued sliding at a speed of 30 in/min under 
a nominal loading of 46-6 Ib/in?. It will be seen that the initial value of the coefficient of 
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Fic. 31. Diagram of experimental equipment for studying the frictional characteristics of 
slideway materials. 


friction at this sliding speed is about 0-1. With continued sliding the value of the coefficient 
of friction increases relatively rapidly until after approximately 8000 ft have been traversed 
the curve begins to level out at a coefficient of friction of between 0-2 and 0-25. Subsequent 
tests under the same conditions show that a coefficient of friction between 0-25 and 0-35 
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was maintained over 32,400 passes (one pass constituting a forward and return stroke), a 
total distance of 124,000 ft occupying a period of running of 824 hr. 

Although the investigation was not designed to study the wearing properties of this 
material, some indication of the wear which occurred during this period of running was 
obtained by measuring the surface contours against a datum. The original surface contours 
were such that the variations in height of the undulations were of the order of 0-003 in. 
After a distance of 20,000 ft had been traversed the variation reduced to the order of less 
than 0-001 in. At 124,000 ft all undulations had been removed by wear and further wear 
estimated as being not greater than 0-001 in. had taken place. 

At various stages during the continued running tests friction—-speed curves were obtained 
as shown in Fig. 33. The graph in Fig. 33(a) shows the variation of friction with speed for 
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Fic. 33. Friction-velocity curves for P.T.F.E. material under dry sliding conditions. 
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the material in its initial condition, and it can be seen that there is a substantial increase 
in the coefficient of friction with sliding speed. Figures 33(b) and (c) show how this relation- 
ship changes with continued running until a condition is reached where the coefficient of 


friction is substantially constant over a range of sliding speeds. Figure 34 shows with the 
; material in this condition that load also has little effect on the coefficient of friction. 
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Fic. 34. Effect of load on friction—velocity relationship after 35,400 ft of dry sliding. 


With the material in a condition resulting from dry sliding for 35,400 ft tests were carried 
out to determine the influence of a straight mineral oil on the frictional behaviour. The results 
in Fig. 35 show that throughout the range of sliding speeds the kinetic friction forces were 
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Fic. 35. Friction—velocity curves for P.T.F.E. material under fluid lubricated conditions. 


(a) Nominal slider loading 19-45 Ib/in?. 
(b) Nominal slider loading 46:6 |b/in?. 


low compared with those encountered in dry sliding. At the lowest sliding speeds the 
coefficient of friction tended to increase with increase in sliding speed except in the anomal- 
ous case of the 500 Redwood second lubricant under a load of 46-6 lb/in?. This tendency 
for an increase in friction with sliding speed may be associated with the friction character- 
istics of P.T.F.E., which is shown in its most marked form in Fig. 33(a). As the sliding speed 
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was increased further, the coefficient of friction decreased to a minimum value and then 
increased again. This relationship is typical of the behaviour of plane-parallel sliding systems 
under fluid lubrication and described earlier in this paper. A significant point concerning 
these results is that whilst a low-viscosity lubricant has the effect of increasing the sliding 
speed at which “‘floating”’ of the sliders occurs, it does not have any adverse effect on the 
friction at low sliding speeds. It may be mentioned that sliding speeds as low as 0-003 in/min 
were used in this investigation. Thus it would seem that materials of this type lubricated 
with a low viscosity oil may have advantages in sliding systems in which substantially con- 
stant and low-order friction is required with absence of stick-slip. For comparison Fig. 36 
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Fic. 36. Comparison of P.T.F.E. material-cast-iron combination and cast-iron-cast-iron 
combination under similar conditions of sliding. 


shows the relationship between coefficient of friction and sliding speed for both a cast-iron- 
cast-iron combination and a P.T.F.E. impregnated bronze-cast-iron combination under 
similar load and lubrication conditions. 

The results of static friction tests given in Fig. 37 show that although the coefficient of 
static friction under lubricated conditions was slightly higher than the coefficient of kinetic 
friction at low sliding speeds, the value was still of a comparatively low order. Under dry 
sliding conditions the coefficient of static friction was of a similar order to the kinetic 
friction. An examination of the effect of leaving the slider at rest under load for periods of 
time up to 20 hr revealed little change in the coefficient of static friction. 


Filled Plastic Slideway Materials 

In recent years increasing use has been made both in Great Britain and abroad of various 
types of filled plastic materials as inserts for machine tool slides. Some of these materials 
have a laminated fabric filler whilst others contain random dispersions of fibre. The major 
property of these materials in machine tool applications appears to be their reluctance to 
damage the mating metal surface by scoring or pick up. It is difficult to give a general indi- 
cation of the frictional properties of these materials due to the great variety on the market. 
A limited examination of some of the laminated plastics in common use, however, indicated 
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that the frictional behaviour when sliding on cast-iron is similar to that of cast-iron on cast- 
iron, with a tendency for stick-slip at low sliding speeds depending on the lubricant used. 
Some of the more recent plastic materials containing P.T.F.E. or other solid lubricants 
might be expected to have improved frictional characteristics. 

A possible disadvantage of plastic bearing materials for some applications might be 
their poor thermal conductivity. Under conditions of high load and high sliding speeds, 
considerable frictional heat is likely to be generated. Normally with metal-metal sliding 
combinations heat is conducted away by both bearing surfaces, but with a plastic material 
on one face, heat dissipation would be restricted. The resultant temperature gradients set 
up, for example, in the bed of a machine tool may cause distortions sufficient to upset the 
initial accuracy of the machine. 
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Fic. 37. Static friction results for dry and lubricated P.T.F.E. material. 


A further consideration in the case of precision machine tools is the tendency for some 
plastic materials to undergo dimensional changes upon absorption of oil. 

Plastics are materials which have a number of desirable properties for machine slide 
bearing materials including ease of machining, resistance to corrosion, acceptable frictional 
properties and reluctance to score mating surfaces. At the same time there may be attendant 
disadvantages as discussed above. Probably a good example of plastic materials applied 
with advantage is in the case of lathe saddles, where the movement of the saddle is relatively 
slow and spasmodic. Here, plastic facings may easily be fixed and, in the case of recon- 
ditioned machines, they provide a convenient method of restoring the original height of the 
saddle. The plastic material should assist in preventing the scoring which often occurs on 
the bed ways when cast-iron saddle slides are used. 


Hydrostatic Lubrication of Slideways 
The separation of slideway surfaces by a film of viscous fluid appears, in principle, to 
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offer a solution to the majority of machine tool slideway problems. Wear of the sliding 
surfaces is eliminated, friction is reduced by several orders of magnitude, and intermittent 
stick-slip motion affecting the uniformity of traverse and accuracy of positioning can be 
completely avoided. Other benefits are the provision of a vibration damping layer between 
the cutting process and the bed structure, and the possibility that the location of sliding 
elements can be varied relative to the bed structure to compensate for manufacturing 
inaccuracies. 

Present means of obtaining suitable fluid films are by hydrodynamic lubrication induced 
by the relative velocity of the sliding surfaces, and hydrostatic lubrication, in which the 
control of fluid flow determines the thickness of the lubricant film. Hydrodynamic lubrica- 
tion cannot be controlled externally to the functions of the slideway nor does it provide 
suitable lubricant films when the slideway elements move from a position of rest. In conse- 
quence, to obtain the full advantages of fluid separated sliding surfaces, the provision of 
hydrostatic lubrication is essential. 

The main problem which must be solved before hydrostatic systems can be successfully 
applied is to attain sufficient constancy of fluid film thickness (or rigidity). Although the 
cost of hydrostatic systems would be higher than conventional slideways this may be viewed 
in relation to the overall cost of the machine tools into which they are incorporated, and 
machine tools designed to work at accuracies demanding hydrostatic slideway lubrication 
are generally relatively expensive. 

The required rigidity is also dependent upon particular applications, some machine tools 
demanding location of sliding elements to accuracies corresponding to the rigidity of their 
bed structure, and others allowing comparatively free tolerances, of the order of 0-001 in., 
in certain directions of location. The requirements of the machine tool and the forces applied 
to the slideways must therefore decide the design of the hydrostatic system. 

Generally, static and dynamic rigidity of the oil film cannot be equated, but may be 
adjusted both absolutely and relatively to each other by a choice of suitable hydrostatic 
systems. For instance, hydrostatic pads may be located to resist applied loads, or set in 
opposition to provide a more rigid, preloaded, arrangement. Hydraulic resistances and 
damping capacities of the pads may be altered by varying pad dimensions, or by selection 
of fluid of a different viscosity, or by a change of mean fluid film thickness. Control of the 
fluid supply to each pad provides a wide range of possible film “‘rigidities’’ by allowing the 
flow to decrease with applied load, or by keeping it constant, or even by increasing it. 

Minor problems in the application of hydrostatic slideways to machine tools may also 
be foreseen. For instance, high fluid flows demand a re-circulating system with efficient 
recollection of fluid to avoid severe losses. Fine bearing clearances in the slideway neces- 
sitate fine filtration, and a rapid traverse may require precautions to avoid lubricant starva- 
tion in bearings designed mainly to function at low sliding velocities. 

Despite the problems attendant upon the application of hydrostatic slideways to 
machine tools, their use avoids the limitations of other slideways systems which, in a number 
of instances, have been found to be critical. They provide sliding systems of great rigidity, 
probably comparable with the rigidity of machine tool structures, they do not suffer from 
wear effects, and their frictional resistance must be measured in hundredths of a pound. At 
present the variety of possible systems, and their uncertain dynamic characteristics, makes 
the choice of the optimum system for a given application very difficult. However, the wide 
range of properties that may be obtained by using the principle of hydrostatic support 
iudicates the flexibility of hydrostatic systems for application to machine tool slideways. 
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AUTOMATION 


Two distinct lines of development towards a higher degree of automation can be recog- 
nized depending mainly on the quantities of components and type of manufacture concerned. 

In large-quantity manufacture, machines of basically conventional form are linked to- 
gether to perform a sequence of unit operations on the components as they pass from 
machine to machine along the line. The development of common types of machine tools 
has reached the stage where all the main functions involved in machining the work can be 
included in an automatic cycle. The linking together of machines, however, so that work 
can pass progressively from machine to machine without human intervention raises a new 
set of problems. 

Foremost among these is the problem of work handling, which includes all those func- 
tions required. 

(a) To load and unload the automatic line. 

(b) To bring the work into correctly oriented and timed relationship with the machine. 

(c) To locate and clamp the work in the machine. 

(d) To transfer work from machine to machine. 


Methods of orientation and transfer are sought which avoid excessive mechanical complica- 
tion and exploit such properties as the shape and balance of the part to be handled. There is 
a great need for systematic investigations of the fundamental handling properties of common 
forms of components occurring in various branches of engineering. 

A typical work-handling problem is illustrated by the selector device shown in Fig. 38. 
This was developed to transfer circular blanks to the next process only with the sharp 
blanked edge one way round. A short length of the chute leading from the vibratory hopper 
is Cut away to leave a narrow ledge which can be traversed only by those blanks with the 
sharp edge towards the ledge. Blanks with the small-radius edge towards the ledge slide 
off and are returned to the hopper. Careful investigation of such factors as angle of inclina- 
tion, stack height of the blanks, feed rate, ledge dimensions and component variability 
are necessary before even such a simple device as this can be made to function satisfactorily. 

A further important problem of linked machine operation concerns the overall control 
of the line. If individual machines in the line are to be left unattended, systems must be 
developed for the control of work quality, the detection of faulty operation and the initia- 
tion of machine shut down, and the regulation of individual machine outputs according to 
the state of work flow along the line. In this field, an increasing use is being made of pneu- 
matic, electrical and electronic control equipment to detect the state of critical parts of a 
machine line, evaluate the information transmitted from the detectors, and signal the 
necessary actions. 

The significant feature of automatic machines for complex sequences of operations on 
small batches of components is their ability to follow programmes of numerical instructions 
permanently stored on punched cards, punched tape or magnetic tape. All the machining 
functions such as tool and work positioning, tool changing, speed and feed selection etc., 
can be included in the programme, and change-over from one type of workpiece to another 
is accomplished merely by changing the tape and work location fixture. The successful 
introduction of this advanced concept of versatile machine tool control, however, has 
necessitated a re-appraisal of conventional practice in regard to such fundamental machine 
tool elements as slideways, feed transmissions and measuring systems. 

Researches contributing to the development of suitable forms of construction for 
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numerically controlled machine tools have been described in previous sections of this paper. 
Future research on this subject will include an investigation into the performance of different 
numerically controlled co-ordinate setting systems under various conditions of feed drive 
load impedance. It is proposed that a simulation technique should be used to determine the 
behaviour of the systems over a wide range of feed drive stiffness, slideway friction character- 
istics, drive inertia and backlash. It is hoped that the investigation will provide basic informal 
tion of value both to machine tool builders and to manufacturers of numerical contro- 
equipment. 
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APPENDIX I 


Effect of Machine Stiffness on Accuracy and Machining Time 


The influence of stiffness on accuracy and the time required to remove initial errors of 
the work in finish machining operations can be demonstrated by considering the deflection 
at a given section of the work during successive cuts. Let d’ be the nominal depth of cut 
and uv» the total depth of metal removed after n cuts. Then the actual depth of cut d is given 
by: 

d = Un — Un-1 (1) 
Also the deflection x between tool and work in a direction normal to the cut surface is 
given by: 


x = nd’ — te (2) 


Now in metal cutting the separating force F between tool and work is commonly of the 
form: 

F = Cd? 
where C and p are constants depending on the material and cutting conditions. For equi- 
librium we must also have the relationship: 


F kx 
where & is the static stiffness in the direction of the separating force, so that 
Cd? = kx (3) 
Substituting (1) and (2) into (3): 


C(un Un 1)? = k(nd’ — Un) 
Or, writing » for C/k, 


(Un — Un-1)? = jn — Un) (4) 


Equation (4) is the difference equation which determines up», the actual depth of metal 
removed after m cuts. An explicit solution to (4) is readily obtainable when p = 1, and the 
discussion will be continued only for this special case. When p == | equation (4) simplifies 
as follows: 

nd’ 


un — = 
dn i+, (5) 
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The solution of (5) corresponding to the initial condition up = 0 is: 


Un = nd’ — pd’ (; (6) 


Equation (6) forms the basis for an examination of the effect of stiffness on accuracy 
and finish machining time. The total depth of metal removed is seen to be equal to the 
nominal depth nd’ less a term corresponding to the normal deflection between tool and work 
at the given section of the work. It will be noticed that the deflection approaches the limit 
ud’ as n increases indefinitely. 

In general the stiffness k, and therefore the parameter p, varies from point to point 
along the work, so that an error of form, reflecting the variable stiffness characteristic is 
generated on the work. Figure 39 shows diagrammatically the conditions at the commence- 
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Profile after 
n Infeed Cuts 


Desired 
Profile 


Fic. 39. Generation of form errors due to variable stiffness effect. 


Length of workpiece 
Rate of change of radial grinding force with respect to depth of cut resultant stiffness 
‘ =Nominal depth of cut 
Number of passes 
Initial form error 
- Excess of metal due to deflection 


ment of machining (e.g. a cylindrical grinding operation) and after n passes on a nominally 
cylindrical workpiece having an initial form error 6r measured from the reference diameter 
at the left-hand end. After » passes at a nominal depth of cut d’ there will remain at any 
section an excess of metal ¢ given by: 


t =(n — — un-g (7) 


It will be noticed that the number of actual cuts at a section does not necessarily coincide 
with the number of passes, but is equal to n, the number of cuts counting from the largest 
diameter, less a number ¢, where ¢ is the initial form error 6r expressed as a multiple of 
the nominal depth of cut d’, i.e., 6 = dr/d’. 
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After n passes therefore we have at the reference end of the workpiece 


lo pod’ [ \"| 


And at a section distance | from the reference end: 


pid’ [ (, 


The form error 6r; at section | after m passes is equal to fo — fh. 


(0 i) d d fey | (8) 


Provided that the resultant stiffness of the machine and work set-up is high (i.e., po 
and j; small), the term in the square brackets will become negligibly small in a relatively 


Hence 


small number of passes. However, a form error (jo — 1) d@’ due to the variable stiffness 
is impressed on the work, and it may be necessary to adopt a procedure such as sparking 
out or taking successively smaller cuts to achieve final accuracy of form. 

A special case of (8) which is of considerable practical interest occurs in the grinding of 
internal bores with slender grinding quills. The resultant stiffness is then practically inde- 
pendent of the traverse movement, so that the parameter » remains sensibly constant at all 
sections along the work. However, the lack of stiffness of the overhanging quill results in 
a slow elimination of the initial errors of the work, and the attainment of final accuracy 
may be a lengthy and costly process if the initial errors are excessively large. For constant 
value of the parameter «, equation (8) simplifies to: 


br’ L n 1+ »\? 
an! f f l (n d) 
where: 5r’ = form error remaining on work after ” passes, 5r = initial form error of work, 
u = rate of change of radial grinding force with respect to depth of cut/resultant stiffness, 
¢ = initial form error 6r/nominal depth of cut d’. 

Graphs of dr’/dr as a function of m for a range of values of » and ¢ are presented in 
Fig. | of the paper. The graphs show that rather fewer passes are required to remove the 
initia! errors if large depths of cut are taken. However, the stiffness of the quill, through its 
effect on p, is the main factor affecting the number of passes and time required to remove 
a given error of form in the work. 

APPENDIX II 
Equations Relating to Energy Dissipation at Junctions of 
Machine Tool Elements 

The equations of equilibrium of the simplified analogy of a structural element mounted 

on machine slides, shown in Fig. 10, are as follows: 


Loading cycle 
PLo = + PLo pg + (1) 
Unloading cycle 


PLo dK; PLo — 
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Also it can be seen that, 


(3) 


From equations (1), (2) and (3) the following relationships defining the slopes 0; and 62 
of the load-deflection diagram can be derived. 
K; 


Lot l (K;/k) 


From the extreme positions of the theoretical cycle of the analogy, i.e. P) and Py of 
Figs. 11 and 12, the load and deflected positions at which the friction couples are overcome 
are found as follows: 

(6) 

+ pg) 


Lo(1 He) 


P. 


P, (7) 


APPENDIX III 


A Theoretical Analysis of the Load-bearing Capacity of Nominally Plane 
Parallel Sliding Surfaces Separated by a Thin Film of Viscous Liquid 


Figure 40 represents two opposing surface elements separated by a thin film of viscous 
liquid. The surface elements are in relative motion as indicated in the figure. (Note that the 
Oxz plane is drawn so as to bisect the dihedral angle formed by the surface elements.) 
Due to the squeezing action exerted by the surfaces on the viscous fluid, pressure is deve- 
loped between the surface elements. It can be shown that the differential equation which 
governs the pressure distribution is: 


24V = 0 (1) 


Ox Ox Oz ” Oz 


where 7 is the viscosity of the liquid, / is the thickness of the liquid film and p is the pres- 
sure developed. 

Equation (1) is a form of the Reynolds equation; it gives the pressure developed when 
the two surface elements approach each other with a velocity having the component 2V 
in the direction at right-angles to the bisector of the dihedral angle formed by the two 
elements. 
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Hence in this case V 


Consider now the case where one slightly undulating surface slides over another such 
surface, both being separated by a lubricant film. The situation is as in Fig. 41. The imagin- 
ary surface M(x), which may be termed the median surface, is drawn midway between S;(x) 
and S»2(x); as will be seen, it is of importance in determining the pressure developed in the 
lubricant film. For simplicity the effects of variations in the surfaces in a direction at right- 
angles to the plane of the paper (the z-direction of Fig. 40) will be ignored; this corresponds 


z 


to neglecting transverse fluid motions (“‘side leakage’’) in obtaining results. With this simpli- 
fication equation (1) may be revised to: 


Now V is the mean velocity with which corresponding elements approach the median 
surface (regarded as being stationary in this context). But an element of S;(x) approaches 
M(x) with velocity U dM/dx, whilst the velocity of the corresponding element of S2(x) is 0. 


differential equation is obtained: 


The function M(x) representing the median surface is undulating in form; it follows 
that the function M(x)/h® also undulates. Up to now the x-axis has been specified only in 
direction, not in position; it is clear that by suitable positioning of the x-axis the function 


Fic. 41. Sliding surface S)(x), stationary surface So(x), and median surface M(x). 
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Fic. 40. Squeeze film action between surface elements. 


d 2 dp 


24V =0 2 
dx \» (2) 


}U . dM/dx. Substituting this value for V into (2), the following 


3 
d (" 12 (3) 


dx \» dx dx 


| 
Vv 
VOL. 
196] 
= 
v 
> 


Application of Research Results in Machine Tool Design and Development 145 


M(x)/h® can be represented as in Fig. 42(a). For the purposes of further analysis a restriction 
on the form of M(x)/h? will now be imposed: it shall be periodic, the period being denoted 
by /. As shown in Fig. 42(b), the function is to include equal areas above and below the x- 
axis. Clearly when S)(x) and S2(x) have a common period, /, M(x)/h? can be taken in the 
periodic form of Fig. 42(b) without recourse to idealization. 

A solution of (3) may now be rapidly obtained, deferring consideration of its physical 
validity for the moment. 

First, by integrating (3): 


M(x) 
dx 


(4) 
Next, integrating (4): 


z 
M(x) 
0 


Fic. 42. Weighted median waveform . 


(a) General type 
(b) Idealized type 


The solution given by (4) and (5) is sketched in Fig. 43. [Note that Fig. 43(a) is similar 
to Fig. 42(b), but has the waveform reversed due to the minus sign in equation (4).] 
The following properties of the solution may be noted: 


(i) p and dp/dx are everywhere continuous 
(ii) p is non-negative 
(iii) p and dp/dx = 0 when M(x) = 0. 


[M(x) = 0 in the case of ideally plane parallel sliding surfaces]. 

In view of these properties it may be concluded that the solution possesses physical 
validity and that, in view of property (iii), the pressures generated are due exclusively to 
the squeeze film action. Reflection indicates that the solution is that appropriate to sliding 
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éx 


+ 
22 
@) 
22 
(b) 


Fic. 43. The solution of the differential equation. 


(a) Pressure gradient 
(b) Pressure 


surfaces having a reasonably large number of waveforms of the type shown in Fig. 42(b) 
(so that “end effects’’ may be neglected). 
The mean pressure p developed between the sliding surfaces is now readily obtained: 


l 
p=! f 
0 
l d 
=) *& 
0 
That ts: 
l dp 
=—. x— dx 
dx 
0 
Hence, substituting from (4): 
i 
_ 12nU [ M(x) 
= x dx 6 
0 


From (6) a formula may be deduced which exhibits the effect of the amplitude and 
wavelength of the surface undulations, S;(x) and S2(x), on the mean _ pressure 
developed at slow sliding speeds. Let the length a be a measure of the amplitude of these 
undulations and let the length A be a measure of their wavelength. It is supposed that a 
and A are allowed to vary but that otherwise the shape of the undulations remains the same. 
In these circumstances the wavelength / of M(x) varies directly as A; also, at slow sliding 
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speeds, the amplitudes of /(x) and M(x) vary directly as a since the sliding surfaces are then 
in close contact. Hence, using dimensional considerations, 


12 f M(x) 


1) 
0 


(7) 


where F depends on the form of the surface undulations but not on their wavelength or 
amplitude; F is given explicity by: 


1 
12 fa® M(x) 
| X * (8) 
0 


Substituting (7) into (6) the following expression is obtained for the mean pressure 
developed at slow sliding speeds. 


(9) 


where F is defined by (8). 
From the form of (9) it is immediately obvious that for surfaces of a given form (F 
constant) the following conditions promote high mean pressures at slow sliding speeds. 


(1) The viscosity 7» is large. 

(2) The amplitude a of the surface undulations is small. 

(3) The ratio A/a of the wavelength of the surface undulations to their amplitude is 
large. 


| 
U a 
aa 
OL 
4 
i 
& 


Int J. Mach. Tool Des. Res. Vol. 1, pp. 148-156. Pergamon Press 1961. Printed in Great Britain 


A GRAPHICAL METHOD FOR THE DETERMINATION OF 
THE DYNAMIC STABILITY OF MACHINE TOOLS 


J. P. GURNEY* and S. A. ToBIAst 


INTRODUCTION 


THE STABILITY of the cutting process depends not only on the cutting conditions and the 
material being worked but also on the dynamic behaviour of the machine structure. In fact, 
an adequate description of the dynamic behaviour of the structure is one of the difficulties 
of chatter analysis. In certain cases it may be possible to represent the machine as a series 
of simple mass-spring systems, the constants of which are obtained from a resonance test. 
This approach is only valid when the resonance peaks of the machine structure are well 
separated. 

The method presented in this paper attempts to overcome this obstacle by using the 
harmonic response locus to describe the characteristics of the machine structure. The 
method is essentially graphical. It is equally applicable when the modes of the structure are 
not well defined, and it takes the effect of the rotational speed of tool or workpiece into 
account. The stability conditions for regenerative chatter determined by this method are 
set out in the form of stability charts. 


THE DYNAMIC STABILITY OF METAL CUTTING 


In regenerative chatter, the build-up of the self-excited oscillation is easily visualized. 
Any disturbance of the steady cutting process causes the tool and the workpiece to deflect 
with respect to each other and execute a relative vibration, tracing a small wave on the 
surface of the workpiece. As a rule this is a damped vibration, but as the work (or the tool) 
rotates, the surface wave is again encountered by the tool. It causes a varying cutting force 
which acts on the machine structure, deflecting it and causing another relative vibration. 
The amplitude of this vibration may be larger than that of the initial one, and in that case 
the amplitude will grow until limited by some non-linear effect (such as loss of contact). 

From this general description of the mechanism of regenerative chatter it can be seen 
that the factors affecting the stability of the cutting process can be divided into two groups: 
(1) factors relating to the characteristics of the machine tool structure, which decide the 
behaviour of the structure and the relative motion of tool and workpiece when the cutting 
process is disturbed; (2) factors relating to cutting conditions, which determine the forces 
generated by the disturbance of the cutting process. Any analysis of the stability of the 
cutting process must take into consideration both these groups of factors. 


THE DYNAMIC CHARACTERISTICS OF THE MACHINE STRUCTURE 


As yet, no method exists of forecasting the dynamic behaviour of a machine structure. 
For any analysis to be performed, preliminary experiments must first be made to determine 


* James Watt Research Fellow, Department of Mechanical Engineering, University of Birmingham. 
+ Professor of Mechanical Engineering and Head of Department, University of Birmingham. 
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the frequency response. This is done by exciting the machine by a harmonic force acting 
between tool and workpiece in the direction of the cutting force, and measuring amplitude 
and phase of the ensuing vibration in the direction normal to the cut surface. If convenient 
the machine may be excited in the direction of the normal, and the response measured in 
the direction of the cutting force*. By Maxwell’s reciprocal theorem the response in each 
case will be the same. The amplitude and phase for a wide range of frequencies are then 
plotted in polar co-ordinates to give the harmonic response locus. 

The relation that the harmonic response locus bears to the more customary resonance 
curve and the phase variation is evident from Figs. l(a, b and c). These show respectively 
the variation of the amplitude and phase of the forced relative vibration as a function of the 
exciting frequency, and the harmonic response locus, for a single degree of freedom system 
in which the damping is 0-05 critical, i.e. Q = 10. The values of the exciting frequency are 
marked at appropriate intervals along the locus. 


THE EFFECT OF VIBRATION ON THE CUTTING FORCE 


This analysis confines itself to considering motion between tool and workpiece in the 
direction normal to the cut surface. This is because only motion in this direction has a 
direct effect on surface finish and dimensional accuracy. It may be that vibration tangential 
to the cut surface results in force increments affecting the motion in the norma! direction, 
but it is assumed that these effects are small. It has already been demonstrated that an 
analysis based only on motion in the normal direction yields results in good agreement with 
experiment [1]. 


For a given tool and workpiece material the steady-state cutting force P is a function of 
the width and depth of cut, and of the cutting velocity. The width of cut is not altered by 
any motion normal to the cut surface, and in line with the observation above, the cutting 
velocity has only a small effect on this motion. Therefore, in its simplest form, the incre- 
mental cutting force due to a variation of the cutting conditions from steady-state is pro- 
portional to the incremental depth of cut, ds. In the case of a lathe in orthogonal cut, where 
successive cuts overlap completely, 


dP = kids = ki[x(t) — x(t — T)] (1) 


where k, is the chip-thickness coefficient, and T is the time of rotation of the workpiece. 
This equation also holds for plunge-grinding with no longitudinal feed, where the whole 
upper surface of the metal being ground is removed successively. In cylindrical grinding the 
equation must be modified because of the fact that only part of the surface being formed 
by the wheel at any time is removed one revolution of the work later. Equation (1) then 
becomes: 


dP = ki[x(t) — px(t — T)] (2) 


where , is the overlapping factor. 


DERIVATION OF THE STABILITY CRITERION 


(i) Orthogonal Cutting. Overlapping Factor » = | 
To make possible a clear presentation of the method of deriving the stability criterion, 


* With single-point tools this direction is mainly a function of the rake angle. In grinding the direction 
can be varied to some extent by changing the wheel and cutting conditions. 
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the simplest form for the incremental cutting force, that given in equation (1), will first be 
considered. After this case has been analysed, the effect of the overlapping factor will be 


discussed. 


Amplitude 
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Consider a machine tool set in forced vibration by a harmonic force F cos wtf acting in 
the direction of the cutting force. The equation of motion is then: 


= F cos wt (3) 


where x is the relative displacement normal to the cut surface, and /(#, #, 2) is a function 
describing the behaviour of the machine structure over the full frequency range for the 
particular method of excitation. The steady-state solutions x(t) of this equation are deter- 
mined experimentally as a function of w and plotted in the form of the harmonic response 
locus, which has already been introduced in Fig. l(c). It is presented again in Fig. 2, with 


>! 


Fic. 2 


the radial co-ordinate normalized by multiplying by the static stiffness As between tool and 
workpiece. This enables the following construction to be carried out entirely in force 
units. Now the vector OP in Fig. 2 (corresponding to zero frequency) represents the static 
force F which produces the static displacement xs = F/s. 

Assume now that instead of the force F cos wt, the incremental force dP(t) due to a 
deviation of the cutting process from steady-state, acts on the machine. The equation of 
motion is now: 


SG, &, x) = —d P(t) (4) 
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The incremental force dP appears with a negative sign as its positive direction is opposed 
to that of the cutting force. Equations (1) and (4) give: 
x) = —ki[x(t) — x(t — T)] (5) 


At the limit of stability x(t) is sinusoidal. Therefore the harmonic response locus is 
applicable, with the exciting force —dP(t) being represented by the vector OP in Fig. 2. 


dP(t) is represented by OP’, where OP’ = —OP. 
In accordance with equation (1), the vector OP’ consists of two other vectors, 
OP’ = ki[x(t) — x(t — T)] (6) 


It will again be remembered that at the limit of stability the vibration is sinusoidal, 
neither increasing nor decreasing in amplitude. Therefore the vectors k,x(t) and kix(t — T) 
are equal in magnitude. This means that if equation (6) is represented as a vector triangle 
in Fig. 2, the vectors k,x(t) and kix(t — 7) must meet on the perpendicular bisector of OP’. 
This allows the triangle to be drawn with OR’ = k,x(t) and P’R’= kix(t — T). Because 
of the normalization, OR = Asx(t), from which it follows that: 

ki OR’ 


OR 


Thus the critical value of the chip-thickness coefficient for chatter to occur at the fre- 
quency given by R can be found from equation (7). If this is repeated for a series of fre- 
quencies, the critical value of k; can be found as a function of w. The values of T correspond- 
ing to these values of k; and w can be found by once again making use of the fact that at 
the limit of stability x(t) and x(t — T) are harmonic functions. The phase angle between 
them is therefore w7. This is the angle denoted by @ in Fig. 2. T is a multi-valued function 
of w as the angle between the vectors can be @ + 27n, where n is any integer. In this way a 
stability chart can be drawn up showing those values of k; as a function of the rotational 
speed which are stable and those which are unstable. In Fig. 3 the stability chart has been 
drawn for the system whose harmonic response locus is shown in Fig. l(c), i.e. a simple 
mass-spring system in which the damping is 0-05 critical. It consists of a series of lobes, 
each having a minimum value of k;/As ~ 0-102. This minimum value is given by the point 
on the harmonic response locus with the maximum negative in-phase component, as can 
be deduced from equation (7). At low speeds of rotation, these lobes overlap to a great 
extent, but at higher speeds they spread out, allowing the possibility of improving the 
chatter behaviour by a judicious choice of workspeed. 

It is evident from the construction in Fig. 2 that the vector triangle can only be formed 
for positive values of k; at those frequencies in which the displacement lags the exciting 
force by more than 90°. This confirms the frequently observed fact that regenerative chatter 
occurs at a frequency above the natural frequency of the mode excited. As the machine 
structure is a passive system, there must always be a frequency range in which the in-phase 
component of the response is negative. It follows that under the conditions assumed here, 
it is possible for instability to occur on any machine, no matter how high the damping. 


(ii) Effect of the Overlapping Factor 
The equation for the incremental force is modified if successive cuts do not completely 
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overlap. Cylindrical grinding (Fig. 4) provides a frequently met example of this, when the 
incremental cutting force is given by equation (2): 


dP = ki[x(t) — wx(t — T)] (2) 


k 
Ss 


Chip thickness coeff. 
Static stiffness 


Rotational speed Q 
Natural frequency @,» 
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Equation (5) then becomes: 
S(&, &, x) = —ki[x(t) — px(t — T)] (8) 


The harmonic response locus of the machine is of course unaltered, and as in the previous 
case x(f) is sinusoidal at the limit of stability. Therefore, from equation (2) the vector OP’ 
is now given in terms of two other vectors by: 


OP’ ky[x(t) — px(t — T)] (9) 


This vector equation is represented in Fig. 5, with OR’ = k,x(t) and P’R’ = pkix(t — T). 
Because of the fact that kyx(1) and kix(t — T) are equal in magnitude, P’R’ = »OR’. This 
means that R’ lies on one of the coaxal circles with focal points at O and R’. The actual 
circle is decided by the value of «. The circles for several values of » are shown in Fig. 5. 
In other respects the determination of the stability chart is similar. The stability chart for 
pe = 0-8 is shown in Fig. 6. It can be seen that it has the same overall shape as that for 
= | but that the unstable zones are moved upward, i.e. the system is more stable. The 
minimum value of k;/As at which instability can occur is now about 0-133. In general, as pu 
is reduced, conditions become more stable. With the simple example under consideration 
here, instability cannot occur if » = 0, i.e. if successive cuts do not overlap, as in screw- 
cutiing, or on the first pass in any metal-cutting operation. This is not generally true. In- 
stability without regeneration can be explained simply by the fact that the harmonic response 
locus crosses the negative real axis. This may seem impossible as the machine structure, to 
which the harmonic response locus applies, is a passive system, but it must be remembered 
that the direction of the exciting force is not necessarily the direction in which the displace- 
ment is measured. Because of this, phase lags greater than 180° are possible. This shows a 
further advantage in using the frequency response obtained from the machine itself, as 
with a single degree of freedom approximation chatter of this type can only be explained by 
postulating a velocity dependent cutting force component producing, for one reason or 
another, negative damping. 


CONCLUSIONS 


The use of the harmonic response locus is new to machine tools. It has so far been 
applied with most effect in electrical engineering. The technique, however, is extremely 
useful, and its use in this field has much to recommend it. 

Previous workers in this direction have relied on the resonance curve to determine the 
constants of the principal modes of the machine. This is quite accurate if the resonance peaks 
of the machine are well separated and clearly defined. In this case it is also justifiable to 
assume motion of the machine is essentially in one mode, and the machine can then be 


represented by a simple damped mass-spring system. In a structure as complex as a machine 


tool, this approach is obviously of limited application. Even if an attempt is made to take 


several modes into account [2] difficulty is encountered in determining the constants of 


each mode accurately. 
he main advantages of the method presented here over algebraic methods of analysis 


are its simplicity and the direct way in which the structural characteristics of the actual 
machine, not a mass-spring—dashpot model, enter the analysis. It entails no more than 
some elementary computation and simple graphical constructions which may be carried 
out by unskilled personnel. It may be applied to any metal cutting process provided that the 
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relevant expression for the variation of the cutting force with machine distortion is used in 
equation (1). It is not limited to those cases in which the resonance peaks are well separated 
and takes into account all the modes of the machine. It should be emphasized that the 
simple examples used for illustration are in no way a reflection on the limitations of the 
method. 

The use of the response locus makes it easy to picture well-known effects, e.g. that 
chatter occurs at a frequency above the natural frequency of the mode excited. The overall 
effe t of one parameter can be visualized and general trends picked out from a realization 
of the effects of various vectors. The fact that successive cuts may not completely overlap 
can be taken into account. 

It has been reported [1, 3] that under dynamic conditions the cutting force may not be 
dependent on the chip-thickness alone. Recent work [4] has confirmed this. It can be allowed 
for by inserting a further term in equations (1) and (2). Equation (5) now represents a vector 
quadrilateral rather than a vector triangle. This can also be taken into account, and the 
effect of this term on the stability chart is discussed in a paper shortly to be published. 
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THE DYNAMIC CHARACTERISTICS OF 
A HYDROSTATIC THRUST BEARING 


G. M. BrRown* 


Summary—The dynamic behaviour of a hydrostatic thrust bearing is subjected to a relatively simple 
analysis, based on an equivalent spring-damper system. The validity of this approach is justified with results 
obtained from an experimental investigation. The results indicate that the dynamic stiffness of a massless 
system is at all times greater than the static stiffness and that a considerable degree of damping is always 
present. These features suggest that hydrostatic thrust bearings appear to be very suitable for machine tool 
applications where high stiffness and high damping are always essential properties. 


INTRODUCTION 


THE APPLICATION of numerical control systems to machine tools has tended in many cases 
to accentuate many undesirable characteristics associated with conventional machine tool 
design. Amongst these, instability of sliding motion, commonly described as “‘stick-slip”’ 
has figured prominently and interest in the application of externally pressurized, or hydro- 
static, bearings to machine tool elements has been renewed. Several workers [1, 2] in the 
field have referred to the static characteristics of hydrostatic thrust and journal bearings 
but only one [3] appears to have considered the dynamic behaviour of such bearings. 

The investigations referred to herein were carried out in an attempt partially to fill this 
void with a view to establishing design criterion for machine tool slideway applications. It 
has been established [4, 5] that high structural stiffness under dynamic conditions is of 
utmost importance if steady, chatter-free cutting conditions are to be maintained in any 
type of machine tool and a knowledge of the stiffness characteristics of the oil-film with 
which it is proposed to separate the various elements of such a structure is therefore of 
particular value to the machine tool designer. 

The range covered by these investigations was very limited and it is not possible to gener- 
alize on the basis of the results obtained. It is possible to say in conclusion, however, that, 
as far as stiffness is concerned, there is no reason to doubt the suitability of such bearings 
for machine tool applications. 


NOTATION 
effective bearing area 


equals 1/V-R-K and has dimensions of frequency 
compressibility modulus of fluid 

effective stroke of system 

supply pressure 

exhaust pressure 

flow rate into or out of the system 

effective resistance of system 

viscous resistance of intermediate restrictor 
viscous resistance of each pair of lands 
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quadrature, or damping, stiffness 

in-phase, or spring, stiffness 

overall stiffness of system 

equivalent viscous damping coefficient 
instantaneous force 

/—l 

equivalent static spring stiffness 

linearized static hydrostatic stiffness 
non-dimensional frequency = w/C 

complex instantaneous pressure associated with displacement x 
in-phase component of p 

quadrature component of p 

time 

nominal fluid film thickness 

displacement measured in direction of ao 
displacement associated with compressibility 
displacement associated with outflow from system 
cyclic frequency 


THEORETICAL CONSIDERATIONS 


A typical hydrostatic bearing of the single thrust type may be represented diagram- 
matically as in Fig. |. It is convenient to assume that the bearing has infinite length in a 
direction perpendicular to the plane of the diagram and that only unit length in this same 


direction is to be considered. 


Fic. 1. Diagrammatic hydrostatic bearing. 


Assumptions 

In the first instance it is assumed that the overall behaviour of the system when a cyclic 
sinusoidal displacement, do e/” is applied vertically to member A, may be considered to be 
the superimposed effects of two distinct phenomena each of which may be considered 
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separately. It is also assumed that the amplitude ao is small compared with the nominal 
oil-film thickness fo and that therefore the hydrostatic effects may be considered to be linear. 
It is assumed that inertia effects in the fluid are negligible. 

The two phenomena of which the overall behaviour is assumed to comprise are that due 
to compressibility and that due to hydrostatic bearing effects. It is proposed to consider first 
the response to the displacement ap e/”* whilst ignoring the hydrostatic bearing effects. It 
is suggested that the dynamic behaviour of a hydrostatic bearing is influenced primarily 
by the presence of a film of fluid between the bearing surfaces. The fact that a prerequisite 
of a hydrostatic bearing is that there shall be a flow of fluid through the bearing is con- 
sidered only as being a convenient means of ensuring that this fluid film is maintained at a 
reasonably uniform nominal thickness. 

Assuming this to be so it is now necessary to consider only the effects of a harmonic 
displacement applied to one of a pair of flat plates, the space between which is filled with 
fluid. Both the viscosity and compressibility of the fluid are considered. For this purpose 
the system may be likened to Fig. 2. Ps is made equal to Pp and there is no steady state flow 


Fic. 2. Bearing without hydrostatic effects. 


through the bearing. The bearing space consisting of the two lands L, and the pocket P, 
are assumed to be completely filled with fluid and it is assumed that the lands L and the 
remote end of the resistance R all communicate with infinite reservoirs. 

It is now possible to idealize the system by lumping the constants into the form shown 
in Fig. 3. The effective volume of oil in the bearing space becomes V, and the resistance 
offered by each land Ry. It is now possible to simplify the system still further and let the 
resistance R, have the same effect as the three resistances Rj, Ry and Rz in parallel. Thus we 
arrive at the system as depicted in Fig. 4. The system has been likened to a cylinder and 
piston assembly in which the only communicating space between the volume V, in the 
cylinder and the outside reservoir is via a resistance Re. The volume of oil in the resistance 
itself is assumed to be negligible compared with the volume V. 

It is now proposed to consider the frequency response of the system as depicted in Fig. 4, 
when subjected to a sinusoidal displacement do e/*'. Consider at first a small displacement 
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\ 


Piston 


Cylinder 


Reservoir 


Fic. 3. Equivalent system without steady flow. 


dx as in Fig. 4. This displacement dx may be assumed to consist of a component dx; brought 
about by compressing the fluid, and a component dxy due to outflow from the cylinder. 
Outflow from the cylinder and change in volume due to compressibility are only brought 
about by a rise in pressure dp inside the cylinder. Considering flow rate Q through the 
resistance R, (which is assumed to be a viscous resistance), we get: 


dt 


where dV; = Ae dxy. 


Reservoir 


Fic. 4. Simplified equivalent system. 
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since dp is the pressure drop across Re, so 
Q 


and therefore 
dV; 


pdt 
Ae Re 
Considering the change in volume due to compressibility we get: 
L 
OL 
l 2 K dp 


V. K dp 
Ve Kdp 


Now 


therefore from equations (1) and (2): 


therefore 


Ae 


which, if x = dao e/“* becomes: 


- Jao wel’ 


RR, VK 


Putting 1/V. KRe = C this becomes 


Me . 
p+ Cp = —, jao weit 


VeK 


Solving this equation and ignoring the transient terms we get: 


Ae dao elw \ J Ae ao Cw 
Ve K(C2 + Ve K(C2 
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‘ dp 
do = 
R. 
P 
Re 
p 
dt R. 
Ae dxy 
dt Re 
(1) 
dxe = (2) 
Ae 
| 
dx = dxy + dxe 
pdt V. K dp 
Ae Re Ae dt 
or 
P _ ve p 
Ae Re Ae 
P x 
Ae AR, 
or 
fe 
p 9 (4) 
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The pressure p, and hence the thrust pA, vary harmonically and may be considered to 
consist of two components. One of these components, represented by the real term of 
equation (4) is in phase with the displacement and is therefore a pure stiffness term. The 
other term represented by the imaginary term of equation (4) is in quadrature with the 
displacement and is therefore a damping term. 

Considering the real term: 

Ae ao 


Pr 
V. K(C* — w*) 
This may be written in terms of in-phase stiffness S, and we get: 


A2 w? 
Sr 
Ve K(C* + 
Considering the imaginary term: 
A ag C weit 


Ve K(C2 + 
This may be written in terms of a quadrature stiffness S; and we get: 
A2C 
Si 
Ve K(C 


and putting w — nC, from equation (5): 


And from equation (6): 


VeK 
A* 


Curves of S; V, K/A? and S; V. K/A? are shown in Fig. 5. 


From Fig. 6 it will be seen that the response obtained from this part of the system is 
identical to that of a system in which a purely elastic spring is placed in series with a viscous 
damper. 


The equation of motion of the system depicted in Fig. 7 is 


f = (7) 


Comparing equation (7) with equation (3) we see that the equivalent spring stiffness of 
the system in Fig. 5 is given by: 
AG (8) 
VMK 
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| In-phase 


————-—-+4 


| 
| 
— 


| Quadrature 


Non-dimensional stiffness 


2:0 3-0 4-0 
> 


Non-dimensional frequency-n 


Fic. 5. Curves of stiffness vs. frequency. Fic. 6. Equivalent spring— 
damper system. 


and the equivalent damping constant by: 
Ae 
Ve KC 
Substituting back for C, equation (9) becomes: 
c= APR, (10) 
Referring again to Fig. 5 it will be seen that V, may be considered as the product of the 


cross-section area Ae and effective stroke Le. Thus equation (8) becomes: 


(8a) 


Non-dimensional stiffness 


Quadrature 


Static ‘hydrostotic' stiffness 


0 2-0 3-0 4-0 


Non-dimensional frequency-n' 


Fic. 7. Stiffness curves allowing for hydrostatic effects. 
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The analysis so far refers simply to the behaviour of a system consisting of the two 
members A and B separated by a space containing a compressible fluid. It is now necessary 
to introduce the hydrostatic bearing effects into the equations. It is suggested here that this 
may be performed quite simply by assuming that the hydrostatic effects remain the same 
as in a purely static system and that they act in parallel with the system whose behaviour 
has already been analysed. 

A more accurate analogy would be one in which the spring representing the static 
h: drostatic stiffness is placed in parallel with the damper only. In practice, however, 
kn <k and the simplicity associated with the assumed system is considered to outweigh 
the necessity for reverting to the more accurate analogy. 

All that remains to be done therefore is to linearize the hydrostatic effects such that 
they may be assumed to be represented by a purely real stiffness kp. 

Thus the overall system has an in-phase stiffness of: 


As w 


S kn l 1) 
Ve K(C2 + w?) 
and the overall quadrature stiffness remains unaltered at: 
A? Cw 
S (12) 
V. K(C?2 + w*) 
putting equation (11) into non-dimensional form we get: 
A? r2 
S kn 
Ve + n?) 
VeK n kn Ve K 
(1 A: 
Similarly: 
VeK n 
Stot; (12a) 


A2 (1 + n?) 


The overall characteristics are therefore as in Fig. 7. 

The equivalent spring damper system is now as shown in Fig. 8. The parallel spring of 
stiffness kp is associated with the hydrostatic bearing effects and the spring of stiffness k 
with the compressibility effects. The damping coefficient c¢ is associated with viscous re- 
sistance effects. 

Having simplified the actual system it now remains to relate an actual system to its 
equivalent lumped constant form. As regards the hydrostatic bearing effects there is no 
difficulty since the equivalent spring stiffness k, is equal to the static hydrostatic stiffness. 
It is relatively easy to predict the static hydrostatic stiffness of a given bearing from a 
knowledge of its physical dimensions and working pressures etc. The stiffness k and damping 
coefficient ¢ are both, however, functions of physical quantities whose values are not 
required in determining the static hydrostatic stiffness. Further analysis is required there- 
fore before it is possible to determine values of R,, Ae, and V, in terms of actual physical 
dimensions of any particular bearing. 

In a bearing in which the land width / (Fig. 2) is relatively large it is very likely that the 
compressibility stiffness term and the damping term depend only on the behaviour of the 
fluid in between the lands, the relatively large volume of fluid in the pocket between the 
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Fic. 10. General view of experimental test rig. 
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lands and the resistance Ry providing almost complete decoupling. Assuming this to be so 
it then remains to determine the effective values of Re, Ae and V, for the lands only. This 
can be done relatively simply assuming still that the amplitude of displacement is small 
compared with the nominal fluid film thickness. It can be shown that the pressure distri- 
bution under dynamic conditions becomes parabolic and that the effective area of the 
system therefore is equal to two-thirds of the actual area of the lands. Similarly the effective 
resistance to flow is equal to one-half the resistance that would be offered to uniform flow 
through the lands whilst the effective stroke of the system is equal to the fluid film thickness. 

Whether these simplifying assumptions are valid will only become apparent when they 
are applied to a particular set of experimental results. 


Fic. 8. Spring—damper system for hydrostatic bearing. 


EXPERIMENTAL APPARATUS AND METHOD 


It is not intended to consider in great detail the experimental investigations that have 
been performed in attempting to determine the frequency response of a hydrostatic thrust 
bearing. It is of interest, however, to extract some of the results that have been obtained so 
far and compare them, at least qualitatively, with the characteristics obtained analytically. 

The type of hydrostatic bearing considered was of annular configuration in plan and 
provided double thrust action. The working parts are shown diagrammatically in Fig. 9, 
and an overall view of the system is shown in Fig. 10. The excitation was provided by means 
of an electromagnetic vibrator, and exciting force and displacement were measured by 
means of variable-capacitance transducers. The useful frequency range of the apparatus 
was found to be limited to about 400 c/s at its upper end by virtue of the existence of spurious 
resonances in the apparatus itself. At the lower end it was possible to provide forcing at 
1 c/s and static values could be determined without disturbing the dynamic forcing equip- 
ment. 


EXPERIMENTAL RESULTS 


The measured quantities, namely forcing amplitude, displacement amplitude and relative 
phase have been plotted in terms of in-phase and quadrature stiffnesses (stiffness being 
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Variable capacitance 
force transducer 


Vibrator 


supports 


—Strain tube 


Bearing 
surfoces 


Variable capacitance 
displacement transducer 


Fic. 9. Sectional view of the experimental test rig. 


defined as the force required to excite a constant amplitude) versus frequency. In Fig. 11 
are shown the curves obtained with a low-viscosity oil and it can be seen how suppiy pressure 
effects the response. In Fig. 12 are given the curves obtained with a high-viscosity oil. Here, 
the effect of varying the supply pressure is much less pronounced. In Fig. 13 the curves 
obtained with oils of two viscosities, but at the same supply pressure, are compared. 

The agreement, in general form, of the curves obtained experimentally with those ob- 
tained analytically (Fig. 8) is striking. Qualitatively there would appear to be little doubt 
as to the validity of the analytical approach and it is worthwhile considering here in some 
little more detail the practical significance of the non-dimensional terms employed in the 
analysis. 

From equation (11a) the overall real stiffness expressed in non-dimensional form may 
be considered as a stiffness ratio: 
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The denominator, A?/V- K = A¢/Le K and is well known as the compressibility stiffness of 
a closed system. It is in fact the stiffness of the system depicted in Fig. 4 when R, becomes 
infinite. The system behaves as if Re were infinite at very high frequencies, i.e. n —> 0. 

According to equation (11a) the limiting real stiffness is therefore equal to the sum of 
the static stiffness plus the compressibility stiffness. Now the compressibility stiffness is 
obtainable from equation (12a). At n = 1, the quadrature stiffness is numerically equal to 
one-half the compressibility stiffness. Now equation (12a) has a maximum at n = | and 
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In-phase stiffness, 
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Quadrature stiffness, 


Frequency, c/s 


Fic. 11. Curves of stiffness vs. frequency obtained with a low-viscosity oil. 


therefore it is only necessary to determine the maximum quadrature stiffness and it is a 
simple matter to determine the compressibility stiffness. 

Unfortunately the useful frequency range of the apparatus did not allow of a peak in 
the curve for the low-viscosity oil being obtained but there is a peak in the curve for the 
high-viscosity oil (Fig. 12). The peak stiffness in this case is 5:2 « 106 lb/in. and the com- 
pressibility stiffness would therefore be 10-4 x 10% lb/in. The static real stiffness for this 
case is about 0-8 x 106 lb/in. and the overall real stiffness should therefore be 11-2 « 106 
lb/in. Working in this manner it is possible to determine the equivalent volume, equivalent 
resistance and equivalent stroke of the experimental bearing. 
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In Fig. 14, an attempt has been made to compare the experimental results shown in Fig. 
12 with a theoretical curve from Fig. 8. The theoretical curve relates to a system with the 
following equivalent values: 


Effective area, A, 5 in? 
Effective volume, V, 0-5 in® 
Effective resistance, Re 10° Ib/sec per in® 


ib/in.xlO 


Supply pressure 
100ps. 
p.s 


p.s.i. 


In-phose stiffness, 


Ib/in.xlO 


Quadrature stiffness, 


Frequency, c/s 


Fic. 12. Curves of stiffness vs. frequency obtained with a high-viscosity oil. 


The most significant divergence appears in the curve of in-phase stiffness at the higher 
frequencies where the experimental values are higher than the theory predicts. The reasons 
for this are not known but it is suggested that inertia effects would have the effect of raising 
this end of the in-phase stiffness characteristics. 


CONCLUSIONS 


The dynamic behaviour of a hydrostatic bearing has been subjected to a relatively 
simple analysis. The few experimental results that are available suggest that qualitatively, 
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this simple analysis yields characteristics which are in very close agreement with practical 
phenomena. No attempt has been made to calculate the effective values of the system in 
terms of its physical dimensions since this may only be reliably executed when many more 
experimental results become available. As regards machine tool applications in which high 
stiffness and high damping qualities are always desirable features, it may be said with 
confidence that the equivalent spring stiffness under dynamic conditions will always be in 
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Fic. 13. Comparison of stiffness curves of high- and low-viscosity oils. 


excess of that value obtained under static conditions. Also, there is a very pronounced 
damping effect associated with this type of system and that for a given system the frequency 
at which this damping attains a maximum value varies indirectly as the viscosity of the 
lubricant fluid. In general, if damping is required at the higher frequencies the use of a low- 
viscosity oil is indicated and if damping is required at lower frequencies the use of a low- 
viscosity oil is indicated. 

The rate at which the equivalent spring stiffness increases with frequency is also affected 
by viscosity. If high stiffness is required at very low frequencies it is desirable to use a higher- 
viscosity lubricant fluid. Generally, it may be said that the dynamic behaviour of a hydro- 
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static bearing is influenced very little by supply pressure. When designing for maximum 
dynamic stiffness the following points should receive attention. Area of the lands should be 
high, and volume of lubricant fluid should be kept to a minimum. This implies that where 
pockets are employed they should be kept as shallow as is consistent with the hydrostatic 
bearing requirements. It is reasonable to say that if a bearing is designed for adequate static 
stiffness then, provided the above points are borne in mind, then very satisfactory dynamic 
behaviour will be obtained. Finally it may be concluded that hydrostatically lubricated 
bearings appear to be eminently suited to machine tool applications, and that in many 
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Fic. 14. Comparison of theoretical stiffness and experimental values for high-viscosity oil. 


instances they would give enhanced dynamic performance compared with conventional 
bearings. 


RECOMMENDATIONS FOR FURTHER WORK 


Before useful quantitative information relating to the dynamic behaviour of hydrostatic 
bearings may be made available a great deal more experimental work must be performed 
along the lines which have been outlined. This would necessarily cover bearings of various 
configurations, fluids of various viscosities, and a whole range of supply pressures. An 
attempt should be made to obtain reliable results up to at least 500 c/s. A knowledge of the 
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detailed dynamic behaviour of conventional bearings under boundary lubrication conditions 
would be of considerable value for comparison purposes. 
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NOTICE 


THE SECOND INTERNATIONAL MACHINE TOOL DESIGN AND RESEARCH CONFERENCE is to be 
held at the Manchester College of Science and Technology on September 25-29, 1961. This 
follows the Conference held at the University of Birmingham in September 1960 and subse- 
quent conferences will be held annually in alternately Birmingham and Manchester. The 
Conference programme will contain papers dealing with: 

(1) Recent researches in manufacturing methods, such as machining (cutting, electric 
machining, ultrasonic machining etc.) or forming: 

(2) Results of recent investigations into the behaviour and performance of machine 
tools employed for the execution of processes mentioned under (1); 

(3) Recent developments in the design and manufacture of machine tools and machine 


tool control systems; 
(4) Productivity and economics of machine tool applications. 
Contributions have been promised by leading scientists from universities and engineers 


from industry, both in this country and the Continent. 
Applications for enrolment forms should be sent to the Organising Secretary, 


Mr. J. P. Mabon 
Manchester College of Science and Technology 


Manchester, |. 


Early applications would be appreciated. 


a 
VOL. 
3 
172 


Int. J. Mach. Tool Des. Res. Vol. 1, pp. 173-186. Pergamon Press 1961. Printed in Great Britain 


RESEARCH ON MACHINE TOOLS AND AUTOMATION IN 
AN INDUSTRIAL RESEARCH LABORATORY 


E. H. Frost-SMItH* 


CONSIDERABLE criticism has, during the last year, been levelled at the Machine Tool Industry 
both in the press and in public statements over the radio. Much of this criticism has centered 
round an alleged lack of consciousness of the need for fundamental research and the appli- 
cation of this to their products. This is not entirely true when considering some industrial 
firms, nevertheless when considering the industry as a whole the idea should certainly be 
subjected to a careful scrutiny. As in most questions of this kind where neither side properly 
understands the outlook of the other there is room for a good deal of misunderstanding and 
it is therefore important to get one’s definitions right. 

Bearing this in mind, it should be understood that when one works towards the estab- 
lishment of a general result in scientific terms one is doing research, and when one is attempt- 
ing to realize results of scientific research in a piece of new hardware with a view to com- 
mercializing it one is doing development. Development without research is misguided, 
and research without development is frustrating and useless, besides being costly. The 
dividing line between these two is extremely ill-defined and this I think leads to the con- 
clusion that development engineers should be fully trained technologically but with biases 
and personal preferences leaning towards design and production, while research workers, 
concentrating on basic principles, should not have their eyes shut to the needs of industry. 
I am convinced that herein lies to a fair extent the root cause of most of the difficulties and 
misunderstandings between research and the machine tool industry. 

It was with full consciousness of the need to close this gap that the industrial group of 
machine tool firms, by whom I am employed, decided some three years ago to start a 
Research Establishment at Bedford with the object of looking into fundamental problems 
vital to the future of our industry. 

Working closely to industry we are extremely conscious of the necessity and in most 
cases thankful for having our work properly backed by well trained technologists. 

The reason for this is fairly obvious. Design by rule of thumb or on past experience 
built up over many years is always confined by certain boundary conditions. Research and 
progress by their very nature constitute a change in these boundary conditions with the 
result that the rules of thumb and experience are no longer applicable and often completely 
wrong within the new framework. 

All this is leading me up to two points by way of introduction. Firstly that we cannot 
regard our work as complete until it is incorporated in a successful commercial venture. 
Secondly that any programme of work we undertake cannot, a priori, be done because it is 
interesting but because it is necessary to the advancement of trade. 

I should now like to discuss the programme of work we are undertaking by giving some 
of the reasons behind its conception and discussing some of the projects and how they have 
been applied so far. 


* Staveley Research Department, Bedford. 
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The chief commercial interests of our firms are centred round medium to heavy duty 
horizontai and vertical borers, planing machines, milling machines, drilling machines and 
special purpose transfer machines. Our first approach was to carry out some experiments 
on existing machines with a view to familiarizing ourselves with certain problems (and to 
some extent I must admit rediscovering several phenomena) and formulating those prob- 
lems into a generalized programme of work which could be tackled systematically. 

The fi t experiments were devoted mainly to the behaviour of the various kinematic 
units such as slideways, leadscrews, bearings, etc.; and, as I believe this to be relevant, I 
would like to describe one such experiment in some detail. 

The main purpose of this particular piece of work initially was to try to get some quan- 
titative idea as to how machine tool characteristics can limit the performance of electronic 
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Fic. 1. Simplified diagram of drilling machine with controls. 


positioning systems. To do this we built a simple tape controlled electronic positioning 
device for a gantry type drilling and rough boring machine. The table and saddle which 
were both driven from leadscrews had total traverses of approximately 6 ft and 3 ft respec- 
tively and the unloaded mass of the table was 14 tons; it was supported on two roller 
lubricated V slideways both of which were protected by a roller blind type of steel strip 
cover. 

I do not consider that there was anything very sophisticated or new about the elec- 
tronics which only took two or three months to build. Table and saddle positions were 
inferred from measurements of leadscrew rotation and some logic was built into the system 
to eliminate errors due to backlash in the screw by the unidirectional method of approach 
to the final demanded position. A simplified diagram of the arrangement is shown in Fig. 1, 
in which for clarity the saddle positioning loop is not shown. 

After calibrating the rotation of the leadscrew against the table movement as measured 
on a line standard we arrived at the (somewhat surprising) result that, neglecting backlash, 
the screw was only in error by about a maximum of 14 thou over a length of about 6 ft, 
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while the backlash in the screw thrust bearings was negligible. When eventually we came 
to run dynamic tests on the entire equipment we found that although the leadscrew was 
positioning angularly to within an error consistent with 0-0001 in. table position, the actual 
errors in table position were of the order of 10 thou under certain circumstances. 

Further work revealed that if the table was aimed at a certain point from a long distance 
the final table position differed by 7-8 thou from its final position when aimed at the same 
point from a short distance despite the fact that in both cases the two positions as measured 
on the leadscrew were equal to within ;’5 thou and all backlash had been taken out. 
Further experiments showed that the coefficient of friction between the table and the bed 
immediately after positioning to the final position in the two cases differed by a factor 
between ten and twenty and that this difference was accounted for by the hydrodynamic 
build-up of an oil film during the long traverse, which did not get established during the 
short traverse. Therefore the reaction forces taken by the structure and the transmission 
varied by this same factor and unless infinitely stiff the machine could not give consistent 
results. This led us to investigate for ourselves the possibility of hydrostatic fluid lubrica- 
tion along with transmission and structural stiffness with the intention of introducing more 
consistent and predictable characteristics into the bearings by an independent means of 
lubrication. 

Since then we have familiarized ourselves with many of the properties of fluid bearings 
not only for slideways but for thrust bearings and journal bearings. The more important 
properties of such bearings are the comparatively high dynamic stiffness and low backlash 
together with a frictional characteristic which is entirely viscous. Our first work on extern- 
ally pressurized hydrostatic bearings was devoted to the static characteristics of thrust 
bearings and a theory was evolved based on a modification of one suggested by Shaw and 
Macks [1] for journal bearings. 

The procedure adopted was to derive non-dimensionalized curves, relating bearing 
deflection to the relevant parameters such as thrust, flow and static stiffness. These curves 
were then combined with a series of similar curves taken experimentally and this resulted 
in a number of charts which could be used by the designer for the purpose of predicting 
the performance of such bearings and thus designing to a specification. 

A diagram of a typical double thrust bearing is shown in Fig. 2. Oil at supply pressure 
Ps; is fed into the gap between both sides of the bearing via pockets situated at P; and Pe 
and restrictors Z through which the oil must flow immediately prior to entering the pockets. 
The pressure of oil in the pockets will clearly depend upon the ratio of the pressure drop in 
the restrictors to that in the bearing. The former is present while the latter varies with the 
gap between the lands of the fixed and moving members of the bearing. Thus initially, in 
the case of an unloaded bearing where the gaps on either side are the same and equal to c. 
the four pocket pressures are equal, and the total upward thrust due to P; balances the 
total downward thrust due to Pe. 

If an external load is now applied downwards the upper gap will increase by e, say, and 
the lower gap will decrease by the same amount. This will cause a reduction of pressure on 
the top and an increase of pressure on the bottom due to the variation in resistance to flow 
between the lands. This pressure difference acting over the areas of the upper and lower 
lands provides a net upward thrust which just balances the load. The smaller the deflection 
e produced by a given external lead the stiffer the bearing. Therefore, other things being 
equal, it is necessary to obtain the maximum possible rate of change of pocket pressure 
with gap. 
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Fic. 2. Diagram of double thrust hydrostatic bearing. 


It is found convenient for the purpose of generalization to express the deflection e in 
the bearing as a fraction n of the unloaded gap c thus ¢ + e = c(1 +”) where nis a non- 
dimensional ratio called the attitude. By the use of standard flow relationships it is easily 
shown that the pressure of oil Pi, for example, in the bearing land is related to the 
relevant gap by the equation: 


Ps 
1+ q(1— nj 


where q is another non-dimensional ratio: 


pressure drop in restrictor (for n = 0) 
pressure drop in bearing (for n 


1+ q (1 + np 


if P; is differentiated twice with respect to m and equated to zero one gets the necessary 
conditions for maximum stiffness referred to above. This shows that for the stiffness to be 
maximum in the unloaded state it is necessary to make 


supply pressure 


e. 1-5. 
bearing pressure 


q 


The importance of a correct choice of restrictors cannot be overstressed for the success- 
ful action of these bearings. 

It has been found that an ability to design given characteristics into the bearing without 
having to proceed on the basis of trial and error is a most potent factor in applying such 
principles to machine tools without excessive subsequent development costs and trouble 
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shooting. A photograph of typical elements of a double thrust bearing is shown in Fig. 3 
.i and the variation of stiffness and flow with deflection are shown in non-dimensional form 
in Figs. 4 and 5 for various values of restrictor. 
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Fic. 4. The static characteristics of an externally-pressurised double thrust bearing. Graph 
of flow factor G vs. attitude “‘n’’. Comparison of theory and experiment. 


The actual stiffness and flows for different restrictors cannot be compared on these 
diagrams as stiffness is plotted as the ratio: 


stiffness at any deflection corresponding to n 
stiffness for zero deflection (n = 0) 
and for oil flow the ratio is: 


= stiffness factor. 


flow at any déflection (”) 
flow at zero deflection (n = 0) 


The horse-power dissipated in such a bearing must be kept to a minimum both to avoid 
overheating and to conserve external power. In general the horse-power is kept down either 
by having small gaps, large land areas or high viscosity oil. Small gaps required accurately 
made mating surfaces. This costs money and, in general, is naturally an unpopular solution 
although of course a perfectly feasible one. The surface area of the bearing is to some extent 
dictated by the particular problem, but good design helps. Increasing the viscosity gives a 


flow factor. 


ve rapid reduction in power, but in this case the power absorbed at high relative velocity in- 
ic creases which could lead to overheating. 
“a All these factors are readily calculable and in general it is possible to effect a compromise. 


‘ Hydrostatic bearings have been applied so far to slideways and thrust bearings, and several 
; examples of successful exploitation have materialized. One such example related to a large 
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plano-miller in which excessive stick-slip between table and bed was completely removed by 
using a slideway lubricated in this way. In general it is true to say that, other things being 
equal, an orthodox bearing is much more wasteful in terms of the prime mover than a hydro- 
statically lubricated bearing including its external pump. In other words we have here a 
more efficient method than the hydrodynamic one of providing an oil film, quite apart from 
the predominant advantages of no stiction, no backlash and high stiffness together with 
consistent performance. Much still remains to be done in this field and we are currently 
dealing with similar problems relating to journal type bearings. The dynamic performance 
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Fic. 5. The static characteristics of an externally-pressurised double thrust bearing. Graph 
of stiffness factor F vs. attitude “‘n’’. Gomparison of theory and experiment. 


of these bearings is a field of study in itself. I do not want to trespass on this ground however 
as my colleague Mr. Brown will be presenting a paper on this today. 

Turning now to the structural problems associated with machine tools, these are closely 
related to the tendency to produce chatter, inferior surface finish, low accuracy or problems 
of instability when the machine is used with feedback under conditions of automatic control. 

The machine tool structure considered dynamically in three dimensions generally raises 
some very complex problems. This is partly because there are usually several modes of 
coupled vibrations which can be excited by the cutter action, but also because the effect of 
joints in the structure and the effects of foundations on damping these modes are by no 
means clear or consistent at the present stage. Nevertheless it would be true to say that a 
great deal of information, useful to the designer, can be gained by a careful study of 
experimental dynamic characteristics. Such experiments on a machine however are costly 
since the conditions imply that the machine has already been produced. 
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This leads one to consider the possibility of using models for experimental studies but 
here again difficulties arise due to the uncertain contribution of joints. Roughly speaking 
it would probably be true to say that the aims of model analysis could be divided into three 
stages. Firstly, to make models of existing designs and from tests on these to suggest structural 
improvements. Secondly, to use models for the optimization of shapes. Thirdly, to use models 
for the quantitative prediction of natural frequency modes, damping and chatter charac- 
teristics. The first and second of these aims are at present on the way to being realizable, 
but the third is undoubtedly still a long way off. Perhaps some idea of the present trends 
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Fic. 6. Sketch and plano-miller showing co-ordinates and frequency modes for Z excitation. 


can be gained by a brief consideration of some experimental work which was recently carried 
out on an existing planing machine. A diagrammatic representation of the structure is shown 
in Fig. 6 together with a defined system of co-ordinates. This machine was vibrated in 
directions parallel to all three axes and for each particular set-up the peak alternating de- 
flection produced at various parts of the machine was plotted on a relevant space diagram. 
The phase of the forced vibration was compared against that of the applied alternating 
force so that the in-phase and quadrature components associated with each mode were 
readily determinable. 

In the case of forced vibrations parallel to the Z axis, for example, a vertical alternating 
force was applied to the tool and the primary resulting modes which were detected are 
shown in Fig. 6. Over the frequency range it can be seen that there are two predominant 
modes, one at 12 c/s and a large one at 52 c/s. The general form of the 12 c/s mode is shown 
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in Fig. 7. This shows up as an in-phase rocking of the two columns about an axis parallel 
to OY. Owing to the linear form of this curve and to the fact that no appreciable vibration 
was detected in the bed itself, the vibration is probably due to a pivotting action about an 
inadequate torsional connection between columns and bed somewhere below the table 
level at 

The 52 c/s mode consisted essentially of a vibration of the columns and cross rail in 
the YZ plane and a twisting of the column in the XZ plane. The former is shown in Fig.8 
where it can be seen that the cross rail is effectively locked to the columns but that the effec- 
tive bed width “‘concertinas’’ between the feet of the column. The twisting of the cross rail 
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Fic. 7. 12 c/s mode. 


is shown in Fig. 9. The minimum stiffness of this mode was measured at about 90 Ib/thou 
and the damping corresponded to a Q of about 10. 

A 1/8 scale Perspex model of the cross rail was then investigated and it can be shown that 
the ratio of the natural frequency of the model to that of the prototype should be about 4. 
A resonant mode for the model was in fact found at 205 c/s corresponding with the 52 c/s 
mode in the prototype, other modes of the model were investigated and in the worst case 
the frequency ratio was 3-3 which occurred for a mode excited parallel to the X axis. We 
have found, as a result of these experiments and similar ones, that cheap small scale models 
can be used successfully to show where significant improvements can be made to machine 
tool structural elements before a prototype is built. 

It would be impossible in the time available to go into all our work even as superficially 
as hitherto. Nevertheless I think perhaps a little should be said about measurements and 
automatic control. In general the machine tool designer wants of any automatic control 
equipment certain features, and although accuracy and speed of operation are generally 
primary requirements for a specification, others are often no less important. Amongst 


VOL. 
196] 
2 
+2 
+X 
-Y 
4 


Research on Machines and Automation 


52c/s mode 
Z position 
A Z excitation 


Moximum y 
amplitude of 


column 


Z amplitude 
Z position 


Moximum Z 
amplitude of upper 
Quidewoy on cross 
rail 


+ y —-» -y (position 
clong cross 
Z amplitude rail) 
Origin 
> Z position 
4 origin 


Table 


77, 
Yi 


Ui fff YH 
Direction of MW 
viewing + X 


Fic. 8. 52 c/s mode in YZ plane. 
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these are cost, reliability and self-checking. When we started considering these factors 
and their relationship to machine tool metrology we sent an engineer to the N.P.L. 
for about a year to study the work which they had done on the use of optical gratings. 
Up to that time relatively fine transparent gratings had been employed using moiré fringe 
techniques for making linear dynamic measurements. These, although highly creditable 
achievements at the time, tended to suffer from one or two disadvantages. The cost of 
making fine gratings to the required accuracy and often in very long lengths was high. 
The techniques used demanded fairly high speed reversible electronic counting even for 
moderate rates of change of machine table positions. Generally such gratings were pro- 
duced on glass which is not a popular material in machine shops. 

The N.P.L. were already at this stage working on the possibility of using coarse gratings 
with an interpolating system evolved by Barber [2]. This was achieved by focusing the image 
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Fic. 10. Barber’s drum system for reading and interpolating with gratings. 


formed by a continuously moving grating, in the form of a rotating drum, on to the scale 
grating and also on to a short length of reference grating by means of a half-silvered mirror 
(Fig. 10). If both the scale and reference gratings are in some arbitrary zero position and 
stationary, the phases of the alternating voltage outputs £; and E2 from the two cells will 
be equal, both being formed by similar moiré fringe patterns from the same rotating drum. 
If, however, the scale grating moves, the phase of one of the alternating voltages will vary 
by an amount corresponding to the total movement, where a movement of one grating 
pitch corresponds to a total relative phase shift of 360°. By the use of electronic circuitry, 
Barber showed that it was possible to measure this phase angle to well within 5° which 
corresponds to something like 1/70 of a grating pitch. In effect, two distinct measurements 
are made at the same time and by different methods. One is a counting measurement of 
the number of completed phase rotations (i.e. the number of lines), the other an analogue 
phase measurement, giving the last fraction of a pitch. 

We carried on from there and evolved a new and alternative interpolating system in 
which the use of a moving pattern produced by the drum is replaced by electronically scan- 
ning the pattern formed by the scale grating and the moving grating. It is early yet to make 
a fair comparison with the drum system but certain advantages are apparent. The reading 
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head is very much simpler and contains no moving parts. It is therefore more reliable and 
cheaper to make. Also, it is a disadvantage of the drum method that the image formed by 
the drum is liable to jitter because of mechanical imperfections. This gives rise to some 
uncertainty in the phase measurements. Difficulties of this nature are almost entirely absent 
when electronic scanning is used. 

Probably the most important advantage of the electronic method lies in the flexibility 
of the system. This arises because the scanning frequency is generated electronically, rather 
than mechanically, and the whole measuring system works much more readily in conjunc- 
tion with a computer than one in which the scanning is dependent upon mechanical rotation. 
A photograph of this measuring device is shown in Fig. 11. 

Although I have glossed over some of our activities in the field of automatic control, I 
make no apology for doing this primarily because the main interests of this conference are 
undoubtedly mechanical engineering. Despite this I would say that one cannot satisfac- 
torily separate the basic design of an automatically controlled machine from the control 
system which makes it automatic or the computer which feeds information to it. There 
are many factors to take into account when one considers the use of servo controls. factors 
which, important enough in their own right, become magnified enormously when the 
human operator is no longer present to keep an eye on things and get the best out of the 
machine. 

Therefore in the remaining time allotted to me I would like to highlight some of the 
improvements which I believe must be brought about before computer controlled machines 
can become generally acceptable. 

Most of the automatic machining systems, with a few exceptions, have been assemblies 
of existing elements such as machine tools, measuring systems, servo systems and com- 
puting systems, which were developed for other purposes, and which have been assembled 
into a system. 

Commonly one of the least suitable elements in the system is the manually controlled 
machine tool. Although these tools may behave admirably under the conditions of manual 
control for which they were designed, their performance under numerical control is often 
disappointing. This is because the controlled machine does not measure the workpiece, 
nor can it take appropriate steps to reduce chatter or allow for machine deflections. It 
cannot compete with a human operator in these respects. 

The other elements too are often not as satisfactory, economical or flexible in combina- 
tion in the system as they are in their separate fields, for example computing techniques 
which are quite satisfactory for use in general purpose digital computers in an office, operated 
and serviced by expert staff, may prove unsatisfactory when controlling a real time process 
on the shop floor operated and maintained by factory personnel. The design requirements 
for a numerically controlled milling machine system will therefore be considered, as the 
requirements for such a system are typical of those of the more complicated machine tool 
control systems. 


1. DIMENSIONAL ACCURACY AND RIGIDITY 


The size and shape of a workpiece is determined not by direct measurement, but by 
indirect measurement of slideway movements with respect to the cutter. The axes should 
therefore be accurately mutually perpendicular and remain so throughout the life of the 
machine. In practice the following factors prevent this. 
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(a) Incorrect alignment 

Great care in manufacture and erection are required. If extremely accurate machines 
are required and cost is no object, the mutual perpendicularity of the axis can be measured 
and servo controlled, so that this factor depends on measuring systems and not on the 
machine tool structure. 


(b) Elastic deformation due to gravitational and cutting forces 
The portal frame type of structure is more rigid than the open type. Offset loading should 
be avoided wherever possible. Careful design of slideways and reduction of overhang 
reduces elastic deformation. 
Cutting forces can be reduced to a minimum, for a given rate of metal removal, by the 
correct choice of cutter, feed, and speed. 


(c) Thermal deformation, mainly due to the heat generated by the main spindle bearings 


Heat due to the cutting process can be removed by coolant. 

Heat due to spindle bearings can be reduced by design of efficient bearings, and by 
adequately cooled and even refrigerated bearing lubricant. 

Heat due to the spindle gear box can be reduced by minimizing the number of gears 
by the use of variable speed motors. 


2. THE MACHINE AS A SERVO ELEMENT 


Each of the three sliding members forms the load of a separate servo system and 
accuracy of the work piece can be effected by the characteristics of this load. 

Machine tool servos should at least be designed so that position errors due to steady 
velocity demands are eliminated, and errors due to steady acceleration demands are mini- 
mized. 

To * ~hieve reasonable feed rate and acceleration characteristics the following require- 
ments must be met. 


(a) Backlash 
Backlash in the servo drives must be kept to a minimum. 
To avoid troubles due to pitch errors in gears and leadscrews, spring preloading tech- 
niques are used. A spring loaded closed gear train should be used in gear boxes. 
Backlash is eliminated from thrust bearings by preloading. Two preloaded nuts, on 
ball recirculating leadscrews to reduce friction, can eliminate leadscrew backlash. 


(b) Dynamic stiffness 

Considered as a part of a servo system a machine tool drive acts as a spring mass 
system. There are three predominant masses or inertias, the table, the leadscrew and the 
rotor of the motor, connected by two springs which are the compliance between the motor 
and leadscrew, and the compliance of the thrust bearing, nut and leadscrew. 

For high workpiece accuracy and high feed rates the natural frequency of this system 
must be as high as possible, and the system must be adequately stable. To this end the 
masses must be minimized and the stiffnesses must be maximized. 
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(i) The nut housing is often the least stiff element and care must be taken to make this 
adequately stiff. 

(ii) Recently available leadscrews have adequately high screw to nut stiffness. 

(iii) On small machines leadscrews can be made adequately stiff by making them large 
enough in diameter. For large machines leadscrews are not recommended, and worm and 
generated rack should prove an adequately stiff drive. 

On small machines, a ram type of hydraulic servo is often sufficiently stiff. 


(c) Friction 


The slideway friction must be reduced as much as possible because servo power is 
expensive. The friction velocity characteristics should be linear i.e. there should not be 
three regions as on conventional machines comprising (i) high static friction, (ii) friction 
reducing as boundary lubrication commences with increasing velocity, (iii) increasing again 
with increasing velocity due to hydrodynamic effects. A friction characteristic of this kind 
can produce stick-slip. Stick-slip occurs below a critical velocity. On a profiling machine 
in which velocities down to zero are required, stick-slip must be eliminated. 

Friction can be reduced by the use of kinematic slides or by externally pressurized 
hydrostatic slides which eliminate all metal to metal contact. The latter slides do not wear 
and should not deteriorate at all during the arduous life of a numerically controlled machine. 

Stick-slip can be eliminated by removing the negative slope of the friction velocity 
characteristic, by the use of high polymer/metal slideways or of kinematic or hydrostatic 
slides. It can also be alleviated but not removed entirely by the use of polar additives such 
as Molybdenum disulphide, and by improving the natural frequency of the transmission. 


(d) Effects of varying loads 

Transient load variations on a position control servo produce position errors. In a 
milling machine these load variations are mainly due to cutting forces which have com- 
ponents in each of the three axes of control. 

The forces consist of a steady component and an alternating component. The steady 
component changes slowly and can be compensated for by the servo. 

The a.c. component is due to: 

(i) The milling process producing an a.c. comp)nent proportional to spindle rotational 
speed. 

The a.c. components of cutting force due to a multi-edged cutter are almost certain to 
lie within the servo frequency band. 

The a.c. component may be reduced by making a heavy cut which reduces the ratio 
of a.c. to d.c. component, and by increasing the helix angle ‘of the cutter. 

(ii) Chatter induced by the cutting process. 

Chatter can be reduced by a modification of feed, speed, or depth of cut, but a 
numerically controlled machine does not detect the onset of chatter and so the machine 
must be designed in such a way as to eliminate it. In general this can be done if the stiffness, 
natural frequency and damping of the structure are increased, although this is much more 
difficult to do for a machine tool structure than for a machine tool drive because the distri- 
bution of mass, compliance and non-linear effects is more complicated. 

(iii) Out of balance effects. Careful balancing is required. 
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3. SPECIAL DESIGN FEATURES DESIRABLE FOR AUTOMATIC CONTROL 


The following items must also be provided for: 

(a) Swarf removal. Considerable quantities of swarf can be produced by some milling 
operations, and it is desirable that the swarf should be cleared automatically. One step 
towards this is to mount the workpiece on a vertical table. 

(b) All machine controls should be capable of being operated by electrical signals on 
tape, i.e. controls such as spindle speed, Start Stop and Reverse Spindle, release and clamp 
cutter, etc. should be designed as for push button operation. 

(c) Consideration should be given to automatic loading and unloading of work on the 
machine, automatic indexing of the work, and automatic tool changing. These features 
should also be capable of being controlled from the tape. 

It is impossible in a conference of this kind to give a full picture of the problems facing 
an industrial Research Unit. I have tried to give you some idea both of our methods of 
attack and our present views. I should like to end as I began by saying that we have to take 
a rather more commercial view than our (possibly more fortunate) colleagues at University 
and also that the need for strong design and development teams is essential to the successful 
exploitation of research. 
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AN EXPERIMENTAL STUDY OF THE ACTION OF CCl, IN 
CUTTING AND OTHER PROCESSES INVOLVING PLASTIC 
FLOW 


Evi Usut,* AMop GuyrRALt and MILTON C. SHAW} 


Summary—Special metal cutting and materials tests are described for ascertaining the action of CCl4 
on specimen surfaces. The experiments performed seem to support the idea that micro-cracks are formed 
when metals are plastically deformed in shear to high values of strain. CCly appears to prevent rewelding 
of these cracks when a compressive stress is present on the shear plane. The experimental results suggest 
a pre-treatment of surfaces to be burnished and a new classification of types of sliding contact. 


INTRODUCTION 


IT HAS been known for a long time that certain fluids, when introduced between chip and 
tool in a low speed cutting operation, give rise to an appreciable reduction of cutting 
forces and power and an improvement in surface finish. Carbontetrachloride (CCl4) is 
one of the most effective fluids of this type. Although CCl, cannot be safely applied in the 
workshop because of its toxicity and volatility, it is a convenient material for study in the 
laboratory. 

Until recently [1] it has been generally thought that the outstanding performance of 
CCl, arises from a lubrication action wherein the fluid reacts chemically with the metal 
cut to form a low shear strength solid between chip and tool. The basic reason for this 
belief stems from the fact that the coefficient of tool face friction (ratio of tangential force 
along tool face to normal force on tool face) decreases when CClj is applied. 

Russian workers have proposed a different mechanism for the action of cutting fluids. 
Rebinder [2] described an experiment in which a tin specimen coated with a layer of oleic 
acid in cetyl alcohol exhibits a decrease in flow stress in tension. It was assumed that the 
oleic acid penetrates cracks initially present in the surface of the specimen and that the 
absorbed material lowers the strength of the specimen. Rebinder termed this action 
‘hardness reduction”, and the same idea has been applied to cutting fluid action [3]. 

The more recent Russian papers on metal cutting [3] suggest the formation of many 
microcracks at the tool tip when a new surface is generated. The absorbed fluid is believed 
to keep the microcracks from welding under load. The increased number of points of 
stress concentration corresponding to the unhealed cracks is believed to yield a closer 
spacing of active slip planes. 

Epifanov [4] suggests that an active cutting fluid makes the metal appear more brittle 
in a manner similar to hydrogen embrittlement. 

Andrade [5] has performed tensile experiments similar to those of Rebinder and has 
shown that the slight reduction in tensile stress observed with small specimens is due to a 
removal of the surface oxide film by the organic acid. 

When CCl, is used in a variety of non-cutting slider experiments involving smooth 
surfaces, an increase rather than a decrease in sliding friction is observed [1] relative to 
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the sliding of dry surfaces in air. This is illustrated in Fig. 1, where horizontal (Fp) and 
vertical (Fg) force components are shown as a tool is reversed and drawn back across the 
freshly-cut surface. In Fig. l(a) the surface was prepared by removing layers 0-002 in. thick 
at low speed in the presence of CCly. The surface produced was very smooth. The forces 
for the first half of the return excursion that are shown in Fig. i(a) are for dry surfaces, 
while those for the second half (from point A to the left) are for surfaces wetted with CCl4. 
It may be clearly seen that the presence of CCl, causes an increase in surface friction. (With 
CCl, the coefficient of friction is 0-385 compared with 0-219 for dry sliding.) 

Results of a similar test are presented in Fig. 1(b) with oleic acid applied at point A. 
The coefficients of friction are 0-232 and 0-200 for sliding with oleic acid and air respec- 
tively. Unlike CCly, oleic acid is seen to function as a positive lubricant on a smooth surface. 
In the experiment of Fig. l(c) the surface was prepared in dry air and was therefore some- 
what rough. Only in this instance does CCl, give lower friction than air. 

These results might be explained by assuming that CCl, is a poor lubricant on smooth 
surfaces relatively free of cracks, while oleic acid is a good lubricant under similar condi- 
tions. Only when surface cracks are present into which CCl, can penetrate to prevent re- 
welding of the cracks, will CCl appear to function as an effective lubricant in sliding. 

An alternative explanation is that although an oxide film is capable of giving less friction 
than CCl, on a smooth surface, the oxide film is ruptured when sliding occurs on a rough 
surface. 

An earlier paper [1] has described and interpreted a number of experiments designed 
to help clear up some of the conflicting views concerning low speed cutting fluid action. 
Here the following points were emphasized: 


1. That chips produced with CCl, are thinner and more homogeneous (i.e. they con- 
tain a greater density of active shear plane). 

That chips produced with CCly have greater curvature and hence provide a smaller 
area of contact between chip and tool. 

3. That in the absence of cutting, CClq is not a good lubricant for smooth surfaces in 

sliding contact. 

4. That the ability of a chip to strain harden appears to be a necessary requisite for 
CCl, to function as an effective fluid. 


In the present paper additional results are presented to further elucidate the role of 
CCi, in both cutting and materials testing experiments. 


THE SHEAR TEST 

The cutting process involves two major actions—friction on the tool face and plastic 
flow on the shear plane. Inasmuch as these two actions each involve the same resultant 
force, as a consequence of static equilibrium, they do not function independently. A change 
which has its origin on the tool face will alter the shear angle (4) and the forces on the shear 
plane, and, similarly, a change having its origin in the shearing action will alter the forces 
on the tool face and the coefficient of tool face friction. It is therefore unwise to attempt 
to study the lubrication action on the tool face by merely observing the end result upon the 
cutting process, unless one is certain that the fluid can only influence what happens on the 
tool face. 

The sliding tests described in [1] and illustrated here in Fig. 1 enable the function of 
the fluid in sliding to be studied without complications from the shearing process. Such 


VOL. 
196] 
7 
; 
= 


Influence of CCl4 on Plastic Flow Processes 189 


studies have revealed some surprising results which include the discovery that CCl, gives 
relatively high friction on smooth sliding surfaces. 

The test arrangement shown in Fig. 2 has now been devised to enable the influence of 
a fluid upon the shearing action in cutting (if any) to be studied in the absence of sliding. 
The specimen is premachined to the shape shown in Fig. 2. The protruding element of 
dimensions 4 and d is made } in. high and resembles a partly formed chip. However, this 
is not a chip but a piece of undeformed work material rising out of the surface. The specimen 
is clamped horizontally in a dynamometer and the tool is fed downward, shaving the front 
of the specimen to ensure a perfectly flat surface against which to push. The tool is then 
set exactly at the level of the rear surface with the aid of a microscope. When all is ready, 
the horizontal feed is engaged and the protruding member is pushed to the right as the 
horizontal (Fp) and vertical (Fg) components of force are recorded. 


Fic. 2. Shear-test arrangement. 


This shearing test resembles a two-dimensional cutting operation performed by a tool 
with zero rake angle making a cut with zero shear angle and with negligible motion of 
the chip along the tool face. The dimension (4) is made comparable to a typical width of 
cut (about 0-1 in.) while dimension (d) is made to correspond to a representative shear plane 
length (about 0-05 in.). 

Before these tests were performed it was expected: 

1. That the ‘‘chip”’ could be broken free from the specimen after a very short displace- 

ment (of the order of about 0-01 d). 
2. That CCly would be without influence on the force displacement curves in view of 
Andrade’s [5] failure to verify the Rebinder effect in a tensile test. 


Figures 3 and 4, which are representative of a large number of similar tests, reveal that 
both of these expectations are false. In Fig. 4 it is seen that the force does not reach zero 
until the “‘chip”’ has been displaced a distance in excess of (d). 

The curves obtained when the “‘chip’’ was pre-wetted with a few drops of CCl, are 
seen to fall to zero more quickly than those obtained in dry air. While the presence of the 
CCl, does not influence the maximum force or the displacement corresponding to this 
force, it has a distinct influence on the shape of the falling portion of the curve. The area 
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under the CCl, curve is about 10 per cent less than that for the corresponding test in air. 

The explanation of these two unexpected results appears to lie in the tendency for initial 
rupture to be a local action rather than taking place across the entire section. After each 
local rupture, rewelding appears to occur with further motion. The role of CCl appears 
to lie in its tendency to reduce the rewelding portion of the fracture-welding cycle which 
naturally leads to earlier total fracture. 

Photomicrographs of partially completed shear tests are shown in Fig. 5. Examination 
of these photographs reveals: 


1. That the specimens are still firmly welded after a displacement as large as length (d). 

2. The first visible crack appears initially at the rear of the specimen where the hydro- 

static compressive stress is least, and spreads towards the tool tip as successive 

fracture regions fail to reweld. 

The extent of the region failing to reweld is greater when CCl, is present than in air. 

4. The volume of material that is plastically deformed is far greater for the specimen 
sheared in air than for the CCl specimen. 


w 


The test results of Fig. 6 are for specimens with inclined rear surfaces as shown at (c), 
which were introduced to make it more difficult for rewelding to occur. When Fig. 6 is 
compared with Fig. 4 it is seen that rewelding is largely prevented by rise of the inclined 
surface and that there is then far less difference between the CCl, and dry results. 

All of the foregoing results appear to support the idea that CCl, can prevent the re- 
welding of local cracks which form during a shearing process involving large strains. They 
further suggest that the formation of “‘continuous”’ metal cutting chips may also be accom- 
panied by the formation of many smali local cracks, which tend to weld and refracture in 
cyclic fashion in a manner analogous to that apparently pertaining in the shear test. 


TENSILE AND TORSION TESTS 


True stress-true strain tensile tests were performed upon very small (diameter 
d = 0-010 in.) specimens of mild steel and copper with and without CCl, applied to the 
test surfaces. Representative results are shown in Figs. 7 and 8. The presence of CCl, is 
seen to have negligible influence on the shapes of the flow curves. The only observed in- 
fluence of CCl was to increase the strain at fracture (¢,,,,) a small amount. The stress and 
strain at fracture are seen to decrease with decrease in specimen diameter (d) since these 
diameters were of the same order of magnitude as the grain size in these tests. A mineral 
oil gave tensile results that were identical to the tests in air. 

Miniature torsion tests were next performed upon cylindrical specimens to provide 
further materials test data on specimens of large area to volume ratio. These tests were 
unsuccessful, since the small specimens strained in erratic ways due to the large influence 
of grain boundaries and other crystal imperfections. It was not until a specimen of the 
shape shown in Fig. 9 was adopted that reproducible results were obtained. The special 
torsion machine that was constructed for these tests is shown diagrammatically in Fig. 10, 
where the device on the left was provided so that a compressive stress could also be intro- 
duced to the specimen as it was tested in torsion. 

Torsion results for copper specimens in the absence of compressive stress are shown in 
Fig. 11. No significant influence due to CCl, is evident here. The results given in Fig. 12 
were obtained with an axial compressive load of 10 Ib present. While no significant influence 
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Fic. 1. Friction tests made on freshly-cut surfaces by reversing motion of tool. (a) Surface 

preparation: 0-002 in. removed from surface using CCl4. Sliding conditions; First half of 

excursion on dry surface; second half with CCl, re-applied. (b) Surface preparation: 0-002 in. 

removed from surface using CCly. Sliding conditions: First half of sliding excursion on dry 

surface; second half with oleic acid applied. (c) Surface preparation: 0-003 in. removed from 

surface in air. Sliding conditions: First half of sliding excursion on dry surface; second half 
with CCl4 applied. 
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Fic. 3. Variation of horizontal shearing force (vertical) with displacement of tool (horizontal). 
(a) Shearing length (¢) = 0-07 in.; (b) d = 0-05 in. Shearing conditions: Speed, $ ipm; 


width (4), 0-10 in.; rake angle, 0°; clearance angle, 20°; material, low carbon steel. 
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Fic. 4. Variation of horizontal shearing force (vertical) with displacement of tool (horizontal). 
(a) Dry; (b) with CCla. Shearing conditions: Speed, $ ipm; width (6) = 0-1 in.; shearing 
length, 0-05 in.; rake angle, 0°; clearance angle, 20°; material, soft copper. 
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Fic. 5. Photomicrographs of partially sheared specimens. (a) With CCl4; (6) dry. Original 
magnification, 50 x. Shearing conditions: Speed, $ ipm; width (4) 0-063; shearing length 
(d), 0-05 in.; rake angle, 0°; clearance angle, 20°; material, copper. 
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Fic. 6. Variation of horizontal shearing force with displacement of tool with workpiece 
clearance angle of 10°. (a) Dry; (b) with CCla; (c) schematic diagram showing workpiece 
clearance angle. Other conditions are the same as in Fig. 4. 
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FiG. 7. True stress-strain tensile data for small specimens of nonresulfurized hot rolled low 
carbon steel (d = 0-008 in.) tested in air and in CCl,. 
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Fic. 8. Tensile-test results for small specimens tested dry and wetted with CCl. (a) True 
stress—true strain curves for AISI 1020 steel and hard copper specimens of different diameter 
(d, in.). (b) Variation of breaking strain (€max) with specimen diameter for hard copper. 
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in the flow curve is evident due to the presence of CCl4, a large effect upon the fracture 
strain can be seen. The angle of twist with CCly was about 800 degrees, while that for the a 
dry tests was about 1100 degrees. 
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Fic. 10. Schematic diagram of miniature torsion-test apparatus. 
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Fic. 11. Torsion-test rseults for copper tested with zero axial load. 


These tests seem to indicate that although CCl, has no important influence in conven- 
tional tensile or torsion tests, it does have a significant influence upon the combined torsion— 
compr.ssion characteristics at large strains. Apparently a torsion specimen develops small 
surface cracks which subsequently weld and refracture before total failure if a compressive 
stress is also present on the shear plane to induce rewelding. When CClj, is present, re- 
welding is largely prevented and total failure comes earlier. 
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Fic. 9. Profile of torsion-test specimen. 
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Fic. 13. Low speed cutting tests on low carbon nonres ufurized hot rolled steel. (a) CCl4 

applied to rake face. (b) CCl, applied to second half of « id surface and allowed to evaporate 

before cutting. (c) Trichlorethane applied to second half of old surface and allowed to dry 

before cutting. (d) Water applied to second half of old surface and allowed to dry before 

cutting. Cutting conditions: Speed, 1 i.p.m.; undeformed chip thickness, 0-005 in.: rake 
angle, 20°; fluid used on cut preceding test cut, air. 
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Fic. 14. Tests similar to those of Fig. 13, but with the following special conditions: (a) surface 

ground before CCl, applied to second half of surface and allowed to dry; (b) surface cut dry, 

CCl, applied to second half, specimen baked 2 hr at 70°C. (c) High speed test (V = 350 

ft/min on steel AISI 1020) with analogue lathe tool cutting surface previously cut dry and 
then treated with CCl, and allowed to dry. 
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Fic. 15. Tests similar to those of Fig. 13, but with the following special conditions. (a) Force 

trace of cut in air followed by cut made with activated charcoal on rake face. (b) Same as (a) 

but charcoal is saturated with CCl4. (c) Photomicrographs of surfaces produced, original 
magnification = 50x. 
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Fic. 16. Photomicrographs of edges of chips produced at low speed with (a) dry tool; 
(b) oleic acid. Cutting conditions are the same as for Fig. 13. 
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Fic. 17. Photomicrographs of unetched partially formed chips cut using different fluids. 
(a) CCla; (b) oleic acid; (c) mineral oil. Cutting conditions: Material, copper; rake angle, 20°; 
clearance angle, 5°; depth of cut (7), 0-01 in.; cutting speed, 10 ipm. 
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Fic. 19. Photomicrographs of chips produced by (a) a conventional tool and (b) a cut-away 

tool (c = 0-014 in.). Rake angle, 5°; clearance angle, 5°; cutting speed, 0-8 fpm; feed, 

0-011 ipm; metal cut, low carbon nonresulfurized hot rolled steel; cutting fluid, oleic acid; 
tool material, H.S.S. 
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Fic. 12. Results similar to those of Fig. 11 but with an axial compressive load of 10 Ib. 


SLOW SPEED CUTTING TESTS 


Representative low speed cutting force results are presented in Fig. 13 where (Fp) is 
the cutting force in the direction of motion and (Fg) is the component of force in the 
direction of the undeformed chip thickness. In Fig. 13(a) the first part of the cut is in air 
and CCl, is applied at point A. The influence on force (Fg) is seen to be greater than that 
on (Fp). 

In the test corresponding to Fig. 13(b), several cuts were taken in air at low speed and 
the surface produced was fairly smooth. Carbontetrachloride was then carefully painted 
on the second half of the freshly-cut surface and allowed to evaporate before making the 
next cut. The force traces shown at (b) are for the next cut and (A) is the point where the 
pre-treated surface was first encountered. Figure 13(c) and (d) are equivalent traces for 
trichlorethane and water. Had no fluid been applied to the left of point A, the force traces 
would have remained constant all the way across. 

It is evident from Fig. 13 that a cutting fluid is capable of some action through the back 
surface of the chip, even though the material applied is allowed to evaporate before cutting. 
Apparently the fluid penetrates small cracks in the surface and keeps these cracks from re- 
welding as the metal passes through the shear plane. Even though fluid thus applied to the 
back surface of the chip does not produce such a dramatic effect upon force (Fg) as that 
applied to the tool face, the action is significant and appears to demonstrate the feasibility 
of the Russian crack theory of cutting fluid action. 

Figure 14 shows results similar to those of Fig. 13(b) except that the surface was care- 
fully ground before treatment with CCly. The drop in forces experienced in Fig. 13(b) is 
not observed in Fig. 14 since grinding has removed the fine surface cracks upon which the 
action was based. The specimen tested in Fig. 14(b) is similar to that of Fig. 13(b) but was 
baked two hours at 70°C after treatment with CCly. Baking apparently drives all CCl, 
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from the cracks and no drop in cutting force is evident at the midpoint of the specimen. 
Fig. 14(c) shows results similar to those of Fig. 13(b) except for cutting speed. In this 
case the cutting speed (temperature) is so high (350 ft/min) that surface cracks are not 
obtained and the action of the fluid on the back of the chip is again negligible. 

Just as the foregoing technique enables study of the cutting fluid action confined to the 
back surface of a chip, a parallel study was made to observe action confined to the front 
surface of the chip by use of activated charcoal. Fig. 15(a) shows cutting forces in air 
up to point (A). At this point the tool was retracted and activated charcoal was inserted 
between chip and tool. The cutting forces with the dry charcoal present are those shown to 
the right of point (B) in Fig. 15(a). The same experiment is shown repeated in Fig. 15(b) 
except that the charcoal used was first saturated with CCl and then dried by heating in 
an oven at 65°C for two hours. It is evident in Fig. 15(b) by the substantial drop in Fg at (B) 
that the minute amount of CCl, vapour released as the charcoal is sheared is capable of 
producing the full action evident in Fig. 13(a). However, the effect of the CCly does not 
continue for any appreciable sliding distance, since the charcoal is quickly conveyed from 
the tip of the tool by motion of the chip. Photomicrographs of surfaces produced without 
charcoal, with dry charcoal and with charcoal containing CCl, in inner pores are shown 
in Fig. 15(c). 

Photomicrographs are shown in Fig. 16 of the front and back surfaces of chips pro- 
duced (a) in air and (b) with oleic acid applied to the surface of the work before cutting in 
the manner of the tests of Fig. 13. The back surfaces of the chips not only have different 
appearances in these two cases but the front surfaces of the chips do as well. The back 
surface of the chip cut in conjunction with oleic acid is seen to have many sharp points 
indicating relatively unrestricted shear flow at many points. The back surface of the chip 
cut in air shows signs of rewelding and a greater resistance to flow along the back of the 
chip. The freer flow on the back of the oleic acid chip appears to cause a more homogeneous 
and uniformly distributed flow with more shear planes even on the front face of this chip. 

From the foregoing tests it appears that some of the action of CCl, has its origin on the 
back of a chip, while the major part of the action seems to occur on the tool face and very 
close to the point of the tool. Furthermore, these tests seem to support the Russian view 
that a cutting fluid tends to prevent the rewelding of cracks formed early in the shearing 
process, as shearing proceeds. 

Differences in chip formation associated with different fluids become particularly evident 
when the specimen is polished metallographically before cutting rather than after. The ends 
of active shear planes are then evident in the form of Liiders-like lines. Such unetched 
specimens are shown in Fig. 17 for cuts made using (a) CCl4, (b) oleic acid and (c) mineral 
oil. The drawings emphasize major differences in the performance of CCl, and mineral 
oil, which include. 


1. A greater number of shorter shear packets with CCly. 

2. Smaller more numerous cracks at the back of the CCl chips. 

3. A slightly curved shear plane (convex upward) for the CCl, chip, and a shear plane 
that is convex downward with mineral oil. 

4. Greater chip curvature and a shorter contact length between chip and tool for the 
CCl, chip. 


The oleic acid chip has characteristics that are midway between those for CClq and 
mineral oil. 
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TESTS WITH LIMITED TOOL FACE CONTACT 
One of the changes in chip formation that is always observed when CClj is used at low 
speeds is an increase in chip curvature and hence a decrease in chip-tool contact length. 
It was therefore decided to study the influence of tools having different artifically controlled 
chip-tool contact lengths. Tools were prepared as shown in Fig. 18(a) having different 
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Fic. 18. Cutting force results with cut away tools. (a) Cut-away tool defining dimension (c). 

(b) Cutting force values for tools of different contact length (c) and a feed of 0-011 ipr. 

(c) Variation of mean shear stress on tool face (t-) with normal stress (o-) for different 

feeds (1) and for tools of different contact length. Cutting conditions: Rake angle, 5°; material, 
low carbon steel; speed, 10 ipm. 


values of dimension (c) ranging downward in size from the natural contact length. Cutting 
force values for tools of different (c) at a feed of 0-011 ipr are given in Fig. 18(b) with CCl, 
and oleic acid used as the cutting fluids. These cutting force values were used to compute 
the mean shear (7-) and normal (0¢) stresses on the tool face and these values are shown 
plotted against each other in Fig. 18(c). 

It is evident from these data that CCl, is relatively more effective for large values of (c) 
than for low values of (c). The variation in the coefficient of tool face friction = te/o¢ 
with (c) is approximately as follows: 
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A decrease in () is observed with decrease in (c) when the fluid is oleic acid while the reverse 
is true for CCly. 

Figure 19 shows two photomicrographs for chips produced using oleic acid on a tool 
with (a) natural contact and (b) for a cut-away tool. The cut-away tool causes a substantial 
increase in o¢ (Fig. 18) which in turn causes a sort of built-up edge to be formed as shown 
in Fig. 19. The cutting action with the cut-away tool resembles that for a blunt round nosed 
tool. It is suggested that the effect of CCl4 drops off with decrease in contact length due to 
the teudency for the effective cutting edge to take on a rounded shape under such conditions 
and the fact that the action of CCl, depends upon the formation of many cracks at the tip 
of a sharp tool. Carbontetrachloride is found to be more effective on a sharp tool than on 
a dull one. 


CONCLUDING REMARKS 


The tensile and torsion tests of this investigation have revealed that the presence of CCl, 
on the surface of a test specimen has a negligible influence unless the active shear planes 
intersecting the free surface are also subjected to a compressive component of stress. The 
presence of CCl, then has a marked influence in lowering the final rupture strain. This 
action may be explained in terms of the appearance of many small inter-connected micro- 
cracks along the active shear planes before gross rupture of the specimen occurs. If a 
compressive stress is also present on the shear plane, many of the microcracks will reweld 
and rupture will be postponed. If CClq is present on the surface it apparently enters the 
cracks and interferes with their subsequent rewelding under the action of the compressive 
component of stress. In the absence of a compressive component of stress on the shear 
planes, as in the simple torsion test or in a tensile test (where a tensile rather than a com- 
pressive stress is present on the shear plane), the presence of CCl, is without effect, since 
there is then no tendency for cracks to reweld. 

This picture of the influence of fluids on materials tests differs from that proposed by 
Rebinder, who thought he observed a weakening in tension when organic acids were intro- 
duced to the surface of his specimens. The results presented here are in agreement with 
the conclusion of Andrade: that beyond the weakening effect of the acid in removing the 
surface oxide from the specimen, the influence of the fluid in a tensile test is nil. The new 
finding here is that the presence of the fluid influences fracture strain only when a substantial 
compressive stress is present on the shear plane. 

The stress conditions on the shear plane in a cutting operation meet these requirements, 
in that a substantial compressive stress acts upon the shear plane. It has been found that 
when CCl, contacts only the back surface of a chip, the cutting force is apparently decreased 
by preventing the rewelding of microcracks as the metal crosses the shear zone. The pre- 
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sence of CCl, on the front surface of the chip seems to play an even more important role 
in preventing microcracks formed at a sharp tool point from welding. The action of CCl, 
applied to the back surface of a chip does not seem to be confined to this surface but 
appears to extend all the way across the shear plane. This suggests that many interconnecting 
microcracks are produced all the way across the shear plane in the formation of a so-called 
continuous chip and that CCl, vapour can quickly penetrate these small cracks and prevent 
them from welding, thus weakening the resistance against further plastic flow. 

When CCl, is introduced in a dry cut, the resultant cutting force decreases and assumes 
a new direction corresponding to a decrease in the normal stress on the plane of shear. 
This should tend to reduce the fracture stress along the shear plane, resulting in a greater 
density of local cracks than when cutting in air. One of the functions of CCl, appears to be 
to prevent the rewelding of these local cracks. 

The foregoing picture of the actions of CCl, differs from the Russian crack picture in 
suggesting that the action is not confined"to the tool face side of the chip but is present 
on the back surface of the chip as well and even extends across the entire shear plane. 

The foregoing results suggest a new method of using materials such as CCl, in extreme 
pressure sliding and burnishing applications. If the surface in question is generated while 
submerged in CCl, by a process that produces many fine surface cracks of shallow depth, the 
finished surface will have a weak skin resulting from the fact that the surface cracks will 
remain open during sliding or burnishing. The weak skin will yield under applied stress 
rather than cause bulk flow, and this will confine surface damage and burnishing action to 
the thin skin. This proposed surface pre-conditioning treatment can be illustrated by 
experience in rod drawing. If CCl4 is used as an ordinary rod drawing compound it is found 
to be very ineffective. The high compressive stress between rod and die does not develop 


surface cracks into which CCl, can penetrate. If, however, the rod is first machined using 
CCl, under conditions to produce small surface cracks, and the rod is then drawn, CCl, is 
found to be very effective in giving a good finish. 

The foregoing study suggests the following classification of types of sliding contact: 


1. With hydrodynamic lubrication. 
2. With boundary lubrication. 

3. With subsurface action. 

4. With dry friction. 


In the first of these, surfaces are separated by a fluid film, while in the second they are sepa- 
rated by an absorbed boundary film. In the third type of action, cracks are present, and the 
fluid tends to prevent welding of these cracks during subsequent sliding. The last involves 
the sliding of dry surfaces. The action of low speed cutting fluids would appear to embrace 
types 2 and 3. CCly would appear to involve the type 3 action primarily. 
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THE DESIGN OF AIR BEARINGS AND THEIR APPLICATION 
TO MEASURING INSTRUMENTS AND MACHINE TOOLS 


H. L. Wunscn* 


1. INTRODUCTION 


IN RECENT years, air bearings have come into greater prominence and their advantageous 
properties in certain applications have been recognized. There is, however, still very little 
practical information available on their design and although it is not too difficult to produce 
an air bearing which will function, it is quite a different matter to obtain one which will 
operate at its optimum performance. This paper describes work which has been carried 
out in the Mechanisms and Metrology Division of the National Engineering Laboratory, 
to determine the relationships between the various design factors in a flat air bearing and 
its performance under both steady and dynamic load conditions. The results obtained from 
the work on steady loading are discussed qualitatively and in addition, empirical formulae 
are developed to relate the design factors of the bearing. The investigation into dynamic 
loading, which has particular reference to the use of air bearings in machine tool slideways, 
is still in progress, but a description of the test rig is given and some preliminary results are 
discussed. 

The final section of the paper deals with the various ways in which air bearings have 
been applied to measuring instruments and machine tools. The bearings described include 
journal and thrust bearings as well as slider bearings and though most of the applications 
mentioned are of slow moving or pivot bearings, a high-speed air bearing is also included. 
A practical example is given to indicate the method by which the results obtained from the 
practical investigation have been applied to the design of a machine tool slideway. 

In conclusion, mention is made of intended future work which will provide further 
basic design data for use in various applications of both flat and journal type air-lubricated 


bearings. 


2. GENERAL PRINCIPLES 


The air bearings considered in this paper are entirely of the externally pressurized type, 
i.e. they require a supply of compressed air for their operation. Another type of air bearing, 
usually known as the self-acting type, has its undoubted uses but does depend on relative 
motion of considerable magnitude between the two parts of the bearing to provide a sup- 
porting air-film. Since the applications considered here are of slow moving or pivot bearings 
of high precision, the self-acting bearing would be quite unsuitable and need not be further 
discussed. 

The principal advantages to be gained by the use of pressurized air bearings are lack of 
friction, both when starting from rest and whilst in motion, and lack of wear due to the 
absence of any metallic contact between the moving and fixed parts of the bearing. The 
frictionless property of this type of bearing is of considerable importance in trunnion 
mountings and also in machine tool slides, where the erratic static friction of conventional 
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slideways is a serious problem in the application of automatic positional control. The 
absence of wear in the bearing means that the dimensional accuracy of the bearing com- 
ponents, and hence the accuracy of motion of the bearing will be unchanging with time. 
The main disadvantage of the pressurized air bearing, on the other hand, is the need for a 
constant supply of reasonably clean compressed air. 

From the above remarks, it can be seen that for any particular application, the use of 
an air bearing should be justified by the need for one of the advantages enumerated above 
in order to offset the extra complications inherent in this type of bearing, and the require- 
ment of a compressed air supply. Care should also be taken to ensure that the load bearing 
capacity and stiffness are adequate and that, in certain dynamic applications, the resonant 
frequency of the bearing has a suitable value. In a later section of the paper some examples 
of this will be considered. 


3. DESIGN DATA FOR FLAT AIR BEARINGS OPERATING 
UNDER STEADY LOAD CONDITIONS 


An investigation has been carried out into the behaviour of flat slide bearings under 
the effect of steady loading [1]. This type of bearing has particular application to machine 
tool slideways and to some types of measuring instruments, and was therefore chosen as a 
suitable start for a programme of work on air bearings. 

The experimental bearings used is shown in Fig. 1. It consists of two pads each contain- 
ing three symmetrically spaced air inlet orifices on its centre-line. The surfaces of the pads 
are lapped flat and coplanar to better than 0-0001 in. and the bearing floats on a base finished 
in the same way. 

The orifices are drilled in detachable plugs to facilitate change of orifice diameter when 
required; this arrangement also makes it possible to set the orifice back from the bearing 
surface by any desired amount, i.e. to provide an orifice pocket of variable depth. The six 
orifices are inter-connected by internal manifolds and air is supplied through a flexible 
hose from an external air line fitted with a precision pressure regulator and flow meter. 

Loads can be applied to the floating bearing by dead weights, the scale pan being 
attached to the bearing by means of a wire passing through the base. 

The air film thickness, i.e. the lift of the bearing, is measured to an accuracy of better 
than 0-0001 in. by means of air gauges situated at the four corners of the bearing. 

Two bearings, one having two pads 3 in. x | in., and the other two pads 44 in. x 14 in., 
were tested. 

The following design parameters were used in the course of these tests: 


(1) Air supply pressure 40 lb/in? gauge. 
Some subsidiary tests were also carried out at 20, 60 and 80 Ib/in?. 
(2) Bearing area 134 and 6 in?. 
(3) Orifice diameters 0-010, 0-015, 0-020, 0-025, 0-030 in. 
(4) Orifice pocket diameter } in. 
(5) Orifice pocket depth 0, 0-003, 0-009 in. 


The standard test procedure for any particular combination of these parameters was 
to load the bearing by equal increments, taking readings of lift and air flow at each step. 
From the readings, basic curves of load against lift and load against flow were plotted; 
Fig. 2 and Fig. 5 are typical of the shape of curves obtained. 
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The three main points of interest in an air bearing of this type are the load bearing 
capacity or ultimate load, the stiffness (i.e. the load per unit change of lift) and the required 
air flow. These are now considered in the light of the curves obtained. 


(a) Load bearing capacity 


Figure 2 shows the effect of changing the orifice pocket depth for a constant orifice 
diameter, while Fig. 3 shows the effect of varying the orifice diameter for a constant pocket 
depth. From these two sets of graphs it can be seen that whilst increasing the orifice diameter 
has no appreciable effect on the ultimate load, increasing the pocket depth does tend to 

; increase this value. This latter statement, however, only applies up to a certain value of 
: pocket depth, beyond which no effect on ultimate load is apparent. Further increase of 
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pocket depth may, in fact, lead to instability in the bearing, but this question is still being 
investigated, together with the effect of increased pocket area. 

The effect of supply pressure variations can be seen from Fig. 4 which shows load-lift 
curves for the same orifice diameter and pocket depth but for varying supply pressure. 
Tests on both bearings showed the ultimate load to be approximately proportional to 
bearing area and supply pressure. 

Summarizing these findings, one can say that: 


Wax = KPA 

where 

W nax — ultimate load 

‘2 P = air supply pressure (gauge) 
- A = bearing area 


” K = a constant factor depending mainly on the 
orifice pocket dimensions. 


: ; For bearings of the type used in these tests, K is about 0-22 for zero orifice pocket depth 
17 
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and 0-37 for a pocket depth of 0-009 in., the latter value of 0-37 being the maximum obtain- 
able for these conditions. 


(b) Bearing stiffness 

The bearing stiffness can be obtained from the slope of the load-lift curves. Considering 
Figs. 2, 3 and 4, it will be seen that the stiffness increases rapidly at low load, but is reason- 
ably constant and at a maximum from about 0:5 to 0-9 of the ultimate load. For any par- 
ticular load, the stiffness decreases with increasing orifice diameter but is not generally 
affected by orifice pocket depth or supply pressure. The effect of bearing area and supply 
pressure is somewhat complex but can be evaluated from the empirical formulae given in 


this paper. 
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(c) Air flow 

A typical curve of flow against load is shown in Fig. 5. This indicates that for any 
particular load, an increase in orifice pocket depth can result in a considerably increased 
air flow. This may outweigh any advantage gained in increased load capacity and it is 
therefore preferable in some cases to design a bearing without pockets. 

In order to sum up the properties of these bearings, the results obtained from the 
investigation were combined into a series of empirical formulae, of which the following 
are typical. 

With no orifice pocket: 


hs = (1-4 — 0°16) 


where 
h = lift (or airfilm thickness) in. 
a = area of each orifice (in?) 

A = bearing area (in?) 

W = load (Ib) 
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The corresponding stiffness S(--d W/dh) is given by: 


100 


A/W — 0:16)! 
a 


S 
Similar formulae have been obtained for orifice pockets of 0-009 and 0-003 in. depth. 
They all refer to a supply pressure of 40 lb/in? and to the form of bearing tested. As will 
be demonstrated later, the same formulae can also be used with negligible error for longer 
bearings of 1-1} in. width, providing that the orifices are so arranged that their separation 
is equal to the bearing width, i.e. providing each orifice is situated in the centre of a square 
bearing area. 
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To demonstrate the validity of these formulae, Fig. 6 shows the relationship between 
the lift A and the load W derived from the formula for a bearing having an area of 6 in?, 
six 0-020 in. diameter orifices and pockets of } in. diameter and 0-009 in. depth with a supply 
pressure of 40 Ib/in?. For these conditions, the relevant formula becomes: 


(h x 103)3 = (110/W) — 1-2 


The individual points plotted on the curve in Fig. 6 are actual test results and demon- 
strate the agreement between the empirical formula and practice. 


4. DESIGN DATA FOR FLAT AIR BEARINGS OPERATING 
UNDER ALTERNATING LOAD CONDITIONS 


The work on steady loading of air bearings, described in the previous section, gives a 
guide to the initial design of a bearing but provides no information about its behaviour 
under repeated or alternating loading. This is of particular importance when the bearing 
is used as a slideway in a machine tool, such as a horizontal milling machine. There, under 
normal operating conditions, the tool load is applied at a frequency dependent on the cutter 
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speed and number of teeth, and it is the response of the bearing (i.e. the variations in airfilm 
thickness) to this loading which will to a large extent determine the dimensional accuracy 
and finish of the milled product. A test rig has, therefore, been developed to investigate 
the dynamic stiffness of flat air bearings and this is shown diagrammatically in Fig. 7. 

In this rig, a single square bearing pad with one central inlet orifice is used. Since a 
single bearing pad of this sort has no resistance to tilting, it is necessary to provide vertical 
guides. These consist of two air journal bearings holding a hollow cylinder, the centre of 
which forms the flat bearing pad under test. 

The bearing pad containing the orifice is fixed and, as before, it is designed to enable 
the orifice diameters and pockets to be varied. The static load is applied to the moving pad 
in the form of deadweights, while the dynamic load is applied by means of a vibration 


x Experimental points. 
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generator acting vertically downwards through a ball-ended push rod on to the upper 
bearing pad. To prevent separation of the ball-ended rod and pad during half the load 
cycle, the vibration generator is supplied with d.c. (superimposed on the a.c. producing the 
alternating force) in such a way that the resulting downward force always exceeds the half 
amplitude of the alternating force. This downward force forms part of the static load on 
the bearing pad and its value is obtained from a knowledge of the magnitude of the d.c. 
and the static force factor of the vibration generator. 

A previously calibrated piezo-electric force pick-up is interposed between the end of 
the push rod and the upper bearing pad and measures the alternating force applied to the 
bearing. The resulting vibrational amplitude of the bearing is measured by means of a 
piezo-electric accelerometer situated in a pocket in the top of the moving bearing pad: 
the electrical output from this accelerometer is doubly integrated electrically to give a 
measure of amplitude. These values of vibrational amplitude have also been verified by 
direct measurement at frequencies below 30 c/s. 

The design parameters of the bearing used in this investigation are the same as those 
used in the static load tests (with the exception of the bearing areas, which are reduced to 
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one sixth of the previous values, i.e. 2} and 1 in*). The frequency range over which tests 
are being carried out is 20-500 c/s and the alternating loads applied are, in general, 1-3 lb 
half amplitude (i.e. a ratio of static to dynamic loading of the order of 10 to 1). The dynamic 
stiffness of the bearing under these conditions is the ratio of alternating load applied to the 
vibration amplitude resulting from it. 

Although these tests have only recently commenced, some preliminary results are avail- 
able and a typical curve is given in Fig. 8. This gives the relationship between dynamic 
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stiffness (lb/in.) and frequency of applied force (c/s). As will be seen, the shape of this curve 
approximates to that of a conventional spring of stiffness equal to the static stiffness of the 
air bearing and with a small amount of damping. 

Between 0 and 100 c/s, the stiffness decreases very slowly but at about 130 c/s a sharp 
resonance occurs and the stiffness then increases rapidly, till at 500 c/s the resulting dis- 
placements become too small to measure. 

Similar curves have been obtained for a variety of different conditions and it has been 
shown that it is possible to predict the resonant frequency with reasonable accuracy by the 
simple formula for an undamped spring system, 
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These results, therefore, indicate a method of calculating the frequency range of alternating 
loading over which it is undesirable to operate air bearings of this type. The load is generally 
known, and the static stiffness can either be calculated from the empirical formulae given 
in an earlier section of this paper or determined experimentally. 


5. APPLICATION OF PRESSURISED AIR BEARINGS 


The various favourable properties of air bearings enumerated at the beginning of this 
paper maxe them particularly suitable for use in precision instruments and possibly for 
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machine tool slideways. Work is now in progress on machine tool application at the 
National Engineering Laboratory, and various measuring instruments fitted with air 
bearings are in regular use. Several examples are described here. 


(a) Air bearings for machine tool slideways 


In order to examine the possibility of using air lubricated slideways for machine tools, 
an air bearing has been designed to support a table weighing 500 lb. To make it suitable 
for machine tool application, the bearing must have the maximum possible stiffness and 
minimum air consumption. The results obtained from the investigation of flat air bearings 
under steady load conditions can be conveniently applied to this type of design and the 
method of doing this is shown here. 

For minimum air consumption and in order to avoid any risk of instability, it is neces- 
sary to dispense with orifice pockets. For the condition of maximum stiffness, the working 
load should be between 0-5 and 0-9 of the ultimate load. Using a value of 0-6, the calculated 
ultimate load is therefore 830 lb. 

Using the equation given previously, the condition for ultimate load becomes: 


A 
W, 


max 


- = for a supply pressure of 40 Ib/in?. 


The required bearing area is therefore (0-16/1-4) « 830 = 95 in? approximately. Using the 
bearing configuration tested, i.e. a width of 14 in., a total length of bearing of 63 in. is 
required, and this can conveniently be designed in the form of two pads, each 314 in. by 
4 in. In order to use the same orifice distribution as in the bearings tested, each pad 
requires 21 orifices spaced 14 in. apart. 
The size of the orifice diameter used will determine the bearing lift under the working 
load, but in this case a value of 0-020 in. was selected as a suitable one for ease of manu- 
facture. It is now possible to calculate the lift under the working load of 500 Ib as: 


hs = ios (4 A/W — 0:16) 


A = 94-5 in? 
W = 500 lb 

a = orifice area = 3-14 « 10-4 in? for a 0-020 in. 
dia. orifice. 


Hence h = 0-0007 in which is a suitable clearance for bearing slides manufactured to normal 
workship tolerances. 

The corresponding bearing stiffness can also be calculated and comes to 860,000 Ib/in. 
for the conditions given above. 

A bearing was manufactured to the above specifications and tests carried out on it 
gave the following results. The stiffness for a load of 500 Ib was 885,000 Ib/in while the lift 
under those conditions was 0-00055 in. In other words, the actual measured values were in 
reasonable agreement with the calculated values. 

Further tests at a supply pressure of 60 lb/in? gave a maximum stiffness of 1-3 x 106 Ib/in. 
and a lift of just under 0-001 in., the ultimate load now being increased to about 1250 lb. 
The airflow for these conditions was about 5 ft?/min of free air. 
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Figure 9 shows a view of the table and bearing pads. In addition to the main bearings 
described above, four small side pads are also fitted to provide sideways location. 

The preliminary results obtained for dynamic loading of air bearings indicate that the 
dynamic stiffness under cutting conditions is likely to be sensibly equal to the static stiffness 
over the range of cutter tooth frequencies normally encountered in practice. Experiments 
are now in progress to determine the behaviour of the air bearing pads under various 
cutting conditions and to compare the resulting work with similar specimens cut on 
conventional machines. 


Saddle displacement, in. Saddle displacement, in. 
(co) With ball bearing support (b) With air bearing support 


Fic. 10. Comparison of saddle performance. 


(b) Automatic lead screw measuring bench 


A somewhat similar application to the previous one consists of the bearings for an 
automatic machine for the measurement of pitch errors in lead screws. The method of 
measurement is based on the use of diffraction gratings in conjunction with photocell 
sensing devices, and one of the principal requirements in the machine is a carriage or saddle 
moving slowly along a girder with minimum deviations from linear motion and without 
stick-slip friction. 

In the prototype machine, a girder 6 ft long by 6 in. wide and a carriage weighing about 
80 lb were employed. For the initial tests, the carriage was supported on three precision 
ball bearings, while three similar bearings were used to provide sideways location. At a 
later stage, these ball bearings were replaced by four flat air bearing pads to take the weight 
of the carriage and four side bearings to locate it in the transverse direction. 

Using a autocollimator and precision level, comparative tests were carried out on the 
carriage when fitted with each type of bearing to determine the amount of rolling, pitching 
and yawing which occurred as the carriage was moved a distance of 9 in. along the girder. 
The results of this work are shown in Fig. 10. It will be evident that a considerable improve- 
ment has been achieved by the use of air bearings. This is partly due to the elimination of 
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the effect of eccentricity and other errors in the ball bearings and partly to the greater 
bearing area of the air bearings which tends to result in the maintenance of a constant 
mean air gap regardless of local irregularities in the surface of the girder. 

A larger carriage supported on air bearings, and used in conjunction with an 18 ft long 
girder, has now been constructed and is shown in Fig. 11. The design of the bearings is 
based on the work already described; it consists of four bearing pads, 44 in. long by 14 in. 
wide with orifices of 0-020 in. diameter and 0-005 in. deep pockets, which support the 
carriage. Four similar pads provide sideways location. The bearings are used with an air 
supply pressure of 60 Ib/in? and tests have shown them to be very satisfactory in practice. 
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(c) Pneumatic roundness measuring instrument 


The two applications described so far have been concerned with flat or slider type air 
bearings ; the remaining three are all journal bearings of one type or another. The pneumatic 
roundness measuring instrument is based on a property of air bearings which has not been 
previously mentioned in this paper. It consists of the fact that air journal bearings con- 
structed by conventional manufacturing methods can provide very high rotational accuracy. 
An experimental vertical air journal bearing [2] made in this way was tested and found to 
rotate to an accuracy of 5 x 10-* in. under conditions of constant radial load and slow 
speed of rotation, i.e. its axis of rotation shifted less than 5 x 10-6 in. during one revolution. 

Figure 12 gives a cross-section of this experimental bearing. The vertical shaft of 1} in. 
diameter is guided in two bearing bushes with a radial clearance of 0-0005 in. Air is supplied 
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through six 0-020 in. diameter orifices on the centre line of each bush. To obtain the maxi- 
mum transverse stiffness, each orifice has a pocket of 0-005 in. depth and }in. square 
section. The weight of the shaft and any additional vertical loading is supported by an 
annular air thrust bearing. This has six orifices of the same diameter but the pockets are 
replaced in this case by a continuous annular groove } in. wide and 0-005 in. deep, con- 
necting all the orifices. The steel shaft is precision ground, while the brass bushes are 
diamond turned. 

In the absence of any metal to metal contact, there is no wear in this bearing and its 
rotational accuracy of 5 x 10-6 in. can be maintained over long periods of time. It may be 
of interest to note that the air consumption of this bearing is about 24 ft?/min of free air. 

Based on the design of this experimental bearing, a roundness measuring instrument 
has been developed [3] and is now being produced commercially. Its reference axis is the 
air journal bearing and an air gauging head is carried at the lower end of the shaft with 
its stylus contacting the work to be measured. The pneumatic measuring system gives an 
over-all magnification of 5000 : 1 and the departures from circularity of the test piece are 
recorded on a circular chart. The complete bearing and gauging unit is mounted on a tool- 
makers microscope to facilitate alignment of the test piece to the bearing axis of the 
instrument. 


(d) Fractional horse-power dynamometer 


A somewhat different application of air journal bearings can be found in the fractional 
horse-power dynamometer [4] developed at the Laboratory for the measurement of losses 
in small transmission units to an accuracy of +0-02 Ib. in. of torque. The basic principle in- 
volved is the measurement of torque reaction on the stator of the driving motor or absorbing 
generator, since this torque reaction always equals the shaft torque. To obtain an accurate 
measurement of this torque reaction, the driving and absorbing units are trunnion mounted 
on air bearings to eliminate friction and the torques are measured by means of electro- 
magnetic torque balances. 

Figure 13 shows the type of air journal and thrust bearings used for the trunnion 
mountings. The journal bearings are 5 in. diameter by | in. long, while the thrust bearings 
are annular in shape and | in. wide. The radial bearing clearance is 0-001 in. and all the air 
supply orifices are 0-020 in. diameter with pockets at their inner ends. A small departure 
from conventional air bearing practice is made here to allow for the, fact that the load on 
the bearings is always in a downward direction. Five orifices are used in each journal 
bearing and these are spaced at 60° intervals in the lower part of the bearing. The thrust 
bearings have three orifices connected by an annular groove } in. wide and 0-005 in. deep. 

At an air supply pressure of 60 Ib/in?, the total air flow to the bearings of both driving 
and absorbing units is 9 ft?/min of free air. 


(e) High-speed ball bearing testing machine 


The last application to be considered differs from the previous ones in that it concerns 
the use of high-speed air bearings. They form part of machines which have been developed 
to measure the friction and vibration of small bore ball bearings at speeds up to 60,000 rev/ 
min and under varying conditions of axial and radial load. The choice of pressurized air 
bearings was dictated by the need for a machine which would operate with negligible 
vibration for long periods of time at both high and low speeds of rotation without requiring 
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maintenance. In practice, both these requirements have been fulfilled and the prototype 
machine has been running for a total time of 15,000 hr without any detectable bearing wear. 


Not to scole 


Fic. 13. Cross-section of driving unit trunnion mountings. 
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The basic design of the frictional torque measuring machine [5] can be seen in Fig. 14. 
The ball bearing under test is mounted at the end of a shaft which is supported on two air 
journal bearings. Because radial loading of the ball bearing produces asymmetric loading 
on the air bearings, the bush nearer to the applied load was made longer than the other one, 
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the respective sizes being 14 in. diameter by 2 in. long and 14 in. diameter by 14 in. long. 
The longer bearing has two rows of air orifices, the shorter one only one central row and 
all the orifices are 0-025 in. diameter with pockets of the usual design at their inner end. 
The radial bearing clearance is 0-001 in. With an air supply pressure of 60 Ib/in?, a maximum 
radial load of 25 lb can be applied to the ball bearing. 

The outer race of the ball bearing is held in a housing which forms the inner part of an 
air bearing used as a frictionless pivot, i.e. a trunnion mounting. This is of somewhat similar 
design to the journal bearings in the other parts of the machine. The radial load on the 
ball bearing is applied by means of dead weights and is transmitted through the air film of 
this bearing. The ball bearing housing also carries the electromagnetic torque balance 
used for continuous measurement of the ball bearing torque. 

The conical air thrust bearing, which can be seen at the other end of the high-speed 
shaft in Fig. 14, provides the reaction to the axial load on the ball bearing. In this form of 
thrust bearing, air is admitted by a central orifice and escapes to atmosphere along the 
conical surface. This enables the load bearing capacity to be increased for a given size of 
shaft and also increases the running clearance at the thrust bearing. 

The shaft is belt driven from a } h.p. induction motor, which is itself capable of operating 
at speeds up to 60,000 rev/min for long periods of time. It also employs air-journal and 
thrust bearings of a similar design to those already described and the exhaust air from these 
bearings is used to cool the stator windings. 

A similar machine has been developed to measure the vibration of ball bearings [6] 
but as far as the air bearing design is concerned, this is the same in all respects to the 
machine already described. 


6. CONCLUSIONS 


This paper describes work done at the National Engineering Laboratory to obtain 
design data for flat pad air bearings operating under both steady and alternating load 
conditions. It also describes some practical applications of air bearings which were designed 
with the help of the results obtained from the fundamental work described above. 

The work on alternating load conditions is continuing together with further tests of air 
bearing slideways in machine tools under practical operating conditions. It is also intended 
to extend the fundamental work to air journal bearings and some experiments are already 
being carried out to determine the effect of inaccuracies in both the shaft and the bearing on 
the rotational accuracy of the shaft. 
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THE FUNCTION OF RESEARCH IN THE DEVELOPMENT 
OF AUTOMATIC MACHINE TOOLS 


F. KOENIGSBERGER* 


THE OxForD Dictionary defines research as an endeavour to discover facts by scientific 
study of a subject, or shorter, as a course of critical investigation. Under the general heading 
it is common practice to draw a dividing line between fundamental and applied research, 
the former trying to find basic facts and relationships, the latter searching for results which 
can be put to immediate practical use. 

Unfortunately, this distinction is not used merely for describing different avenues which 
a research worker may wish or have to follow. In general usage it also has a flavour of 
snobbish valuation which associates fundamental research with work at a high academic 
level, whilst considering applied research only of specific importance for a particular 
practical problem, and therefore, of limited prestige value. 

As a result, the engineer who works in the academic world and who has the appropriate 
knowledge, technique and equipment at his disposal, may be reluctant to embark on work 
which would be frowned upon by his colleagues and damage rather than enhance his 
academic reputation. The industrial engineer, on the other hand, will not appreciate 
research work which is not readily applicable to the solution of his problems. 

This mentality can do a great deal of harm. Medical research is not possible without 
some work being carried out at some time or other on the human being; similarly engineer- 
ing cannot be divorced from its practical associations and the engineer cannot isolate his 
work completely from machines and devices, even if these machines are designed and built 
for industrial workshops. 

A recent report [1], prepared by Professor R. J. Dunning, the Dean of the Columbia 
School of Engineering, stated that so-called “practical research vastly multiplies basic 
engineering and scientific knowledge and, therefore, constitutes one of the most truly 
creative activities in the University’. Professor Dunning also said that “the history of 
science shows that the solution of specific problems has stimulated at least as much funda- 
mental discovery as pure intellectual curiosity has”’. 

Moreover, if new materials are to be employed, new techniques introduced and new 
ideas developed and converted into engineering realities by sound design, this must be 
based on the results of both fundamental and practical research. Much of the progress 
achieved in the machine tool field is due on the one hand to basic studies of mechanics of 
metal cutting, machining conditions, dynamics of high speed operations, etc., and on the 
other hand to practical investigations into matters such as optimum conditions of lubrica- 
tion and surface finish of bearings, experiments with all kinds of measuring and control 
equipment, the balancing of technical performance and competitive cost of different 
designs, etc. 

Whilst little of such work can be easily included in the programme of an industrial 
establishment with its production time schedule, it can be carried out by an organization 
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which is sufficiently flexible to accommodate the varying conditions dictated by the nature 
of such work. 

The scope of development work in industry is bound to be restricted by considerations 
of time and cost. As a result designers and development engineers usually employ a trial 
and error method. They test and improve their product until it gives the specified minimum 
performance. At that moment they must stop and let production and output considerations 
take precedence. The research worker, on the other hand, is not just satisfied with “making 
the job work”’, he studies systematically the technical and economic factors which affect 
the behaviour and performance of a tool, a structure, a mechanism or a machine. He seeks 
to determine why and how working conditions are related to different design parameters 
in order to establish data for optimum design conditions. 

The results of this work must then be presented to the designer in a manner which 
makes the information both sufficiently accurate for the purpose and easy to apply, in 
other words, they must be put in a form in which they are suitable for industrial use. 

In the field of machine tools, this involves more than clear tabulation of facts and 
figures because requirements concerning the manufacture, use, application, operation and 
control of the machines in the production workshop must be given full consideration. 
Sometimes it may even be more important to provide the designer with a clear indication 
of the trends, which any changes of various parameters may produce, rather than giving 
him exact detailed values for all possible conditions. Nomograms, although less accurate 
than information in tabular form, will often assist in estimating effects of possible modi- 
fications which the designer may contemplate, and will enable him to judge where and when 
a modification may at all hold promise or prove of insignificant value. 

The development of machine tools, which has been made possible by the progress of 
modern control techniques, has almost overshadowed the developments due to advances 
in the field of tool materials and cutting processes. 

The first steps in this field were taken long ago with the mechanization of drives and 
operating devices which served to reduce the physical effort of the operator. They were 
followed by the introduction of sequence control for pre-selected cycles of particular opera- 
tions or for series of operations. Examples are machines with cam or trip-dog control, 
e.g. automatic lathes. To-day machines are controlled by templates, punched cards and 
magnetic or punched tapes, which are prepared directly from the drawing and eliminate 
the need for the operator interpreting the instructions on the drawing. 

The problems presented to the designer of these really “automatic”? machine tools are 
not always new, but they were not so strikingly evident in the past when, in the case of 
manually operated machines, the order of magnitude of operational speeds, of cutting 
forces, and of rates of metal removal was much lower than in the case of automatic pro- 
cesses."When control movements are mechanized by means of levers which are operated 
by cams, trip dogs, etc., the machine has to deal only with predictable conditions. It has to 
engage pre-set sequences of operations to ensure the correlation of spindle speeds and 
feed rates with various operational steps, etc. The design of mechanisms required to do 
such work can always be carried out by some trial and error experiments similar to the 
building of Meccano models. When real automation is to be introduced, not only planned 
and predictable conditions have to be dealt with as and when they arise, but also unpre- 
dictable ones, e.g. excessive loads or positional errors which may be due to a variety of 


causes. 
In the case of machines which are manually controlled an operator can adjust the 
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control speed to suit his own ability. He can meet unforeseen incidents by making decisions 
in accordance with his experience. In such cases the problem§ involved are relatively 
simple, because any possible weaknesses of the machine can be compensated by suitable 
modifications or corrections of the operation cycle. Thus, if the machiné appears to labour 
under an overload, the operator can reduce the chip section, if a gear ratio for a hand- 
operated movement is too harsh, he will automatically slow down his movements, etc. 

In automatic machine tools this thinking capacity of the operating medium, the ability 
to make decisions in the face of unexpected and unpredictable incidents does not exist. 
The popular description of the electronic brain misses this basic difference between the 
human brain and an electronic control device. The inability of the control device to face 
emergencies, which its designer has not foreseen, must be allowed for in the following 
manner: 


1. The probability of unpredictable conditions arising must be small; 

2. The magnitude of variations from expected behaviour must not be beyond the 
capacity of the equipment. 

These will now be discussed: 


1. The technical and financial effort put into the design, manufacture and operation of 
automatic machine tools is justifiable only if it can be balanced against the quantity and 
quality of its output. Modern electronic control equipment represents the equivalent of 
more than two eyes, two hands and one brain, and working speeds are not limited by the 
inertia of large masses. Such control devices can work fast and carry out several operations 
simultaneously. In addition the accuracy obtainable with the available measuring equip- 
ment is of an extremely high order. 

Automatic machine tools must, therefore, be designed for safe transmission of heavy 
loads and high power. This means not only that safety factors must be high, but also that 
power requirements must be accurately predicted, so that the machines are neither under- 
powered, nor that excessive power is needlessly available. 

Apart from the weights of workpieces and tools and the forces acting at the cutting 
edge, frictional forces are of particular importance, and here static friction (stiction) often 
creates difficulties as it may affect the accuracy of machine movements. Stiction is a pheno- 
menon which can either be counteracted by suitable devices, or eliminated entirely by use 
of anti-friction bearings. An example are hydrostatically lubricated slideway bearings, 
and an investigation into the relation between their stiffness and load carrying capacity on 
the one hand, and conditions of pressure, oil film thickness, oil flow, etc., on the other has 
been carried out in Manchester [2]. 

A nomogram (Fig. 1) developed by Dr. J. K. Royle shows the relation between load 
carrying capacity, stiffness, oil flow (Q), oil pressure (p) and dimensions of slideway bearings 
(see sketch in the top right-hand corner of Fig. 1), in dimensionless units. An example may 
indicate the use of the nomogram. A rectangular slideway (bearing area A = 12°5 in?) is 
to carry a load of 2000 Ib. The oil film is to have a static stiffness of 6,000,000 lb/in. The 
supply pressure of the oil is pp = 400 lb/in?. In order to obtain optimum relations between 
stiffness (vertical ordinate) and load carrying capacity (horizontal ordinate), it is necessary 
to work around the maxima of the parabolas, i.e. in the cross-hatched zone of the nomogram. 
In this zone the ratio 
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lies between 1-4 and 2-0. If a value of 1-5 is chosen, the following relationships exist: 7 
P = 2000 lb 
6,000,000 
1°5 
2000 * 
= 0-0005 in., 


which appears reasonable. 
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For these values a width ratio b/B = 0-6 and a pressure ratio pi/po = 0-5 are obtained. 
The value of 1-2 representing the oil flow may appear a little high. It can be reduced by one 
of the following means: 


3- dimensional 


cutting force 
 dynanometer 
| 


Vertical 
milling 
machine 


Fic. 2. Equipment for measuring cutting forces during milling operations. 
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Fic. 4. Investigation of oil film stiffness, etc. on a hydrostatically 
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Fic. 5. “Dual drive” for milling machine table. 
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(a) By following arrow I along the b/B = 0-6 line to the left. 
(b) By following the p1/po = 0°5 line to the bottom left according to arrow II. 
(c) By moving vertically downwards (arrow III). 


The third solution (c), would reduce the stiffness below the permissible value. The first 
solution (a), would not result in a considerable reduction of the oil flow. However, by 
applying solution (b) it is possible to reduce the oil flow considerably, as long as the bearing 
area can be sufficiently increased to maintain the required load carrying capacity without 
affecting the stiffness. 

In actual practice a compromise will perhaps have to be found, but the example should 
show how the research worker provides the designer with the data he requires, and how 
the designer can see the results of various steps he may consider in order to improve his 
design. 

2. The accuracy of measuring and control which is at present obtainable opens the 
way to manufacture for truly non-selective assembly. Although measuring and positioning 
devices should preferably refer to the cutting edge and the workpiece and not to the tool 
slide and the work table, this may often be found impracticable if not impossible. In such 
cases, special precautions must be taken either to produce the machine to an accuracy at 
least equal to that of the measuring devices or, alternatively, to correct to within the re- 
quired limits the results of unavoidable machine inaccuracies if and when they arise. 

The automatic control of the machine tool involves, therefore, not only the mere trans- 
mission of the necessary operating instructions, but also a continuous comparison with the 
results obtained. The need for continuously applying corrective action necessitates the 
use of feed back control devices, i.e. servo-mechanisms. In the case of pure positioning 
operations, as found, for instance, in jig boring machines, the time at which table and 
saddle reach their required positions is not critical, as long as each part is in position and 
clamped before the tool starts cutting. 

In profiling and similar machines the instantaneous relative positions of the parts, 
which move while cutting is in progress, must continuously remain correct. The closing of 
the loop between position measurement and control input must be such, therefore, as to 
provide rapid action on the part of the control devices, and it may be necessary to establish 
limits for the demanded accelerations. 

If a research programme is to be of immediate value to design and development it has 
to be planned on the following lines: 


1. Establishment of specific research projects based on a considered scientific appraisal 
of results obtained in other fields, possibly quite remote from machine tools or 
even adjacent fields. Reasonable assumptions as to future developments must also be 
considered. 

. Design and manufacture of specimens and equipment for initiating the work. Here 
too great rigidity should be avoided in order to make possible adjustments as the 
research gets under way. 

. Design and manufacture of machine elements based on the results of 2. 

. Investigation of the performance and behaviour of the elements mentioned under 3, 
so that design specifications can be laid down independent of their use in specific 
machines. 

. Experimental design and manufacture of a typical machine tool incorporating as 
many as possible of the before-mentioned elements. 
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6. Testing of the machine tool mentioned under 5 under production conditions. 
7. Issuing a final report which can, of course, be preceded by interim reports on the 
stages mentioned under 4. 


Such a programme is a formidable one, and for a research project which has to be 
carried out within normal limits of possibility and cost, it will be necessary to select certain 
aspects and to leave others until opportunities for their execution arise. 

In the research programme—originally sponsored by the National Research Develop- 
ment Corporation, and now supported by the Department of Scientific and Industrial 
Research—which is at present in progress at the Manchester College of Science and 
Technology, four aspects were originally selected. A report on the investigation into cutting 
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forces during milling operations has already been presented. Reports on the design of a 
servo-drive and on automatic error compensation will be presented later to-day. It is 
planned to test the results in a machine tool which should provide as many of the difficulties 
normally encountered in machine tool operations as possible, i.e. a profile milling machine. 

This does not mean, however, that the results are applicable only to this type of machine. 
For instance, the results of the error compensation work can be used on surface or cylindrical 
grinding machines, centre lathes, and others. 

If the particular elements as developed perform satisfactorily under the pulsating force 
conditions, the varying feed rates and the irregularities due to cutter eccentricity of a 
profile milling operation, they will without doubt be able to cope with other machining 
processes. 

The illustrations (Figs. 2 to 11) give an idea of some work and equipment in connect- 
ion with the machine tool research project at the Manchester College of Science and 
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Fic. 10. Dynamic loading of a bed model for test rig (Fig. 7). 
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tical’ research, the correlation of which is, to say the least, difficult if work on a given 
problem is carried out in different locations. 

It was, therefore, a little disconcerting to read in the Chairman’s Address to the East 
Midlands’ Branch of the Institution of Mechanical Engineers [3] that “development re- 
search is obviously better carried out in the Works and Laboratories of industry”, and 
“our efforts in development research ... cause much less concern than our relatively 
insignificant efforts in basic technological research”. 

It is the destination rather than roads which lead to it that matter. Singularity of purpose, 
unity of planning and efficient correlation of results are only possible if researches into a 
specific problem, both the fundamental and the development work, are centralized according 
to the subject in question without bias, prejudice or prestige considerations. Only by a 
co-ordination of all efforts will it be possible to keep up with, let alone gain a lead in, the 
development of automatic machine tools. 

The latest O.E.E.C. Report on the Engineering Industries in Europe [4] shows a disap- 
pointing downward trend in the deliveries of the machine tool industry in this country 
(Fig. 12). Should this be taken as a danger signal that research efforts, fundamental, practical 
or whatever they may be called, must join forces without delay, and with nothing but the 
target of progress in mind? 


REFERENCES 


[1] R. J. DUNNING, Mech. Engng, N.Y. 82, 108 (1960). 

[2] R. F. FerGuson, Ph.D. Thesis, Manchester, 1959; F. KOENIGSBERGER, Forschungsbericht iiber Probleme 
hydrostatisch geschmierter Fiihrungen fiir genaue Positionierung, 4. Fokoma, Munich (1959). 

(3] J. A. Pope, Proc. Instn Mech. Engrs, Lond. 173, 547 (1959). 

[4] Statistical Study by the Machinery Committee. Organisation for European Economic Co-operation, 
Paris (1959). 


96 
= 
4 
ok 


Int. J. Mach. Tool Des. Res. Vol. 1, pp. 220-248. Pergamon Press 1961. Printed in Great Britain 


MACHINABILITY OF METALS AND MACHINING COSTS 


B. N. CoLpInG* 


1. INTRODUCTION 


THE MACHINABILITY of a metal may be defined in various ways, but none of the existing 
definitions seems to rate a metal properly in this respect. The values of the cutting speeds 
for 60 min tool-life, Veo, of different metals, which are quite often used as machining 
characteristics of one metal relative to another, may suffice when making very rough esti- 
mates of this factor. However, with the present day requirements of the metal cutting 
industry it is not only necessary to investigate whether or not a 60 min tool-life is a good 
economic average value, but also to know if the Vgo-value stated corresponds to an economic 
combination of feed and depth of cut. Besides, it is quite evident that such a combination 
cannot be the same comparing one metal with another. Limiting factors, such as surface 
finish or tolerance requirements, available power, vibrations, inconvenient forms of chips 
and so on, also contribute to make it difficult for the metal producer or the production 
shop to obtain unique values of the machinability of a metal. However, tending to rough 
machining operations in turning, shaping, milling and grinding the above mentioned limiting 
factors are less important as to the metallurgical and the mechanical properties of a metal 
than the time of machining it, i.e. the cost of machining a unit volume of a particular 
metal. It is this cost or this production rate, which, in general, is the most important 
machinability characteristic of a metal. In this paper the concept of machinability is de- 
fined by a term called the productivity p referring to machining with optimum cutting data 
such that either cost is a minimum, or production rate is a maximum, i.e. when only the 
time for tool replacement is taken into account. 

This productivity is a function of the tool-life equation of the particular tool—metal 
combination and also of the general level of the cost components forming the machining 
cost in a particular company. Its absolute value thus depends on the magnitude of costs 
such as cost of machine, operator, regrinding and overhead cost. 

A relationship between productivity and machining cost is derived and a nomogram 
for the computation of cost per part Q is shown. This nomogram is particularly suitable 
for examining the relative influence of tool-life, tool regrinding cost, and the sum of hand- 
time, set-up time and delay-time, when machining time is held constant. Comparisons 
between the cost due to varying tool-lives from different metals using constant machining 
and tooling data illustrate one example of its usage. 

In the previous theories of metal cutting generalized tool-life equations of the Taylor 
type are used as a first approximation of tool-life curves. This approximation is good 
enough for many purposes, but there are many phenomena for which these equations 
yield invalid conclusions or erroneous results, e.g. in machining economics studies. Such 
generalized Taylor equations have been developed for turning, where tool-life 7, cutting 
speed V, feed s and depth ‘of cut ¢ are the considered variables. In milling, similar types of 
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tool-life equations hold, but the many variables in this process make the equations more 
limited than in turning. The same thing is still more true for the grinding process, where 
very little was done previously concerning grinding wheel-life equations. Therefore, especi- 
ally in milling and grinding the many geometric cutting variables makes it difficult to 
evaluate the machinability characteristics of these processes unequivocally and, besides, 
the approximation involved in using Taylor’s equation or generalized such equations adds 
to these difficulties. 

The main object of this paper is the presentation of a new wear relationship 

AX, y, z)= 90 

(where x = In g, y = In V and z = In T) which is capable of describing the machinability 
of metals accurately using turning or shaping tools, milling cutters or grinding wheels, 
using only three variables, i.e. tool-life 7, cutting speed V and Woxén’s chip equivalent 
concept qg. This chip equivalent concept valid for turning and shaping tools, is extended 
by the author to hold for milling cutters and grinding wheels on the basis of volume con- 
tinuity considerations, the validity of which were established by means of wear tests and 
force measurements. 

The validity of the general wear relationship is proven using an automatic digital com- 
puter. Practical recommentations for the undertaking of tool-life tests to obtain a sufficiently 
accurate general wear relationship 9 (x, y, z) = 0 are given. A graphical method to establish 
the economic values of tool-life, cutting speed and chip equivalent yielding a maximum of 
productivity is formulated. 

In this research work it is thus demonstrated that correct and accurate values of the 
machinability of a metal are only obtained taking due regard of both cutting speed and 
chip equivalent, when the tool-life tests are run so that “true” tool wear curves are obtained. 


2. THE CHIP EQUIVALENT—THE TURNING EQUIVALENT 


The term chip equivalent, valid for turning operations (and consequently also for shaping 
operations) suggested by Woxén [1, 2] in 1931, is defined by: 


mm (1) 


i.e. the ratio between the total engaged cutting edge length L divided by the chip cross-sectional 
area A before metal removal, see Fig. 1. 

From the geometry of Fig. 1, Woxen derived an approximate value of the chip equi- 
valent, which reads: 


t—ril cos #) Ss 


in” 180" 
mm 


txs 
valid for t > r (1 — cos #), where 

t = depth of cut in mm 

s = feed per rev of workpiece in mm 


r = nose radius in mm 


# = 90 — C; = side cutting edge angle. 
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The chip equivalent is related to the chip thickness or feed /; in orthogonal cutting by 
the following simple expression: 


t | 


= = 
3) 


q 


Woxén [11] showed by a theoretical treatment of the heat balance in the cutting process, 
by use of the tool-work thermocouple method and by tool-life data that q is a physical 


Fic. 1. Definition of chip equivalent. 


quantity. Together with cutting speed V and material properties, gq determines the tem- 
perature in the cutting edge. The same temperature or tool-life is thus obtained, if feed, 
depth of cut, nose radius, and side-cutting-edge angle are combined so that the values of 
the chip equivalent are made equal, provided the cutting speed is held constant. 

Some typical relationships between cutting speed and chip equivalent for constant 
tool-life are shown by Fig. 2 in double logarithmic scales [3, 4]. In order to give the reader 
an idea of common values of the chip equivalent for roughing and finishing operations 
and the corresponding combinations of feed, depth of cut, nose radius and side cutting 
edge angle Table | is made up. 


3. THE MILLING EQUIVALENT 


An analysis of a discontinuous cutting process such as milling should logically be based 
on the work done to remove a unit volume of the work material as is done in ordinary 
turning operations. In milling the work or power necessary to rotate the cutter is expected 
to be directly proportional to the weighed average value of the cutting force over times of 
cutting and of rest of the milling teeth during one revolution of the cutter body. Therefore, 
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Fic. 2. Relationships showing dependence of cutting speed at constant 
tool-life on chip equivalent in turning. 


TABLE 1. EXAMPLE OF COMMON COMBINATIONS OF TOOL GEO- 
METRY, DEPTH OF CUT AND FEED, AND CORRESPONDING VALUES 
OF THE TURNING EQUIVALENT q 


% 


| 
| 
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one would expect, when considering a plain (slab) milling operation, see Fig. 3(a), or a face 
milling operation, see Fig. 3(b), that the weighed average value of the total wear of all the 
teeth during one revolution, i.e. the wear referred to the life of the cutter and not to the 
contact time of each tooth, is the basic wear characteristic of a milling process. 

In order to derive a chip equivalent for milling, the author [3] introduces a fictitious or 
characteristic chip cross sectional area A, satisfying volume continuity of chip formation 
which is determined by the cutter speed V, the depth of cut ¢, the width of cut b, and the 
work speed v, see Figs. 3(a), (b) and (c). Note that the depth of cut t and width of cut 5 
are defined analogously in slab and face milling. The volume continuity equation reads: 


Vx Ae=vx bx t=dW/dT 


and the characteristic cross-sectional area of cut is: 


Ac= x bx tmm? (4) 


and the characteristic depth of cut is: 


he = x tmm (5) 


In order to conform with the definition of the engaged edge length L of a turning tool, a 
characteristic engaged cutting edge length L, may be defined from the geometry of the face 
milling cutter in Fig. 3(c). If the tool edge is ground sharp as is usually the case, the face 
cutting edge will rub against the feed marks shown in Fig. 3(c). Hence, at first sight, the 
cutting edge length L, would then be approximately equal to the sum of the edge contact 
lengths /, and /-q plus that of sz, provided the spiral angle 5 is zero. However, as the charac- 
teristic depth of cut is defined by /-, then the value of the engaged cutting edge length for 
face milling is determined by 


le + loa = he mm (6a) 


or, from the geometry of Fig. 3(c): 


cos 6 


cos c cos c 


Hence the milling equivalent for face milling is: 


Le aD | cos ca 1 1 r 
= -1 7 
he xX b~ zx ( + + 


my 


where it should be noted that: 


The milling equivalent for plain (slab) milling is: 


aD 
g 
Pz Se X teosd (8) 
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Fic. 3. Geometry of plain milling (a), and face milling (b), using a common definition of depth 
of cut ¢ and width of cut 5. (c) Shows cross-section of face milling cutter and work with the actual 
area of cut A, feed marks and other geometrical quantities. 
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For end milling cutters, i.e. when t = D: 


= —. mm=! 9 
bx cosd (9) 


For side milling cutters: 
(10) 


Ms = My + m 
where the second term on the right hand side of equation (10) is added to my due to the 
rubbing on both sides of the cutter. 

The above relationships for the calculation of milling equivalents and other formulas 
for other types of cutters, which are easily derived, ought to have application in a great 
number of practical cases. The theory has only been tested for face and plain milling 
cutters, but it isexpected to hold with sufficient accuracy for other types of cutters as well. 
Another example of the validity of the milling equivalent concept is demonstrated in 
Table 5 in connection with the automatic digital computer determinations of the constants 
of a tool-life equation. Some typical values of milling equivalents corresponding to pro- 
duction milling are given in Table 2. In Fig. 4 is shown typical relationships of the type 
given by Fig. 2 for gq between cutting speed and milling equivalent for constant tool-life 
both for carbide face milling tests of cast iron [5] and for HSS plain milling tests of 0-40 
per cent carbon steel [4]. The range of variation of the cutting variables such as sz, t, z and 
so on are given in the text of Fig. 4. 


500 Carbide face milling of cast iron 
© Z voried (i to t-110mm 
@ s> voried (0.06 to 0:76) D« 225mm 
V x 6b voried (06 to 50) 
V, 
x 60 
100 = e-==+— “Go 
50 
\ 
4 
/ A Plain milling of 
\| 0:40 % C- Steel 
7-8 O-75mm 6:35° 
4 
10 
Sz varied (025 to ts) 
t voried (20 to +0) 
5 | 
f § 10 50 100 500 1000 
m mm-! 


Fic. 4. Relationships showing dependence of cutting speed at constant cutter tool-life on 
milling equivalent in face milling and plain milling. 
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TABLE 2. EXAMPLE OF COMMON COMBINATIONS OF CUTTER GEOMETRY, DEPTH OF CUT, WIDTH OF CUT 
AND FEED, AND CORRESPONDING VALUES OF THE MILLING EQUIVALENT 7 OF FOUR DIFFERENT TYPES 
OF CUTTERS 


Operation 


Plain milling 


www 
ooo 
ooo 


Side milling 


cooco 


Face milling 


ooco 


own 


End milling 


ooco 
8Sss 


4. THE GRINDING EQIVALENT 


The difficulty in evaluating the grinding process lies not only in the statistical dis- 
tribution of location, shape and size of grits on a conventional grinding whee’. Further- 
more, each individual grit does not generally separate one single chip but many tiny ones 
due to the fact that a grinding grit has many cutting points. During his stay with the 
Physical Research Department of the Cincinnati Milling Machine Co. from 1957 to 1959 
the author tried another approach than the conventional one to the evaluation of the 
grinding process in showing the analogy between the wear of grinding grits and cutting 
tool wear in plunge grinding operations as shown by the following description. It was 
possible to derive a chip equivalent for the grinding wheel which proved to be a unique 
measure of wheel wear and also of specific grinding energy when grinding wheel speed was 
kept constant. If, instead of the commonly used grinding ratio (the volume of metal re- 
moved from the work piece divided by the volume of wheel worn away), grinding wheel 
life (in minutes), after a certain radial wheel wear is reached is plotted against wheel speed 
V, but keeping the grinding equivalent 


V 
x 


v t 

constant, the resulting curve was found to have the same shape as tool-life curves in turning. 
Stated in another way, a wear relationship of exactly the same type as was derived for 
turning and milling was found to describe the grinding process for plunge grinding. Con- 
tinued work in Sweden, where especially the extensive research work on wheel wear in 
cylindrical traverse grinding done by Woxén [6], was re-examined on the basis of the new 
theory the author [3] showed the applicability of the grinding equivalent concept and the 
validity of a general wear relationship for cylindrical traverse grinding, too. 
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228 


In applying Woxén’s definition of chip equivalent to the grinding process in exactly 
the same way as was done in milling, it is found that the characteristic depth of cut he is 
the same as in milling, compare equation (5), while the characteristic length L, of the 
grinding wheel is defined according to Fig. 5(a) for cylindrical grinding or for surface 
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| 
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Fic. 5. Characteristic{length L- = he + b for cylindrical grinding (a), and for plunge grinding 
Le = 2 he + b in (b). The quantity he is the characteristic depth of cut. 


grinding as: 
Le=b+he=b+—tmm (11) 


and for plunge grinding according to Fig. 5(b) as: 
Le= b+ 2he= b+ 25 ¢mm (12) 


where b is the width of cut in plunge grinding, the feed per rev of the work piece in cylin- 
drical grinding or the feed per pass of the work piece in surface grinding. 
Consequently, the grinding equivalent for plunge grinding (gp) reads: 
V 2 V 
xt vxt (13) 


and for cylindrical grinding (g-) and for surface grinding (gs): 


V 1 V 1 
14 
vxt (14) 
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- where the error committed by neglecting the second term in the expressions for gp and 
ge can be shown to be of the order of magnitude of one part in a million. 

Figure 6 shows average curves from a great number of wheel wear tests of wheel life 
T as function of wheel speed V with grinding equivalent gp as parameter for SiC-wheels 
grinding cast iron (CJ) and medium hard carbon steel (81B45). The hyperbolic nature of 
the wear curves with a marked maximum wheel life for the cast iron curve at about 


T 
4g min Wheel life 
SIC - 81B 45 \ 
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Gp = 24-104 
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= 12-10% 
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= 24-10" 
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Fic. 6. Relationships showing dependence of grinding wheel-life on wheel speed for different 
values of grinding equivalent in plunge grinding. 


V = 550 m/min for g= 24,000 mm~! gives an example out of many [3] showing that 
grinding wheel wear relationships are analogous to tool-life curves in turning and milling, 
compare Fig. 8. 


5. PRODUCTION COST PER PART, Q 


The total cost per part Q for the production of a machinable product breaks down into 
the following subdivisions [3]: 

1. Machining or cutting (grinding) cost per part, Qm, comprised of cost of machine, 
ae operator and overhead per hour P during the machining time fm. 
- 2. Cost, Qrus, of the sum of hand-time fp, set-up time t,, and delay-time fs, i.e. cost 
during the total non-cutting time per part tnus = th + tu + ts. The cost of machine, 
operator and overhead during time fnus is considered to be based on the machine 
- cost P in point 1, in spite of the fact that this cost may sometimes deviate somewhat 
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from the value P per hour. This is usually done in machining economics computa- 

tions. 

3. Cutting tool cost per part, Q», including tool changing cost per tool change, Ryo, 
during time fy», tool regrinding cost Ro per regrind, initial tool cost Rg, and the 
number of times No the tool is reground. In this computation due regard should be 
taken to premature tool failures which do influence the value of Ro and No. 

4. Cost of workpiece metal per part, Q». With these definitions it is easily shown that 

the production cost per part Q may be written: 


60 


a= 60 


w 


(15 a) 


where T= tool-life or wheel-life in minutes or, finally, in an alternative and for many 
purposes more adequate form: 


where the metal volume to be removed per part Wz is related to the metal removal rate 
dW/dT cm*/min and the machining time tm by: 


i in mi 16 
ix. (16) 


tm 


= A or in cm/min/mm (17) 
q m g 
is defined as the specific productivity referred to the unit length of the engaged cutting 
edge length L or Le. This definition, referring the production rate to mm cutting edge or 
mm grinding wheel width, makes it possible to compare metal removal rate figures on 
an equal basis. The word “‘specific productivity” ps is related to the expression “productivity” 
p (to be discussed in the next section) which contains the cost quantities Ry», R and P. 
However, ps only depends on the cutting speed and the chip equivalent to be used with a 
given tool and workpiece. 
The time quantity t, within the parenthesises in equation (15 b) corresponds to the 
sum of the tool changing time ft,» and a “tool cost” time 60 x R/P: 


Ds 


(18) 


ty = twp + 60 | min 


No x Ro + R 
No+ 1 
The time t, may be defined as the time equivalent of tool cost and tool changing, computed 
in terms of equivalent machining time. Its magnitude depends on the level of cost of R and 


cost per cutting edge (19) 


R= 
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P, and that of the time fy», all quantities being more or less different comparing production 
units both within and outside of a company. 


In order to facilitate the use of equation (15 b) a simple nomogram of the cost per part 
Q as function of tool-life, cutter-life or wheel-life T, with ty and the ratio tnus/tm as para- 
meters is shown in Fig. 7. While T is read along the horizontal axis (Q, + Qm) is found 


300 min  4OOT 


thus _ / 


P 


Fic. 7. Nomogram for the determination of total cost per part (excluding material cost) 
in turning, milling or grinding. 
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along the positive vertical axis, and Qjus along the negative vertical axis, so that the relative 
influence of QO», Om and Qnus (all cost quantities are multiplied by the factor 

psx L x 60/W x P 


in the nomogram) may be compared. The metal cost Q» is not shown by the nomogram, 
and it has to be added to the obtained cost Q, + Qm + Qnhus. 


6. PRODUCTIVITY—MACHINABILITY 


An expression for the production rate expressed as the average time per part, considering 
the time for tool changing fy», is: 


= tm fob thus min (20 a) 
i 
or, 
Wp l thus 
t. = x 1+ ot min 20 b 


From the similarity of equations (15 b) and (20 b) it is seen that in economic analysis of 
a machining process the only terms which are associated with the concept machinability 
of a metal are: 
P= Ps cm3/min/mm (21) 
T + ty 

where p is called the productivity of a machining operation and ps is the specific productivity 
for turning, milling or grinding. The time fy is given by equation (18), but by setting 
éy = typ in equation (21) the productivity p also means the average metal removal rate per 
unit cutting edge length only considering tool changing time. 

Hence when V, 7 and q (m or g), on the basis of tool wear relationships, together with 
ty are combined in such a way that the productivity is a maximum, then either the pro- 
duction cost Q or the average production time is a minimum. 


7. ON THE PRODUCTIVE REGION OF A TOOL WEAR RELATIONSHIP 


The author [3] has studied the shape of tool wear relationships in turning, milling and 
grinding through tests of his own and those of others. It seems as the most general shape 
of such a relationship may be illustrated by Fig. 8, showing tool-life T as function of cutting 
speed V for three different chip equivalents qi, gz and qs. In the region where V is very 
small tool-life T is long, point D. At a relatively small speed, point C, the wear relationship 
has a minimum, and at point A it has a maximum. In the region APR tool-life T decreases 
continuously toward zero. 

The important portion of a wear relationship from a practical or an economic stand 
point is given by PR, where the end point P is defined by the point of tangency between 
the wear curve and a straight line P’P” with a slope of 45°, i.e. a Taylor [7] equation 
VT* = Cr, where the exponent a = 1. The machined distance on the workpiece Lp is 
constant along P’P” and it is independent of the value of V. Comparing this special Taylor 
relationship along the portion P’P of P’PP” with the portion AP of the real curve APR, 
it is evident that the maximum amount of metal removed between regrinds along AP is 
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reached at point P. To the right of point P the machined distance between regrinds along 
PR is less than along PP” and decreases with increased cutting speed. It has a maximum 
value which is equal to Ly at point P. In fact, for a continuously decreasing function 
z = f(x, y) (where x = Inq, In m or In g; y = In V and z = In T) such as APR in Fig. 8, it 
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Fic. 8. General shape of tool wear curves in turning, milling or grinding. 


can easily be shown that the maximum volume metal removed, W,,,,, between regrinds or 
redressings of a grinding wheel is obtained at P: 


W=L x psx T (22 a) 


or, 
InW=InL—x+y+f(x, y) (22 b) 


Similarly, using the expression for the productivity p in equation (21), it is easily shown 
that the maximum value of p always occurs to the right of point P in Fig. 8, at a point E 
when the following partial differential equation is satisfied: 


(5) ( + (24) 
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A special case of equation (24) is obtained when z= z(x, y) for x = x; = constant is 
identical with Taylor’s equation: 


VT*=Cr (25 a) 


or, 
ytaxz=InCr (25 b) 


Using equation (25), then equation (24) simplifies to the well-known expression for economic 
tool-life, Te: 


(: i) (26) 


a 


The use of Taylor’s equation or generalized equations of the same type where a is regarded 
as a constant such as those by Svahn [4], Gilbert [8] and Kronenberg [9] in Table 3, is 


TABLE 3. COLLECTION OF TOOL WEAR RELATIONSHIPS 


VT*=Cp 


Taylor, 1907 


0-72 


| r 
| (0-44 55 (0 13 + 0-0675yr)) x 7-35r + 1-881 
| [0-0394s] r 
Woxén, 1932 q+4% 
(7) x l+cuXq 
) or, generally 
v= [(F) +ar] l+cwxXq 
Svahn, 1948 4 
VT = 
(for milling) ( | 
[cr x s 5) 
Gilbert, 1950 _ Ca 
xtYG 
Kronenberg, 1954 (t/s)*x_ 
v=(> x CEX 
Colding, 1958 | Limited equation: 


k+ax+cy—z+hxz=0 


General equation: 
k + ax + bx? ++ cy + dy? —z+ ez? =0 


Colding, 1960 | k + ax + bx? + cy + dy? — z+ ez? + fxy + gyz + hxz =0 
where x = Ing, y = InV, z = InT 


| 


not generally permissible’tn economic analysis as the value 7, obtained out of equation (26) 
depends not only upon where along PR the straight line approximation is made, i.e. the 
value of a, but also upon the value of t,. The example shown in Fig. 8, where the real 
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value of 7, is at E and the economic value obtained by equation (26) is at E’, illustrates a 
common mistake made in practice, i.e. the theoretically obtained economic tool-life is 
longer than the tool—metal combination permits in reality. 

The need for a more general wear relationship than one of the Taylor type is not only 
regarded to be of great importance in metal cutting economic analysis and in other areas 
of practical importance but also in more basic studies of metal cutting theory. In fact, 
tool-life data plotted on log-log co-ordinates which appear in the literature are usually 
straight lines which are extrapolated towards shorter or longer tool-lives. The scatter of 
tool-life data usually makes it impossible to distinguish between a straight line or a portion 
of a curve PR of smail curvature, if only a limited range of cutting speeds is investigated. 

In Table 3 are shown the most important tool wear relationships suggested by different 
research workers to this date, including the author's [10, 3] approximate, but limited 
relationship of Taylor type and the proposed general wear relationship of 1958, and also 
the improved more accurate general wear relationship to be derived below. 

Previous investigations have shown that tool-life T is a simple function of tool tem- 
perature 8, which may be written approximately [11, 3]: 


T = — (27) 
where 
c, 8 are constants and the value of 8 is usually 2 < 8 < 3 
a = exponent in Taylor’s equation 
69 = initial tool temperature. 


A still better approximation to experimentally obtained data of tool-life T and tool 
temperature 6, valid for both clearance and rake wear, is the following relationship, de- 
rived by the author on the basis of diffusion of atoms of alloying elements between the 
asperities of chip or workpiece and respectively rake and clearance face of a cutting tool: 


T = const. x exp (u/2R6q) (28) 


where wu is the activation energy of diffusion, R is the gas constant and 6, is the absolute 
temperature. 

The author [3] has put forward the following hypothesis regarding the portion PR of 

z = f(y) in Fig. 8: 

1. The shape and the absolute value of this curve is essentially governed by a diffusion 
process which is formally represented by equation (28). 

2. The values of the activation energy u, the interface temperature 6, and the constant 
in this equation determine the shape and the absolute value of the curve PR at 
different speeds for different combinations of tool and work materials. 

. The value of the unknown constants in this diffusion equation depends on factors 
such a chemical analysis, plastic properties, hard inclusions or precipitates in the 
matrix and anisotropy of workpiece metal and the tool material. 


8. DERIVATION OF A TOOL WEAR RELATIONSHIP FOR TURNING, 
MILLING OR GRINDING 


In the foregoing it was shown that the region PR in Fig. 8 is the important portion of a 
tool wear curve of constant q, m or g. Furthermore it was pointed out why it is important 
to have a better approximation of tool-life as function of cutting speed,and of chip equi- 
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valent than a generalized Taylor equation. Finally, the close dependence of tool-life on 
tool-temperature and on diffusion was briefly touched on. Now, a more general tool wear 
relationship than any of the afore-mentioned tool wear equations will be derived. However 
in the first place, a limited equation will be derived which upon generalization yields the 
final relationship. For this purpose use is made of dimensional analysis applied to the 
following fundamental physical quantities affecting the cutting process for a constant 
combination of metal, tool, and tool angles. Besides the influence of the quantities V and 
q (m or g) on tool-life 7, the thermal properties, which vary with temperature, i.e. thermal 
conductivity k and volume specific heat pe, have to be included in such an analysis. 

According to equations (27) and (28) tool-life is a unique function of tool temperature, 
so, in a dimensional analysis aiming at a tool-life equation, temperature should not be 
included in the analysis, but the thermal properties of the metal. 

The specific energy necessary to cut the metal is found to be essentially independent of 
cutting speed in most of the region PR in Fig. 8. On the other hand, the specific energy 
varies with the value of the chip equivalent. Therefore, for a constant combination of tool 
and workpiece the chip equivalent may take care of the specific energy. An application of 
the principles of dimensional analysis to the quantities T, V, qg, k and pe¢ yields [10, 3]: 


(29) 


x Tx g@=f(VTq) 


Pe 


Attempting to establish the law governing the function (29), it is convenient to plot the 
left-hand side of (29) against the right-hand side holding either T or @ constant in an experi- 
ment on tool-life or temperature investigations. This is done so, because the establishment 
of the dependence of & and p, with temperature @ and tool-life T for many different com- 
binations of tool and work material would be quite difficult experimentally and would 
with the present knowledge of tool temperatures probably yield inaccurate values at the 
high temperatures corresponding to curve PR, i.e. to maximum temperatures of about 
1300°C. As T is assumed to depend entirely on temperature, then the ratio k/ps also must 
assume a constant value when tool-life is constant. 

After proceeding in the above mentioned manner the author [10, 3] derived finally the 
following generalized tool-life equation of Taylor type for V, T, q: 


VT* = Ay q™; lo ing (30 a) 
ao ao 


‘ 


or, as x = Ing, y= In V and z= In T: 


k+ax+ey—z+hxz= (30 b) 


where Ao, do, Bo, mo, /9 are constants, which are easily determined graphically from tool- 
life data by a method described by the author [10, 3]. 

This limited equation shows the functional dependence of the Taylor exponent aand 
the chip equivalent. This variation of a with chip equivalent or any other cutting data has 
not been considered in previous tool-life equations, compare Table 3. Equation (30) is 
found to be approximately valid within a certain range of chip equivalents, the magnitude 
of which depends on the tool—metal combination. 

However, the physically motivated equation (30) may be generalized further by con- 
sidering it to be an approximate relationship containing the first order terms x, y, zand 
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the product term xz of a more exact wear relationship 9(x, y, z) = 0, given by a polynomial 
of higher order: 


A(X, Y, Z) = k + ax + bx? + cy + dy* + ez? — 2 + fxy + gyz + hxz 
(+ terms of higher order) (31) 
where a, b, c, d, e, f, g, h and k are constants. 


9. 


AUTOMATIC DIGITAL COMPUTER DETERMINATIONS 
OF THE WEAR RELATIONSHIP 


Neglecting third order terms and those of higher order the validity of equation (31) 
may be tested by determining the standard error of each of the nine constants and check 
the fit of this calculated function to the wear data points. This was done conveniently with 
the aid of the ASEA automatic digital computer of make FACIT EDB using the method 
of least squares. In order not to leave out the possibility that a somewhat less complicated 
relationship than equation (31) would fit actual data points equally well or better than this 


relationship, the computer test program was made up for the following alternative relation- 
ships, denoted A to G: 


is equation (31) 

is a special form of equation (31) suggested by the author in 1958, where f= g = h= 0 
is a special form of equation (31), where e = 0 

is a special form of equation (31), where b= e= 0 

is a special form of equation (31), where b= d= e= 0 

is the limited equation (30), i.e. b = d= e = f= g = 0 in equation (31) 

is the same as F except that also A = 0, i.e. an equation of generalized Taylor type. 


For the determination of the accuracy of the functions A to G, the following basic 
terms in the theory of errors were used and established by the automatic computer: 
The standard error of unit weight so of the function 9(x, y, z) = 0: 


50 = — (32) 
The standard error s; of each of the constants in 9(x, y, z) = 0: 
= Qu (33) 


where 


v = the correction to the measured value z in order to obtain a more correct value, 
here determined by a least squares fitted wear relationship 9(x, y, z)=0 
such that v,? + + ... + vg? = (vv) is a minimum 

n = the number of tool-life measurements 

u = the number of constants in (x, y, z) = 0 

Qiu = the weight number of each constant, determined by the special law of error 
propagation. The normal equations are solved so that the constants a,b... 
are expressed as direct linear functions of the tool-life measurements. 


The terminology and the basic principles in the used laws of errors follow those recom- 
mended by Professor Bertil Hallert at KTH, Stockholm, in co-operation with the Inter- 
national Federation of Land Surveyors, the International Association for Geodesy and 
the International Society for Photogrammetry, and suggested to the International Society 
for Photogrammetry in London, 1960 [12]. 
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The standard error of unit weight so determined by the computer includes all possible 
errors such as errors of measuring instruments, of readings, in homogeneous tools and 
work materials, vibrations of the tool-work system, as well as errors in the mathematical 
model, i.e. in the form of the expression g(x, y, z) = 0. The standard error s; considers 
the above-mentioned errors according to equation (33). It is a measure of the accuracy of 
each individual constant in equation (31). Both so and s; should evidently be ‘“‘small” in 
order to signify a close fit of g(x, y, z) = 0 to the tool-life data points in the (x, y, z)-space. 
However, in order to establish the magnitude of safe “small” values of so and s; it was 
not only necessary to examine a large number of tool-life data from tests in turning, 
milling and grinding, but also to sketch the obtained wear relationships ¢(x, y, z) = 
and compare them with the actual data points. In examining such data it was found in many 
cases that although so was “‘small’” the magnitude of the standard error s; of one or more 
of the nine constants is larger than 100 per cent of the value of the corresponding constant. 
This indicates a poor fit of the assumed relationship. Assuming other errors are not un- 
usually great this may also indicate, however, that too few measurements n were made. 
If the first mentioned cause of the discrepancy is considered a still smaller value of s; would 
be obtained by decreasing the degree of order of equation (31) and thus by a decrease of 
the number of constants. On the other hand, were so considered “large’’, while s; were 
“small” the degree of order of the polynomial g(x, y, z) should be increased to obtain a 
more accurate wear relationship. 

After examining the standard errors of about forty sets of tool wear data obtained from 
the literature or from tests by the author it became quite evident that most sets of tool 
wear data contained too few measurements, i.e. from 15 to 25, to yield “‘reasonably small” 
values of the standard errors of the constants, although the value of so was as small as 
0-001—0-01. A “reasonably small” value of s; was judged to be less than about 25 per cent 
of the value of each constant. It was found that not only the number of data points but 
also the range of V- and g-values have to be reasonably large in order to establish the 
validity of equation (31), i.e. relationship A. 

It was found that values of n from 40 to 50 were necessary to get a maximum error of 
25 per cent in each of the constants, provided 5—6 different chip equivalents were used, but 
not requiring the cutting speeds to cover all of a region such as PR in Fig. 8. However, the 
number of measurements could be reduced to a minimum of 20 or 30 without loosing accu- 
racy, when only three different g-values were employed provided the ratio of the largest 
to the smaliest g-value was at least 7 in the sets of available data. The values of the 
standard error of unit weight so ranged between about 0-001 to about 0-01 using the cri- 
terions discussed in the above. In order to test further the validity of relationship A the 
corresponding x, y and z-values (computed on the basis of the calculated constants) were 
tabulated and plotted in In 7-In V graphs and compared to the actual data points. Figs. 9 
and 10 show such curves of turning data using HSS tools and P10 carbide tools cutting 
0-45 per cent carbon steel. Fig. 11 shows a curve obtained from plain milling tests with 
HSS cutters in 0-40 per cent carbon steel. In none of the mentioned sets of data all the 
actual data points are shown not to lose clarity. The number of measurements n and the 
standard error of unit weight so and the q- or m-values are shown in the figures. Figs. 9, 
10 and 11 show three different types of sets of data concerning the portion of curve PR 
in Fig. 8, to which the data belong. In Fig. 9 the data correspond to the region in the vicinity 
of R, and in Fig. 11 to the region close to P, while Fig. 10 corresponds to an intermediate 
region. The fit of the wear relationship ¢(x, y, z) = 0 is seen to be very good except for the 
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section through the surface g(x, y, z) = 0 at q = 2-0 (Fig. 10) where two branches of a 
hyperbola are fitted to the data points, while for larger values of g only one branch of a 
hyperbola fits the data. This emphasizes the need for not only a large ratio of g-values, as 
mentioned previously, but also the necessity for having data points spread out all over a 
region PR in Fig. 8. Only when the above points of view are met in tool-life testing an 
accurate wear relationship ¢(x, y, z) = 0 is obtained. 


min 


g: 1/68 


n= 56 
So 0:02/8 


\ 


4 
/ \ 
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Fic. 9. Wear curves showing the fit of calculated wear curves to actual data points. High speed 
steel tool turning of 0-45 per cent carbon steel. 


Table 4 and Fig. 12 show examples of the obtainable accuracy using the seven different 
relationships A to G. It is evident from Fig. 12 that the standard error of unit weight so 
increases rapidly with a reduced number of constants concerning the three processes 
turning, milling and grinding. The milling data, marked 210 in Fig. 12, are completely 
described in Table 4, where also the values of the constants and their standard errors sj 
are given. The standard errors s; for wear relationship A are seen to be 27 per cent of the 
value of the constant 5, 17 per cent of d, and from 11 to 2 per cent of the remaining constants. 
Comparing these values with those of relationships B and E (which both have six contstans) 
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Fic. 10. Wear curves showing fit of calculated wear curves to actual data points for carbide 
tool turning of 0-45 per cent carbon steel. 
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So 0:00139 
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Fic. 11. Wear curves showing fit of calculated wear curves to actual data points for plain milling 
of 0-40 per cent carbon steel. 
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TABLE 4. COMPARISON OF SEVEN DIFFERENT WEAR RELATIONSHIPS A-—G 
FOR MILLING DATA OF FIG. I1 


f Si 4 So 
0:0345 | 0-0039 0-00139 


| 0:0168 
0:00747 | 0-04086 0-0384 | 0-0153 
0:0670 | 0-0333 0-0327 | 0-017 
0-0303 | 0-0320 0-034 0-0196 
0-018 0-0505 
0-122 


it is found that they are generally smaller than for B and E; in particular, s; is as large as 89 
per cent for constant 5 (B), 85 per cent for a (A) and 105 per cent for f (E). Other noticeable 
facts are the rather small s;-values in the author’s limited wear relationship F, equation (30), 
or its special case G, where the slope a of the straight lines is constant. However, the magni- 
tude of the errors so being 0-0505 respectively 0-122 compared to the value of 0-00139 for 
A shows that the accuracy of the latter wear relationship is considerably greater than that 
of relationships F and G. 

Another test of the accuracy of equation (31) is shown in Table 5 where values of the 
constants and the standard errors so and s; are given for three different sets of milling 
cutter life data, but where the depths of cut were kept constant in each series of tests and 
held at ¢ = 2, 3 and 4 mm. The feed per tooth s, was varied as well as the cutting speeds, 
and the milling equivalents were computed from the combined values of t and s,. Table 5 
shows that the computed constants in each series of tests lie within the limits of the standard 
errors sy of each other. 

It can be concluded from the automatic digital computer determinations that the wear 
relationship: 


k + ax + bx? + cy + dy? + ez? —2z+ fxy + gyz + hxz=0 (31) 
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+ I +2 +3 
210, 
k Si a | Si b Si 
A 2:28 | 0-05 | 0-291 0-021 | 0-00632 | 0-00171 
B 1:25 | 0-30 0-167 0-119 | 0-0135 0-0120 
Cc 3:78 | 0-43 0-0130 0-2198  0-0380 0-0148 
D 4-27 0-45 0-170 0-245 | 
E | 3:77 0-43 0-0297 0-2521 
F 4-21 O-11 | 0-658 0-096 | 
G | 4:84 0:22 | 0-278 0-037 | 
+4 + § + 6 i 
= 
c Si | d Si | e Si i ae 
A | 0-536 0-036 | 0-0291 0:0049 | 0-104 0-002 
B | 0-525 | 0-164 | 0-0983 | 0-0307 | 0-102 0-009 VOL. 
C | 0-897 | 0-387 0:0297 | 0-0540 1 
D 1:49 | O36 | O-111 0-051 | 1961 
bE 0-708 | 0-059 | | | 
F | 0-130 | 0-054 | | | 
G 0-619 | 0-051 | | | ; 
+7 | + 8 | +9 " 
| | 
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Fic. 12. Relationship showing dependence of standard error of unit weight on number of 
constants in wear relationships of polynomial form in turning, milling and grinding. The 
points marked A correspond to the general wear relationship: 
k + ax + bx? + cy + dy? + ez? —2z+ fxy + gyz + hxz =0, 
those marked B to: 
k + ax + bx? + cy + dy? + ez? —z=0, 
and those marked E to: 
k+ax+cy —2z+ fxy + gyz + hxz=0. 


where x = In qg (In m, or In g), y= In V, and z = In T accurately describes the life of a 
lathe tool, a milling cutter or a grinding wheel, when the following conditions are met in 
machinability tests: 

1. The number of tests should be at least about 25, 

2. The ratio between the largest and the smallest chip equivalent should be about 10. 

3. The tests should be run using at least three chip equivalents while varying the cutting 
speed so that curves such as PR in Fig. 8 are obtained. 


10. PRACTICAL PROCEDURE TO ESTABLISH A WEAR RELATIONSHIP 
FOR TURNING, MILLING OR GRINDING 
In view of the results obtained by the automatic digital computer analysis described in 
the previous section the following standard procedure is recommended when undertaking 
tool wear tests: 

1. Choose three chip equivalents where the ratio of the largest to the smallest chip 
equivalent is 10. In particular, for turning tests, choose g = 1-5, 5 and 15 mm7~!. 
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TABLE 5. VALUES OF THE CONSTANTS IN THE WEAR RELATIONSHIP AND THE STANDARD ERRORS Sj 
AND Sg FOR PLAIN MILLING CARBON STEEL VARYING THE FEED PER TOOTH WHEN USING THREE DIFFERENT 
DEPTHS OF CUT 
Vp = 0-05 mm, Test 210 : = 23, ¢ = 4; Test 211 = 17,t = 3; Test 212 :n = 20, ¢ = 2. 


210 0-00139 | 210 0-0291 + 0-0049 
211 So 0-00109 211 d 0-0220 + 0-0035 
212 0-00146 212 0-0206 + 0-0037 


210 2:279 + 0-053 210 0-1045 + 0-0025 
211 k 2-384 + 0-080 211 e 0: 1006 + 0-0033 


| 
212 2-456 + 0-092 212 0-0967 + 0-0029 
| 


210 0-291 + 0-021 210 — 0:0345 + 0-0039 
211 a 0-241 + 0-039 | 211 f — 0-0252 + 0:0048 
212 0-235 + 0-036 | 212 — 0:0224 + 0-0048 
210 0:00632 + 0-00171 210 0-1217 + 0-0052 
211 b 0-00428 + 0:00278 211 g 0-1075 + 0-0070 
212 0-00311 + 0-00303 212 0-1103 + 0:0052 
VOL. 
210 — 0-536 + 0-036 210 — 0:0571 + 0-0048 
211 c — 0-488 + 0-035 211 h — 0:0462 + 0-0072 
212 — 0-509 + 0-027 212 — 0:0436 + 0-0066 


2. For each chip equivalent choose 9 or 10 cutting speeds so that all of a region such 
as PR in Fig. 8 is covered. It is here important to run the tests so that one or two 
values are established on the portion AP to get the position of point P, and also values 

the region R, usually corresponding to tool-lives between 2 and 10 min. A wear 
iand of Vg = 0-8 mm is considered an appropriate carbide tool-life criterion in 
turning and milling. However, attention has to be paid to crater wear, which for 
certain metals may cause the tool to break down before Vg = 0°8 mm is reached, 
i.e. at small g- and large V-values. In grinding there does not appear to be any 
standard value as to the size of the volume grinding wheel to be removed before 
dulling of the wheel. 

This recommended procedure is shown applied to carbide tool turning of medium 
hard carbon steel in Fig. 13. Unfortunately the sets of data shown in Fig. 13 are 
collected tool-life data over a long period of time when variations of the machining 
characteristics of the work and the tool materials are expected. Besides some of the 
points are extrapolated data. Hence the tool-lives obtained should not be used to 
check equation (31). 

3. The constants in the wear relationship ¢(x, y, z) = 0 are determined on the basis of 

the test procedure described in points | and 2 using an automatic digital computer. 

By tabulating ¢ for a desired number of chip equivalents using the computer a table 

or nomogram of the machinability of the particular tool—-metal combination is 

obtained. 

It should be remembered, however, that the total cost of running 27-30 lathe tool-life 
tests amounts to roughly half the yearly salary of an industrial worker. It is therefore 
more economical to run only a few conventional wear land tests at g = 5 mm~ in turning, 
and then repeat the tests using radioactive f-tests [13], which measure the wear on either 
clearance or rake face of a tool by registering the radioactivity in the chips. In this manner 
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the radioactive method is calibrated against the conventional method for g = 5 mm-!. 
Thereafter, repeat the above procedures | and 2 only using the radioactive §-method. 
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Fic. 13. Tool wear tests run according to recommended procedure in carbide tool turning of 
medium hard carbon steel. 


11. GRAPHICAL METHOD TO DETERMINE ECONOMIC 
CUTTING CONDITIONS 


In Section 6 it was demonstrated that the expression for the machinability of a metal, 
defined as the productivity p, is given by equation (21): 


= De X cm?/min/mm 21 
(21) 


th) 


Using the expression for In p it was shown in Section 7 that a maximum of productivity 
may occur along PR in Fig. 8 when: 
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Another still simpler criterion of economic cutting conditions than equation (24) is ob- 
tained from equation (21) in terms of x and y when z is kept constant: 


by 


Although either equation (24) or equation (35) may be used to determine the optimum 
combination of y and z along any x = const. using equation (24) or x and y along any 
z= const. graphically on the basis of plots such as Fig. 8 or Fig. 13 it still remains to 
decide which one of these combinations yields a maximum of productivity. This is done 
by computing p from equation (21). The latter equation therefore seems better to use directly. 
Doing this it is suggested to plot p as function of z with x as a parameter on the basis of 
the tool wear test procedure described in Section 10. This is done for carbide tool turning 
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Fic. 14. Example of recommended graphical procedure to determine optimum cutting 
conditions. Productivity is plotted against tool-life for different chip equivalents using data 
of Fig. 13. 


of steel using data from the tests shown in Fig. 13 and illustrated in Fig. 14 with the follow- 
ing values of the chip equivalent as parameter, g = 1-5, 2, 3, 5 and 20 mm~!. The cor- 
responding values of the respective economic tool-lives are seen to be approximately 10, 
28, 45, 62 and 130 min when the tool cost equivalent time ty = 15 min, a common value 
in practice. The maximum productivity is found to occur for a value of g of about 3 mm=! 
(a more accurate analysis gives g = 2°8 mm!) and for p = 51 cm%/min/mm. Both gq = 2 
and qg = 5 yield lower p-values. A similar graph on milling is shown in Fig. 15, on the 
basis of the plain milling data from the tests of Table 5 for ty = 75 min. The productivity 
is here found to increase with decreased values of the milling equivalent m. Hence any 
economic value of the productivity is not found within the limits of the data investigated. 
In this case a further decrease of m would probably give still higher productivity and hence 
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lower machining cost. The economic tool-life of 7, = 35 min seems to be approximately 
independent of m and V. 

Although this graphical method is rather crude it yields accurate enough results for 
practical needs, especially if use is made of the method described in point 3 in the previous 
section employing tabulated values of g, V and T. 
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Fic. 15. Milling productivity dependence on cutter life 
in plain milling of 0-40 per cent carbon steel. 
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MACHINE TOOL RESEARCH AT 
THE TECHNOLOGICAL UNIVERSITY OF MUNICH 


FELIX EISELE* 


PROFESSOR ToBIAS has asked me to report on the vibration research on machine tools which 
we have carried out during the last ten years at my Institute in Munich. 

As an introduction to this report, | should mention that I have held the Chair for Machine 
Tools and Scientific Management at the Technological University of Munich since 1949, 
and previous to that I was employed for about twenty years in different machine tool fac- 
tories of Germany, Switzerland and Britain as a research engineer, designer, manager and 
technical director. 

The experience acquired in this long practice has enabled me, | hope, to become familiar 
with the crucial problems in machine tool construction, and I know that there are many 
difficult vibration problems still to be solved. It is true that many firms have been actively 
working for decades on the solution of some of these problems, without, however—except 
in a few cases—any clear knowledge of remedies being found. This relatively late clarification 
of dynamic processes in the design of machine tools, as opposed to the design of power 
machinery or automobiles, has two main causes: firstly, up to the most recent times, only 
relatively few academically trained engineers with the necessary scientific knowledge have 
been working on the design of machine tools. Secondly, the vibration problems are also 
more complicated by virtue of the fact that machine tools are continuous systems which 
cannot be simplified to so-called “‘discrete” systems, as many problems of power machinery 
can, and thus cannot be treated by relatively simple mathematics. At any rate, ten years 
ago most machine tool designers were still very uncertain concerning the significance of 
dynamic concepts; engineers thought and acted essentially in static terms. Dynamic thinking 
was confined to the phenomenon of chatter, which was explained as a case of resonance, 
and a solution was sought on that basis. Moreover, it was generally known that for the 
avoidance of vibration high damping is often necessary, but why this should be the case 
was not clearly understood. Many designers were obsessed by the erroneous idea that 
vibrating parts of a structure must contain a great amount of mass so as to have high 
damping, and therefore these constructional parts were made with excessively thick walls, 
etc., the result being very often the opposite. Correct dynamic thinking with respect to 
mode-forms, weak points, self-induced vibration and auxiliary mass damping, etc., was 
still to a large extent absent. The few high quality investigations on the vibration of machine 
tools which were then available remained unused by practical engineers. 

Starting from this situation, I began, shortly after my appointment in Munich in 1950, 
to add to the research on cutting tools taken over from my predecessors, vibration research 
in machine tools as a further study and set up a special working group for their investigation. 
It soon became clear that the building up of a large long-term research programme in a 
German university institute is not a purely scientific job but presents also financial and 
organizational tasks. The Director of the Institute must, besides the scientific shaping of the 
programme, try to get the necessary sponsors and take all the risks involved. We have in the 
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German Research Council DFG (Deutsche Forschungsgemeinschaft) an organisation 
similar to the D.S.I.R., and can approach them for financial support in aid of a clearly 
defined project in research. A large part of our vibration research was in fact carried out 
with the aid of this body. 

In view of the previously stated situation in the field of machine tool design, my aim was 
to carry out our vibration research in as close as possible a collaboration with the machine 
tool industry, with applied research in mind. It was not just the increase in new dynamic 
knowledge but also the rapid practical application of this information and its influence on 
design developments that we hoped to achieve. Therefore, contact was made with a number 
of machine tool firms as well as with the V.D.W. (the Association of German Machine Tool 
Makers), and programmes of research were submitted to them which had to be relevant 
and interesting from their point of view. We initiated thus a great number of individual 
projects which were investigated not only with the necessary thoroughness and care customary 
in the scientific field but also according to strictly commercial principles as far as the terms, 
costs and applications were concerned. Even so, some of the individual orders had to be 
written off as a complete loss from the commercial point of view, due to the difficulties 
which were very often hard to assess in advance. 

For carrying out practical investigations in industrial plants, a “Flying Test Squad” was 
formed which consisted of several investigators and a van full of equipment. The performance 
of the investigations on the premises of the firms has some disadvantages but also some 
advantages. The main advantage lies in bringing investigation and its results to the immediate 
knowledge of the experimental engineers and designers responsible within the firms. It thus 
has an educative effect and it shows that one can gain important knowledge in a short time 
with a tolerable amount of expenditure. Moreover, in this way many non-academically 
trained engineers were encouraged to acquaint themselves with modern dynamic investiga- 
tion methods and to become familiar with the practical utilization of their results. 

Throughout the investigations, in addition to the usual commercial standard measuring 
instruments “home made” equipment was used which was adapted to the special require- 
ments and thus enabled us to make improvements and accelerate the knowledge of measure- 
ment technology. A further principle of our way of working was that work sponsored 
privately was accepted and carried out in confidence, results not being published without 
the sponsors’ permission. The general knowledge gained in so many individual investigations 
suggested topics for further investigations and for progress in general, without in any way 
violating the confidential character of the individual investigation. 

In this way our vibration research, after a few years, acquired a good reputation in the 
industries concerned, and we were called in for the solution of the more difficult dynamic 
problems by an increasing number of firms even outside machine tool industry; by automo- 
bile firms, railway construction companies, motor manufacturers, and others. 

It is especially due to this close contact with industry that we could carry out successfully 
a relatively versatile programme of research in these last ten years. I would like to make 
this statement with appropriate modesty, especially here on English soil where the principle 
of the understatement plays such an important part, and I should like to attribute the merit 
of what we may have achieved to my research fellows. It ought to be mentioned also that 
our Vibration Research Group was always relatively small, consisting, as a rule, of no more 
than four to six scientific workers and six to ten assistants. It was owing to the enthusiastic 
devotion of the whole group that a relatively large working programme could be coped with. 
The most important research workers of our Vibration Research Group, in sequence of 
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seniority, are Sadowy, Loewenfeld, Lysen, Lébell, Schulz, Schwaighofer, Korner and Hailer. 
An acknowledgment should also be made to the great enthusiasm and collaboration of 
numerous students in their final years of study. The fact that our research programme is 
carried out in a University Institute offers favourable possibilities of employing enthusiastic 
and talented undergraduates (studying for their final diploma essays) and to call them into 
practical collaboration in the various programmes, thus recruiting from this circle our own 
new blood. The results of our research work made it possible, after only a few years, to 
organize our own scientific conference. These conferences became known as FoKoMa, 
the first taking place in 1953 with about 100 participants and the fourth in the year 1959 
with some 700 members from about twelve nations. The papers presented at these meetings 
were published in book form. At the last three conferences it was a pleasure to have the 
participation of Professor Tobias with his own contributions. 

After this short introductory survey about the starting point and the aims and methods 
of our vibration research, I shall now briefly report the scope, content and the most impor- 
tant results. In order to avoid repetition, the report is not conceived chronologically but 
according to fields of application. The most important subjects in which work was carried 
out are as follows: 


(A) Stiffness investigations and their practical application 

(B) Mechanisms of excitation 

(C) The avoidance of vibration 

(D) Disturbance source research 

(E) Investigation of structural groups and elements 

(F) Foundation investigations 

(G) Damping and stability investigations 

(H) Research on cutting forces 

(J) Methods of measurement and measuring instruments 

(K) Electrical analogies 

In view of the great number of fields and the short time available, we can only discuss a 
few typical examples chosen from each field. 


(A) STIFFNESS INVESTIGATIONS AND THEIR 
PRACTICAL APPLICATION 


In the framework of the total investigation of the Institute, the stiffness investigations 
took up the greatest space of time. About fifty different machine tools were investigated 
with regard to their stiffness, especially lathes, boring machines, milling machines, grinders, 
planers and specialized machinery. Altogether some useful statistical material could be 
deduced on the dynamic properties of the different types of machinery. 


Stiffness or Resonance Spectra 

In accordance with the methods customary in vibration research, we first established the 
stiffness or resonance spectra (Fig. |) of the machine under investigation. But these stiffness 
spectra were not sufficient in every case. For a constructive evaluation of similar machines, 
the determination of the effect of constructive changes on the same machine as regards their 
dynamic effectiveness and for an exact determination of damping, the phase relationships 
must also be known. For this reason we concentrated on setting up the stiffness conditions 
as a time vector field (Fig. 2). 
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Fic. 1. Stiffness spectrum. 


Fic. 2. Locus of mobility at point of excitation. 
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Since, as it is known, the stiffness spectrum gives only a picture of the effect of a varying 
exciting frequency on the motion of a machine but shows nothing about the deformation of 
the machine at the individual frequencies, we had to take into consideration, in accordance 
with the well-known methods of vibration research, a special three-dimensional vector field 
of the motion at individual points of the machine (Fig. 3) in which the connection of the 
end points of the vectors represent the deformation lines of the edges. 


Fic. 3. Vector representation of motion. 


Modes of Vibration 

As a further development, we plotted from the measured results the vibration form of 
the total machine, showing them in those planes of projection which are of greatest interest 
(Figs. 4 and 5). The modes of vibration are shown on a greatly magnified geometrical scale 


Fic. 4. Mode of vibration. 


and represent, after corresponding re-calculation, amplitudes, velocity and acceleration 
As a magnification factor we usually increase deformations by ten times. This plotting of 
mode-forms of vibration has the advantage that measuring errors are at once recognized as 
practically impossible distortions. Normally, during the first test a dynamic deformation 
form plotted diagrammatically suffers from a series of measuring errors asa result of choosing 
unfavourable measuring points (on the paint, on thin walls, on loose parts, etc.), so that 
the measured results found in industrial investigations in a firm cannot at once be recorded 
as modes of vibration. The inconsistencies are then established on the basis of experience 
and physical knowledge and corrected in the second test. 
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Weak points are made _ visible 


The modes of vibration of a structure reveal the dynamically weak points (Figs. 6 and 7), 
these being the points at which the greatest distortions arise. Normally these are not, as one 
might think, the positions with the greatest displacement, although many practitioners are 
inclined to take this view. Moreover, modes of vibration are useful also for showing designers 
the dynamic behaviour of their constructions, and thus bring home to them the fact that 
constructive errors have inexorable dynamic effects, which incidentally can also be found 


Fic. 7. Deformation of a column. 


from these effects. Vibration modes and presentations of weak points are practical means 
with which theoretically difficult concepts are classified for those who are not too familiar 
with scientific methods. 


Dynamic Design Principles 


These investigations and their graphical presentation give, on the whole, an analysis of 
the dynamic behaviour of the machines under test. However, it was in the nature of our 
consultative activities not to stop at the analysis but in many cases to proceed towards a 
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synthesis or to give constructive advice to the firms, so that they could improve the machine 
tool structure, individual parts or complete machines, from the dynamic point of view. 
Such advisory activity is, for instance, demonstrated in Fig. 8, in which the left-hand half 
shows an established design, Fig. 7 giving its dynamic deformation. The half on the right 
demonstrates a dynamically improved design yet still keeps the general concept and the 
most important dimensions intact. A further example of a dynamic design improvement is 
shown in Fig. 9, with the ribbing of a girder. This picture is taken from a comprehensive 


Fic. 8. Old and new design. 


investigation concerning the interrelation of shape and stiffness of girders, about which I 
intend to report later in more detail. 


Research into Type Behaviour by Batch Investigations 


One of the important aims of our vibration research was, from the outset, to work out 
a basis for “dynamic acceptance tests for machine tools” complementary to “static accept- 
ance test’ due to Schlesinger. In order, however, to achieve this aim we had to clarify 
whether machines of the same type show altogether a certain similar type of dynamic behaviour 
or whether, perhaps, small differences in the production or in the material, etc., exclude this. 
For the clarification of this question we had, as a first step, to initiate a study of batch 
behaviour. These were initially carried out on six lathes out of the same batch. A typical 
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example of these serial investigations is shown in Fig. 10, which gives the deflection of six 
lathes between tool and workpiece, in a horizontal direction, as a function of the position 
of the support. This, and other similar results for other batches of six lathes, as well as 
investigations on other machine tools, show that one can speak of a similar type of behaviour, 
and thus we are given the basis for carrying out further preliminary work for dynamic accep- 
tance tests. It has been established that dynamic behaviour is a valid concept and that 
discrepancies established in individual cases can be traced essentially to differences in 
damping. A few exceptions to this conclusion are explained by structural differences of 
individual parts. 


(B) MECHANISMS OF EXCITATION 


The mechanisms of excitation, which are also considered in Section (C), and counter- 
measures for its avoidance, are very strongly directed toward the clarification and the solution 
of practical problems. In the present section the mechanism of excitation will be discussed 
briefly, under the sub-heading of forced excitation. 


Forced Excitation 

The effect of forced excitation in a machine tool is shown schematically in Fig. 11. The 
spectrum of the exciting force is given in Fig. | l(a). This acts on the structure which has a 
stiffness spectrum shown in Fig. | 1(b), producing a relative tool-workpiece motion according 
to Fig. 1l(c). As an example, Fig. 12 shows the frequency spectrum of a boring machine in 
which the exciting frequencies originated in a set of bevel gears. The speed of revolution of 
the bevel gears was, in one case, 500 rev’ min and in another case 800 rev min. The wheels 
have a basic exciting frequency that is dependent on the number of teeth and the speed of 
revolution: a first and second harmonic also exists. Considerable vibrations were noticed on 
the boring machine at a frequency of 400 c’s; these vibrations occurred both at 500 and 800 
rev min, and, therefore, a superficial investigation does not refer to discrete speed of the 
drive. A more careful investigation showed, however, that the second harmonic of 500 
rev min and the first harmonic at 800 rev min coincide with the frequency 400 c’s, so that it 
was deduced that the disturbance was in fact caused by the bevel gears and had to be 
considered on that basis. 


(C) THE AVOIDANCE OF VIBRATIONS 


An interesting case of forced vibration and the appropriate countermeasures taken is 
shown in Figs. 13 and 14. In this case the fixing of an electric motor led to a relative wheel- 
workpiece disturbance in a grinding machine, caused by an exciting force generated by the 
motor. This disturbance was removed by selective isolation of the motor, this being made 
possible by isolators which allowed a free movement of the motor in the vertical direction 
but maintaining high stiffness in opposition to the belt in a horizontal direction. 

Cases of self-induced excitation are presented in the following figures:—Fig. 15 shows 
the avoidance of slip-stick trouble on a heavy lathe, this being achieved by raising the stiffness 
of the feed drive by increasing the ratio of the last step, a worm gear, from a three-start to 
a single-start worm. Figure 16 shows schematically the dynamic disturbances occurring in 
a gear milling machine owing to a torsional vibration of the base, which, as is indicated in 
Fig. 17, could be removed by fixing an auxiliary mass damper on the frame. Figure 17 also 
show. the suppression of a second source of dynamic disturbances, namely a torsional 
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vibration of the table, by fixing a ring-shaped damper underneath the table. The auxiliary 
mass damper, which is extensively used in other fields of technology, is now increasingly 
applied in the machine tool industry. Two examples of the damping elements developed at 
our Institute for such an auxiliary mass damper are shown in Figs. 18 and 19, both of which 
are intended for the same purpose. Figure 20 shows a torsional vibration damper for a 
horizontal shaft. 


Exciting force 


Relative dynamic stiffness between tool and workpiece 


! 
! 
A. l 


Relative motion tool -workpiece 


Fic. 11. Frequency variation of exciting force. 


(D) DISTURBANCE SOURCE RESEARCH 


A considerable amount of our work was concerned with the investigation of the various 
sources in machine tools from which vibration originates. 

These investigations were mainly concerned with three groups of sources of disturbance 
which, on the basis of previous work, appeared to have greatest importance. These were roller 
bearings, belt drives and electric motors. 
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example of these serial investigations is shown in Fig. 10, which gives the deflection of six 
lathes between tool and workpiece, in a horizontal direction, as a function of the position 
of the support. This, and other similar results for other batches of six lathes, as well as 
investigations on other machine tools, show that one can speak of a similar type of behaviour, 
and thus we are given the basis for carrying out further preliminary work for dynamic accep- 
tance tests. It has been established that dynamic behaviour is a valid concept and that 
discrepancies established in individual cases can be traced essentially to differences in 
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the bevel gears was, in one case, 500 rev’ min and in another case 800 rev min. The wheels 
have a basic exciting frequency that is dependent on the number of teeth and the speed of 
revolution; a first and second harmonic also exists. Considerable vibrations were noticed on 
the boring machine at a frequency of 400 c’s; these vibrations occurred both at 500 and 800 
rev min, and, therefore, a superficial investigation does not refer to discrete speed of the 
drive. A more careful investigation showed, however, that the second harmonic of 500 
rev min and the first harmonic at 800 rev min coincide with the frequency 400 c's, so that it 
was deduced that the disturbance was in fact caused by the bevel gears and had to be 
considered on that basis. 


(C) THE AVOIDANCE OF VIBRATIONS 


An interesting case of forced vibration and the appropriate countermeasures taken is 
shown in Figs. 13 and 14. In this case the fixing of an electric motor led to a relative wheel- 
workpiece disturbance in a grinding machine, caused by an exciting force generated by the 
motor. This disturbance was removed by selective isolation of the motor, this being made 
possible by isolators which allowed a free movement of the motor in the vertical direction 
but maintaining high stiffness in opposition to the belt in a horizontal direction. 

Cases of self-induced excitation are presented in the following figures:—Fig. 15 shows 
the avoidance of slip-stick trouble on a heavy lathe, this being achieved by raising the stiffness 
of the feed drive by increasing the ratio of the last step, a worm gear, from a three-start to 
a single-start worm. Figure 16 shows schematically the dynamic disturbances occurring in 
a gear milling machine owing to a torsional vibration of the base, which, as is indicated in 
Fig. 17, could be removed by fixing an auxiliary mass damper on the frame. Figure 17 also 
shows the suppression of a second source of dynamic disturbances, namely a torsional 
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vibration of the table, by fixing a ring-shaped damper underneath the table. The auxiliary 
mass damper, which is extensively used in other fields of technology, is now increasingly 
applied in the machine tool industry. Two examples of the damping elements developed at 
our Institute for such an auxiliary mass damper are shown in Figs. 18 and 19, both of which 
are intended for the same purpose. Figure 20 shows a torsional vibration damper for a 


horizontal shaft. 
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sources in machine tools from which vibration originates. 
These investigations were mainly concerned with three groups of sources of disturbance 
which, on the basis of previous work, appeared to have greatest importance. These were roller 
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Fic. 12. Exciting frequencies due to bevel gears. 


Investigations into the sources of the disturbances have now been going on for over six 
years, and during the course of this time a series of constantly improved testing rigs were 
constructed. 

One of the first topics investigated was the effect of disturbing forces due to drives. A 
specially built research rig (Fig. 21) was constructed with which V-belts and flat belts were 


tested, although the behaviour of other belts was also looked into. These examinations of 
belt drives were relatively simple and of limited duration and led to quite clear and general 
information. Figure 22 shows a comparison of disturbing forces which emanated from three 


Fic. 13. Dynamic deformation due to an electric motor. 
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Fic. 14. Direction-selective isolation of electric motor. 
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Fic. 15. Drive-stiffening. 
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Fic. 16. Chatter of gear-hobbing machine, Fic. 17. Placing of dampers on 
torsion mode of structure. gear hobbing machine. 


different V-belt profiles and different types of flat belts. In both groups the belt tension was 
equal to its maximum permitted value. In the figure the disturbing forces from the individual 
belts are drawn as columns; the darker part shows the individual force measured at double 
revolution frequency and the total column represents the sum of all individual forces in the 
worst possible case. This comparison of V-belts and flat belts concerning the disturbing 
forces shows a result which favours the flat belts. 
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Fic. 18. Design of damper with standard elements for support 
and suspended auxiliary mass. 
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Fic. 21. Belt testing bed. 
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FiG. 20. Torsional damper for horizontal shaft. 
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Fic. 22. Comparison of various belt types, simplified representation. 
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Investigations into the sources of excitation from electric-motors were found to be far 
more time-consuming and complicated than had been suspected. They have now been going 
on for seven years and are still in full swing. These long, weary investigations, which are 
carried out partly as a project for V.D.W., partly sponsored by different electric-motor 
producers and partly treated as a research programme of our own, have led to important 
practical results and have already had a decisive effect upon the design pattern and production 
of motors. The first results of this work will save machine tool manufacturers the many 
unwelcome disturbances which only turn up in the last minute before the delivery of the 
machine to the customer. 
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Fic. 23. Examples for disturbances and their sources. 


By working out dynamic characteristics for the motors, a purposeful selection and fixing 
of motors to the individual machines should be made possible. This aim, however, cannot 
be achieved in the simple form which the machine tool industry had originally hoped for 
and which had been tried first; namely, that a dynamically ideal motor should be produced 
and supplied, and that this ideal motor could be attached to a machine tool without the 
fear of any dynamic disturbances. 

On the basis of newly-gained theoretical knowledge this will, however, only be possible 
in the following form :—the ideal dynamically developed motor with exactly defined dynami- 
cal properties can only be used on such machine tools whose dynamic properties are also 
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known. It is essential, for instance, that the unavoidably present disturbing frequency of 
100 c/s should not coincide with a natural frequency of the machine. 

As an example of motor investigations, Figs. 23 and 24 demonstrate the behaviour of 
two motors, on a lathe and on a grinding machine respectively. The two top diagrams show 
the disturbances occurring at 100, 200 and 300 c/s by motor No. 4 and at 300 c’s by motors 
No. 18 on the lathe, as well as other frequencies on the grinding machine. The next two 
diagrams show the disturbing forces measured in the examination of the two motors 4 and 
18 discretely at the different frequencies, and the two lower diagrams represent the corre- 
sponding motions. Comparison of the two figures shows that, for instance, motor 4 is good 
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Fic. 24. Examples for disturbances and their sources. 


on the lathe but very poor on the grinding machine, whereas motor 18 shows poor behaviour 
on the lathe but a relatively good one on the grinding machine. This could not be forecast 
from the results of the individual investigations of the motors themselves without any further 
tests. Only a consideration of the pairing made a definite statement possible, and for this the 
dynamic properties of the motors and of the machine as well had to be known. This result 
shows how necessary it is for all machine tool manufacturers to arrive at a clear understand- 
ing of the dynamic properties of their machines. 

In concluding the investigation into sources of disturbance, Fig. 25 will be considered. 
This is taken from a sponsored investigation on the disturbing noise in a motor vehicle. In 
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this case the disturbance arose from the motor, not immediately as a noise but in the form 
of vibrations of the total body. The result was a standing wave in the passenger room of the 
vehicle which led to the noise itself. Another investigation of an automobile showed that a dis- 
turbance starting from the differential gear box was not immediately effective as a noise inside 
the automobile but only via the back axle, the spring suspension and the floor of the vehicle. 
In both cases quite different approaches had to be adopted for the elimination of these 
disturbances. 


Fic. 25. Mode of vibration of motorcar. 


(E) INVESTIGATION OF STRUCTURAL GROUPS 
AND ELEMENTS 


The stiffness investigations of the total machines already mentioned in (A) made it 


desirable to carry out complementary investigations into structural groups and elements. 
Statistical investigations into elements and the dependence of the stiffness on their shape 
were already carried out in the twenties, among others by Professor Thum at Darmstadt, 
who introduced the concept of “form stiffness”. 
Dynamic stiffness investigations, however, had shown that a purely static way of looking 
at stiffness of structural groups and elements of structures is not sufficient. Therefore the 
term ‘“‘dynamic form stiffness’’ was introduced. Our work in this field extended over several 


years. 

Our investigations into the relation of stiffness and form covered the most important 
basic forms of machine elements, namely beams, plates and box shapes. The investigations 
were also extended to more complicated forms like consoles, foundations and structural 
bodies with holes, etc. Hundreds of constructional design schemes were worked out, one 
series of which is shown in Fig. 26. This figure gives an indication of the influence of various 
types of internal ribbings on the torsional stiffness and lowest torsional natural frequency 
f (c/s) of box-like elements. 

The box with one open side (the first in the figure) showed that, for instance, an improve- 
ment of form stiffness up to 200 times could be achieved by correct ribbing. The final results 
of these investigations also made it possible for a “stiffness catalogue” to be drawn up for 
designers. 

To the investigations of form stiffness of simple structural elements the stiffness investi- 
gations on gears must be added, which have now been in progress for some years. Figure 
27 shows how, by correct arrangement of the wheel pairs in a gear-box, an essential lowering 
of torsional displacement from b4 to bg can be achieved. A further result of this particular 
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Fic. 26. Torsional stiffness of boxes. 
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Fic. 27. Torsion of gear drives. 
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exerimental investigation is presented in Fig. 28. Finding the flexibility of a rotating gear 
system is experimentally extremely difficult, and it is not possible to do it accurately even 
now. This difficulty can be overcome by first measuring the static torsional stiffness of a 
non-rotating gear system. The values obtained in this way are compared with the values which 
can be obtained by calculation. From this comparison certain corrections can be derived 
for those gear elements which are open to measurement but not to calculation so that by 
superposition the static torsion stiffness acting at rotation can be established. The preliminary 
experimental work for the supplementation of these calculative experimental static investi- 
gations by dynamic ones are in progress. 


INVESTIGATIONS 


(F) FOUNDATION 


In the research into stiffness of machines, the effect of the foundations was to a large 
extent eliminated by placing the machines upon soft rubber pads. In practical installations, 
however, the machines are placed on a flexible base of some special relatively stiff foundation. 
Although quite common in practice, none of these bases is statically and dynamically clearly 
defined or reproducible. From the point of view of the practical engineer it was therefore 
important and desirable to gain as much exact information as possible on the effect of the 
foundation upon the frequency and the damping of a machine. Figure 29 shows the effect 
of the method of supporting a lathe upon the natural frequency of its first torsional mode, the 
first vertical and the first horizontal bending mode. In each case four different base materials 
were used: rubber, lifting bolts, concrete and bitumen. It was shown that concrete was most 
favourable as a base material, provided it is properly joined to the machine base. However, 
in a number of instances the joining of the bottom side of the machine with the concrete 
was correct and controllable only in the initial stage, and already very slight changes in the 
base or foundation led to a loosening of the concrete from the lower side of the machine. 
From then on there is a completely undefinable position. On the other hand, bitumen is 
almost as good as concrete, and in additon to this it behaves better in the long run owing to 
its elasticity and plasticity. It was further shown by a comparison of the damping values in 
Fig. 30 that in all three modes of vibration the most favourable method of support was a 
bitumen foundation, the increase of damping being one of the most important means for 
the dynamic improvement of machine tools. 

On the basis of this investigation, an increasing number of firms have decided to use 
bitumen instead of concrete as material for foundations, since bitumen not only has the 
advantage of high damping but also of cheapness, of easy fixing, etc. Nevertheless, there are 
still a number of problems which have to be settled in this field. 

In this connection it must be mentioned that a series of building investigations have been 
made which also served for the clarification of the question whether precision machine tools 
could be installed in the upper storeys. It was found that machines with high enough stiffness 
could be sufficiently isolated, although the floors of such buildings themselves suffer con- 
siderable deformations. This can produce a dynamic deformation of the machine itself, as 
shown in Fig. 31. However, it was also confirmed that long machines with insufficient height 
of structure, such as long lathes and a few drilling machines, generally require large, expen- 
sive and rather space-consuming foundations. These foundations have also the disadvantage 
that the machines, due to the high price of these foundations, are usually fixed once and for 
all in the location where they have been firstly placed; thus they cannot be moved and so 
adapted to the frequently changing conditions of manufacture. 
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Result of calculation and experiment 


Calculated 


Fic. 28. Torsion diagram determined by calculation and experiment. 


A=Rubber; B=Lifting baits; C=Cement; D=Bitumen 
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Fic. 29. Comparison of various frequencies. 
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A=Rubber; B=lifting bolts; C=Cement; D=Bitumem 


0:42 


0-091 0-096 


A 


| Torsion |. Vertical bending |. Horizontal bending 


Fic. 30. Comparison of damping-values. 


Fic. 31. Dynamic distrubance transmitted through foundation. 
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Fic. 32. An experimental structure of a self-regulating-base 
with a neutral reference system. 


Fic. 36. Rig for vibration testing of electric motors. 


[facing p. 270] 


4 
- 
| 


VOL. 
3 
a 


Machine Tool Research at the Technological University of Munich 271 


On the basis of this knowledge, a special research project was taken up with the aim of 
creating a device which would ensure a constantly acting self-adjusting foundation which 
would also have a stiffening effect on the machine. It was desirable also that this base should 
have a damping effect. These aims were achieved by placing the machine upon self-regulating 
elements which continuously adjusted machine alignment by automatically comparing it 
with a neutral reference system. An experimental structure of such a self-regulating base 
with a neutral reference system, the self-regulating elements and the hydraulic drive gear 
aggregate is shown in Fig. 32. 


(G) DAMPING AND STABILITY INVESTIGATIONS 


Parallel with similar investigations in many other institutes and firms, we have carried 
out special damping and stability studies. As we all know, the range of stability can be 
increased by raising the damping. The ideal solution would be to make the damping as high 
as possible for all possible working conditions as well as for all modes of vibration of the 
machine. However, this aim is limited by a number of other factors ; especially by the working 
accuracy which demands a certain static stiffness, putting thus indirectly an upper limit to the 
achievable damping. On the basis of our investigations, we have established that the damping 
coefficients of most machines have a value of 2—7 per cent, which means that at resonance 
there is only between 2-7 per cent of the static stiffness still acting. In borderline cases we 
could, however, establish damping coefficient up to 15 per cent which were mainly dependent 
on the type of base used. In the most unfavourable cases, when only a few elements are 
measurably deformed, the damping falls off to values below | per cent, e.g. typical examples 
being bending vibrations of boring spindles. We have found also that the guides on machine 
tools have a decisive effect upon damping and that slides, with well-designed long guides, 
often bring about high damping. In this direction there is an unlimited field of research. 
Yet there is also, as already mentioned in (C), the possibility of a considerable improvement 
in damping for individual frequencies by damping devices. According to the mode of 
vibration and the method of fixing, these additional elements can be designed as auxiliary- 
mass dampers or relative dampers. In a number of cases where these auxiliary-mass dampers 
were used, the damping could be increased by a factor of ten, the additional elements being 
calculated on the basis of measured stiffness values of the machine so as to gain optimum 
conditions. 

The damping media used in these devices was oils, silicones or soft plastics. Using these 
substances led to an investigation of materials with high internal damping in respect of their 
dynamic properties. Figure 33 shows some result of this research project, which has been 
going on for the last four years. In the figure, magnitude of material damping is plotted 
against the frequency for a series of plastics. These materials have a high internal damping 
capacity only in a certain range, the so-called “‘dispersion range”. The dispersion range is 
essentially dependent on the temperature, and, to a small extent, the frequency. One must 
therefore choose such substances whose dispersion range is optimally adjusted to the particu- 
lar application. 

Parallel to this practical stability study we have also carried out some theoretical 
stability studies, which go back to 1935 and have essentially been concerned with the 
treatment of the different chatter mechanisms. Our aim is to make the results available to the 
designers in a manner useful to them. Some of them have been published in our journal 
Werkzeugmaschinen-Praxis. 
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Fic. 33. Mechanical loss-factors of plastics. 


(H) RESEARCH ON CUTTING FORCES 


To get our work on machining stability on a firm foundation, we were forced to carry 
out investigations into the mechanisms which are involved in self-excitation. These are 
determined, in the first place, by the characteristics of the cutting and friction force variations. 
For the clarification of the former, different cutting force measuring instruments have been 
developed in the last few years, the aim being to increase their natural frequency. The latest 
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Fic. 34. Two-component dynamometer. 
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cutting force dynamometer, Fig. 34, has a natural frequency of about 7000 c's and a static 
stiffness of 40 kg’. 


(J) METHODS OF MEASUREMENT AND 
MEASURING INSTRUMENTS 


As | already mentioned in the introduction, the work on the many different investigations 
soon led to the need for the development of special measuring methods and measuring 
instruments. There are, of course, many commercial vibration measuring instruments 
available, but it is unfortunately a fact that the input and output values of these instruments 
are not always adjusted to one another, not even for the products of the same manufacturing 
firm. The commercial apparatus could not, therefore, be connected in series. In addition 
to that, special apparatus needed in many cases is not readily available and is comparatively 
expensive. It was therefore soon necessary for us to build our own instruments. An example 
of this is presented in Fig. 35. 
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Fic. 35. Method measurement: (a) with compensator; (b) with exciter. 


With the instrument shown, a forced motion can be measured at (a), and stiffness 
measurements are made at (4). The essential part of these measuring instruments is the com- 
pensator, that is, a double measuring bridge which, independent of the electronic amplifier, 
allows the measuring of a mechanical movement by comparison with an electric resistance. 
For further details one must refer to our relevant publications. One design of these instru- 
ments is shown in Fig. 36. In addition to measuring methods for stiffness measurement, 
a measuring method for disturbance analyses was also developed. 


(K) ELECTRICAL ANALOGIES OF 
MECHANICAL VIBRATION SYSTEMS 


Parallel to the more recent measuring and computation possibilities which were intro- 
duced by the analogue technique, we have also been active for a few years in investigating 
such dynamic systems which can no longer be approached by traditional mathematical 
means, or only with very great difficulty. For these essentially only orientating investigations, 
analogue computers were used. 


CONCLUSIONS 


It is hardly possible, in the limited space at my disposal, to give a more comprehensive 
and deeper insight into our wide-spread working field and to give all the results gained in 
hese two years of research. It was intended to show in this survey that in the Western 
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World a small number of enthusiastic collaborators can solve difficult and important tasks 
of research with success, in spite of the limited means available. These remarks seem to be 
specially appropriate at a time when, with reference to the East, it is sometimes said that 
research can only be carried on by mass expenditure of personnel, apparatus and money. 
This may be true for some fields but certainly not for all, and by no means in our line of 
research. In any case, | am convinced that in our field of work and probably in some others, 
we can hardly keep up with the East with regard to mass of personnel and, at least for some 
time to come, money. Nevertheless, | see no reason whatsoever to express resignation as 
far as our work is concerned. 
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THE ADVANTAGES OF HYDROSTATIC DRIVES FOR MACHINE 
TOOLS 


D. FirtH and R. H. Y. HANcocK* 
(Received 7 June 1961) 


Summary—Considering the economic advantages which arise from steplessly variable drives to machine 
tools and also the design simplification which results from the use of the hydrostatic variety of stepless 
drive, it is surprising that they have not been exploited by industry. This paper describes the design of a 
steplessly variable hydrostatic drive and its application to a vertical boring machine. The results show that 
such a drive has considerable advantages and is worthy of further exploitation. 


1. INTRODUCTION 


ALL BRANCHES of engineering tend to be dominated by design habits so hallowed by time 
that they are rarely questioned. The machine-tool industry is no exception. Most machine 
tools on the market represent years of gradual change in both design knowledge and applica- 
tion. 

Just as a human being bears physical witness to the fact that he once enjoyed modes of 
existence which are now deeply submerged in the lower layer of his animal subconscious, so 
many machine tools have attributes, the reasons for which are now lost beyond recall. A 
long sequence of small changes can alter the nature of a machine without the fundamentals 
on which the design was first based ever being called into question. It is only in comparatively 
recent times that conditions in industry have made it possible for designers to stand back 
and look at the design of conventional machine tools in a more fundamental way. 

From this detached viewpoint, one of the outstanding aspects is the way machine tool 
designs are dominated by their driving mechanisms. In an average machine tool tic prime 
mover is usually an electric motor, driving, in some cases, through a belt drive to a change- 
speed gear-box. The output shafts from the gear-boxes are led eventually to the point of 
application of power, and this usually means trains of gears, shafts and right-angle drives 
where the output shaft has a change in direction. Traverse mechanisms are usually fed off 
from the main gear-box through subsidiary stepped-speed gear-boxes to the tool shifting 
mechanism. The frame of the machine tool is designed to accommodate this combination 
of gear-boxes, shafts and gear trains. Quite often freedom in the mechanical design of the 
structure and its shape is severely inhibited by this fact. 

The greater the sophistication of the machine tool, the greater are the number of steps 
in the gear-boxes. This often means that the gear-box is out of proportion to the rest of the 
machine tool. Where the gear-box speed change is helped by automatic or semi-automatic 
devices, then the gear-box becomes even more inflated in its dimension. In fact, this is so 
common nowadays that it is not unusual to see a lathe which comprises a very large blowzy 
headstock with a chuck, of quite modest dimensions, peering from it. On horizontal boring 
machines the work head has to carry the large burden of a gear-box, drive pulleys and, in 
some cases, even the main drive electric motor. This also applies to radial drilling machines 
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where the size of the driving motor and gear-box combination seems to get larger as the 
years pass when compared with the size of the drilling spindle. 

Apart from any other considerations, and some of these will be discussed later, machine 
designers require some alternative to gear-boxes and shafts before any revolutionary change 
in the configuration of conventional machine tools can be envisaged. But for a moment, it 
is worth while digressing to consider the surprising survival of stepped-speed gear-boxes for 
both main drives and traverse mechanisms in machine tools in an age of small tool develop- 
ment and an increased clamour for reduced machining costs. 


2. THE NEED FOR STEPLESS-SPEED MAIN DRIVES 


The full economic exploitation of modern small tools places more and more emphasis 
on being able to set exactly the right speed and feed for a given component rather than the 
nearest approximate values. In machine tools where the speeds and feeds are coarsely 
graded in a small number of steps, it is inevitable that a small tool will be used disadvan- 
tageously, either because it is being run too fast or too slow. If it is being run too fast, there 
is a higher rate of tool replacement. 

To enable a machine tool to exploit the full benefits of modern small tool research it is 
essential that stepped gear-boxes be replaced by stepless-speed drives. 

This ability to set the right speed rather than the nearest approximate speed also affects 
the machining times. With a proper system of machine accounting [1] these advantages 
can be shown to justify an extra capital outlay on the price of the machine tool with a 
steplessly variable drive compared with the cost of the equivalent conventional machine 
with a stepped-speed drive. 

Should this steplessly variable drive also be capable of giving constant cutting speed for 
changing diameter, then the advantages of a steplessly variable drive are compounded; 
tool life is improved and machining times reduced. Uniform surface finishes are also possible. 

The same arguments apply to machine-tool feed mechanisms; the correct feed is better 
than an approximate feed. But there is a further advantage to be gained by using a steplessly 
variable feed mechanism. When machining conical surfaces the feed can be progressively 
reduced as the diameter of the workpiece reduces, thus keeping a constant surface finish. 

When these advantages of stepless-speed and feed mechanisms on machine tools are 
compared with conventional stepped-speed and feed mechanisms it is indeed surprising 
why gear-boxes have survived into present-day machine-tool design practice. With stepped 
speed gear-boxes it is impossible to exploit the potentiatilities of modern machine tools. In 
this sense their continued use is a bar to progress. 


3. LIMITATIONS OF ELECTRICAL STEPLESS-SPEED DRIVES 


At this point, it might be said that variable-speed electric drives can, within certain 
limits, give a steplessly variable drive and also a drive whose rotational speed can be adjusted 
to give constant cutting speed for a changing diameter. 

The disadvantages of an electrical drive are manifold. If a standard Ward Leonard system 
or equivalent is used, then gear-boxes and shafts are still required, and this limits the freedom 
of the designer to change the conventional shape of the product. If attempts were made to 
eliminate the gearing and to use electric motors in the final drive to give high torques at low 
speeds, then the sheer size of the electric motors would be too big to be accommodated 
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effectively. If a Ward Leonard gear or equivalent were used as a variable-speed drive con- 
stantly adjusted to give constant cutting speed with changing diameter, then some system of 
electrical control, possibly electronic, would be necessary. 

Although in many connections the development and use of electronics have completely 
revolutionized both life and industry, it is still legitimate to complain that the maintenance 
of electronic systems is not as effective as engineers would like. In any case, the use of 
electronics on a machine tool usually calls for specialized maintenance of a kind which is 
difficult to come by at the present time, particularly in a small works. 

Another disadvantage of electrical drives is their comparatively extended response time 
in relation to the speed change signal. This arises because of the high inertia of electric 
motors. From the machine-tool point of view electrical variable-speed devices tend to be 
limited in speed range, particularly in constant horse-power application which are character- 
istic of the machine-tool industry. 


4. HYDROSTATIC TRANSMISSION AS MAIN DRIVES 


During the last few years hydrostatic transmissions have undergone a rapid phase of 
development. At the present time the cost, efficiency and size of hydrostatic transmissions 
offer the machine-tool designer a solution to some of the points raised in this paper. Hydro- 
static power transmission is quite simply a rotary positive-displacement pump connected by 
pipework to a similar device setting as a motor. By arranging the respective displacement of 
these two units a built-in gear ratio can be achieved and by varying the displacement of each 
unit from maximum to zero a very wide range of speed and torque characteristics can be 
obtained. 

At the National Engineering Laboratory much work has gone into producing a variable- 
speed hydrostatic transmission of economical construction. In this design ball-bearings 
working in sleeves are used as the displacing elements. Because they are ball-bearings, they 
serve the double function of piston and cross head. These ball-bearings are arranged in a 
rotating block and act radially against an eccentric internal circular cam formed by the 
outer race of a simple ball-bearing. Displacement of the eccentric off-centre produces 
variations in pump or motor displacement. These details can be seen in Figs. 1 and 2. 
Pumping is achieved by variations in displacement in relation to a stationary pintle-type 
valve, which forms the axis of the pump or the motor. There is no constructional difference 
between pump or motor, and each unit can in fact be used for either purpose. 


5. THE NEL HYDROSTATIC BORING MACHINE 


To find out whether in fact the hydrostatic transmission can be used effectively for the 
main drive of a machine tool, the Oil Hydraulics Group of the National Engineering Labora- 
tory has applied this ball transmission to a vertical boring machine [2]. This vertical boring 
machine is an old German machine with all the gear-boxes and drive shafts stripped away. 
As can be seen from Figs. 3 and 4, the conventional drive has been replaced by a single 
pump, and two hydraulic motors. Flexible pipes connect the pump to the motors. The 
displacement of the two motors and the pump to give a steplessly variable drive and also a 
constant cutting speed with changing diameter is effected by three-dimensional cams, all 
mounted on the same shaft running through the base of the machine. The principle of 
control is shown in Fig. 5. The cam shaft can be adjusted either axially or rotationally. 
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Rotation gives constant cutting speed for change in diameter when the camshaft drive is 
connected to the tool-box traverse mechanism. Axial motion of the cams by means of the 
handwheel projecting from the side of the boring mill gives the over-riding speed of rotation 
which can be adjusted from 6-200 rev’min at the chuck. 

The feed mechanism is a smaller version of the transmission. A ball pump is rotated by 
the motion of the chuck. Oil from this pump is led to a hydraulic motor on the traverse 
mechanism. By varying the displacement of the pump, feeds steplessly variable between 
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Fic. 5. Control details. 


0-004—0-25 in revolution can be arranged. A diagram of the hydraulic circuit is shown in 
Fig. 6. As can be seen from this diagram, the motion of the machine is controlled by a small 
pilot valve. The rate at which the machine tool speeds up and slows down can be controlled 
by adjusting the timing of the main piston valve. It can be seen from the diagram that it is 
possible to cross-connect the two circuits. By connecting the main pump supply to the traverse 
mechanism, it is possible to give quick approach characteristics to the tool. 

rhe transmission was designed to give approximately contant horse-power over the 
working speed range of the machine. Fig. 7 shows the actual design characteristics of the 
transmission set against the curve of constant horse-power. The maximum torque cut off 
is determined by the strength limitations of the machine tool, whilst the torques at the 
higher speeds are conditioned more by the availability of power from the 15 h.p. driving 
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motor. The transmission was also arranged to give constant cutting speed for changing 
diameter as shown in Fig. 8. It can be seen from this diagram that a constant cutting speed 
of 400 ft/min can be held from 16 in. radius down to 3°8 in. radius, while at 200 ft/min the 
constant cutting speed can be held down to 2 in. radius. 


6. PERFORMANCE TESTS ON NEL HYDROSTATIC BORING MACHINE 

Running tests on this machine have been very satisfactory. Despite the very poor 
mechanical condition of this machine, arising from its age and its chequered career, one 
of the first points to strike a engineer is the uniformity of the surface finish imparted during 


Pressurising 


° Fast approach 
pump PP 


Main drive 
Control valve 


4 
Feed pump 


( 


Main drive motors 
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a facing operation when compared with a similar operation on a conventional vertical 
boring machine. When “facing” on a conventional boring machine there are two choices. 
One is to keep constant rotational speed, which means that as the tool approaches the centre, 
the cutting speed drops lower and lower; the other choice is to change gear at points over 
the traversing range. In a conventional machine this means stopping the face plate. This 
stopping and restarting leaves a mark on the finished work which is undesirable. Figure 9 
shows a comparison between the surface finish produced by the N E L hydrostatic borer 
and the same test piece machined on a much newer conventional boring machine. Even in 
the photographs, the improvement shown by the N E L hydrostatic borer over a conven- 
tional machine is most marked. On a conventional machine traverse changes must also be 
accompanied by discontinuing the cut and slowing the machine down, which also leaves a 
mark in the work. In the N E L machine, changes in feed can be effected whilst cutting is in 
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progress. This is shown in Fig. 10 where various traverse changes were made whilst the 
machine was actually cutting. 

This capacity to change both speed and feed whilst the machine is actually cutting and 
under load is of substantial value in a machine which has to work to an automatic programme. 

One of the outstanding advantages of the hydrostatic borer is the time saved in facing 
operations. For a full facing operation, the time as compared with the equivalent conven- 
tional machine can be nearly halved. Gear changing on the conventional machine can 
admittedly reduce this margin, but at the cost of an unsatisfactory surface. It is also unsatis- 
factory in the sense that it places the onus of speed change on the operator. 
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Fic. 7. Power characteristics of N E L hydrostatic drive. 


Although the range and scope of the N E L hydrostatic borer is very much extended 
compared with what it was originally (for instance, the speed range was extended 100 per 
cent) yet the overall weight and space occupied by the complete machine has been reduced. 
This compact arrangement would have been even more noticeable on a machine specially 
designed for hydrostatic drive rather than adapted as in the present case. 

The advantages of the hydrostatically driven machine tool do not necessarily rest on the 
foregoing. The N E L system includes a design feature which enables the drive to be tuned 
for stiffness. Leakage in a hydrostatic transmission is proportional to pressure. In an uncom- 
pensated drive this would mean that slip was proportional to load. The device adjusts the 
pump output to compensate for leakage caused by increasing pressure. With this simple 
device it is possible on interrupted cutting to either maintain constant speed, to accelerate 
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Fic. 4. View of vertical boring machine with N E L drive fitted. 
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Fic. 9. Comparison of surface finish between N E L and a conventional drive. 
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into the cut or to decelerate into the cut as required. Future work will include measurements 
of tool forces on interrupted cutting with varying drive stiffnesses. Preliminary experiments 
seem to indicate that the soft drive is beneficial to tool life. 

Another advantage of the hydrostatic drive from the point of view of tool life is that, 
should the machine be overloaded, the drive can stall without fuss at a predetermined pres- 
sure level. At this point it is very easy to by-pass the flow removing the load from the tool, 
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then to withdraw the tool from the work without damaging the tool. If this feature were 
used in drilling and tapping operations, the maximum torque could be set at the safe torque 
limit of the tap or the drill with presumably beneficial effects on tool life and breakages. 


7. CONCLUSIONS 


Stepped-speed gear-boxes on both main and feed drives on machine tools do not enable 
full economic advantage to be taken of modern small tools. Machine tools based on gear 
and shaft drives offer limited opportunities to the designer to break away from conventional 
machine tool shapes. This limiting influence on progress in machine tool design and on the 
full economic exploitation of a machine tool’s potentialities can be eliminated by the use 
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of steplessly variable drives, particularly when such drives can be arranged to give constant 
cutting speed for a changing diameter. 

Electrical drives are not a complete solution to the problem. Speed ranges are limited 
over the constant horse-power range and gear-boxes and shafts are still needed to prevent 
carcass sizes becoming unwieldy and out of proportion. 

The N EL experiment has shown that hydrostatic drives can solve the problem. The 
converted N EL hydrostatic vertical boring machine using the N E L hydrostatic ball 
pump/motor drive has produced machined surfaces which show advantages in both surface 
finish and machining time over conventional machines with stepped gear drives. 

Because the two elements of the drive are flexibly connected, the design of new machines 
could be radically altered to exploit this feature. Again, because both speed and feeds can 
be changed under load without using electronics, the hydrostatic drive is particularly 
suitable for programmed machine tools. 

The N EL slip compensation can be used to give variable stiffness to the drive. Future 
work will be concerned with the effect of this on tool life when the machine is cutting intermit- 
tently. 
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THE DYNAMIC CUTTING OF METALS 
J. D. SmitH* and S. A. Tosiast 


INTRODUCTION 


Ir HAS been observed by S. Doi and S. Kato [1] that when oscillating a lathe tool normal 
to the cut surface, the normal thrust component variation lags the chip thickness variation 
(tool displacement). This observation, which was confirmed subsequently by W. Hélken 
[2] and N. I. Tashlickii [3], is of great importance from the point of view of machine tool 
chatter analysis since it means that the cutting process by itself is unstable. 

There is a considerable amount of experimental evidence which leads to the contra- 
dictory conclusion that under the conditions described the cutting thrust should lead the 
tool displacement. This evidence originates from investigations concerned with regenerative 
machine tool chatter. These showed (for instance S. A. Tobias [5]) that chatter arises only 
in a limited number of speed bands and that very low speeds are stable. The explanation 
of this fact is that the cutting thrust acting on an oscillating tool is dependent not only 
on the chip thickness but also on the feed velocity. It is easily shown that the postulation 
of such a dependence is equivalent to the postulation of an inherent phase lag effect, and 
it is to be expected that the indirect evidence from the field of chatter analysis should confirm 
Doi and Kato’s observation. However, this is not so, since the stability of low machining 
speeds leads to the conclusion that the cutting force must lead the chip thickness variation. 

The present paper summarizes experimental work done by previous investigators and 
work in progress which aims to resolve the above-mentioned contradiction. 


PREVIOUS EXPERIMENTAL RESULTS 


The apparatus used by Doi and Kato [1] is shown in Fig. |. The workpiece is attached 
to a long flexible shaft held in a chuck and supported at the free end by a steady which 
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Fic. 1. Sketch of apparatus used by Doi and Kato [1]. 
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prevents vertical motion of the workpiece but allows a rotating cam to oscillate the work- 
piece horizontally. The fixed cutting tool then cuts a chip with an approximately sinusoidal 
thickness variation. The surface cutting speed for these tests was 3-4 ft/min. The cam 
oscillated the workpiece and hence varied the chip thickness at 1-5 c's. The small elastic 
deflections of the tool were measured optically to give the normal and tangential cutting 
forces. 

Results obtained from this rig are given in Fig. 2, which shows a record of the chip 
thickness variations, the normal cutting force and tangential cutting force variations while 
oscillating the workpiece. The figure indicates that the maximum values of the forces at 
point D and D’ do not occur at the same time as the maximum value of chip thickness at 
point A. The time interval between A and D or D’ is referred to as the inherent time lag 
of the normal or tangential cutting force respectively. 


Horizontal joscillation of work 
A 


cutting 


Horizontal 


cutting 


Fic. 2. Horizontal oscillations of workpiece and resulting variation of horizontal and vertical 
cutting forces, after Doi and Kato [1]. 


The derived values for this inherent time lag are given in Figs. 3(a) and (b), plotted as 
functions of the cutting angle and the chip thickness. The observed time lag increases with 
chip thickness and cutting angle. 

Similar Russian work by N. I. Tashlickii [3] was carried out at higher cutting speeds 
but low frequencies using a rigidly mounted tool and an eccentrically mounted workpiece. 
Results obtained from this rig are shown in Fig. 4 which is again a plot of the cutting 
forces and chip thickness during vibration. 

A typical result obtained by W. Hélken [2] is shown in Fig. 5. The figure represents the 
variation of chip thickness, normal force and tangential force as a function of time. These 
results, like those of Tashlickii, confirm Doi and Kato’s observations of a time lag of force 
relative to chip thickness. 

In their work on regenerative chatter S. A. Tobias and W. Fishwick [4] treat phase 
effects in a completely different manner. Their theory is based on the assumption that the 
cutting force is a function of feed velocity as well as of chip thickness, and it is easily shown 
that this is mathematically equivalent to postulating a lag or lead of force relative to 
displacement. 

Evidence concerning the sign of the phase angle between chip thickness and thrust 
variations is derived from the form of stability charts, describing the stability of, say, a 
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face milling process (Tobias [5]). A chart of this type shows those speed ranges at which 
a certain depth of cut (or chip width) is stable or unstable. It can be obtained experimentally 
or theoretically and its form for drilling and face milling is well established. The stability 
chart is divided into two regions by the stability band envelope. For values of chip width 
less than the value given by this envelope the cutting process is unconditionally stable. In 
the region above the envelope the cutting process may be stable or unstable, depending on 
the rotational speed of the tool. 


Cutting angle, degrees 


Average chip thickness , 


Fic. 3. Lag of cutting forces behind the workpiece displacement. 


P4 normal thrust, Ps tangential thrust. (a) Lag of thrust components as a function of average 
chip thickness, (b) lag of thrust components as a function of cutting angle, after Doi and 
Kato [1]. 


It can be shown that the shape of the stability envelope is an indication of the phase 
relationship between cutting force and chip thickness variation. When the cutting force 
lags the displacement (in accordance with Doi and Kato’s observation) then the shape of 
the envelope is of the form indicated by curve A in Fig. 6. A leading cutting force results 
in an envelope of the type of curve C, curve B being the transitional case when force and 
displacement are in phase. 

An experimentally determined stability chart is shown in Fig. 7. In that figure unstable 
combinations of the depth of cut and the rotational speed are marked by circles, dots or 
half-filled circles. Comparing this figure with Fig. 6, it is clear that the form of the stability 
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envelope leads to the conclusion that the cutting force must have been leading the dynamic 
displacement. 

Since general conclusions derived from face milling or drilling tests do not necessarily 
apply also to observations made when turning, Doi and Kato’s experiment was repeated 
with a specially designed test rig. 


EXPERIMENTAL APPARATUS 


Although lathe turning was being investigated, it was found more convenient to carry 
out the experiment by mounting the specimens on the arbor of a rigid horizontal milling 
machine and the cutting tool with its associated suspension, damping, measuring and 


Fic. 4. Lag of cutting forces behind the chip thickness variation. 
Experiments were carried out with an eccentrically mounted workpiece, the position for the 
minimum and maximum chip thickness values removed by the tool being shown on the bottom 
trace. The variation of the tangential thrust P., the normal thrust P, and the feed thrust P, during 
one workpiece revolution is shown, while the chip thickness varies from a minimum value, 
through a maximum to the next minimum. Lag of cutting forces can be seen by considering 
their variation in relation to g = 0° and ¢ 360° which fixes the position of minimum chip 
thickness. Tool-chip interface temperature t° was not affected by the process. After 
Tashlickii [3]. 


excitation systems on the miller table. A sketch of the apparatus is shown in Fig. 8. 

The cutting tool is held on the dynamometer by straps, which for clarity are not shown 
in the sketch. The dynamometer is supported by vertical leaf springs which allow it to move 
horizontally but not vertically. This horizontal movement of the dynamometer and tool 
will give a chip thickness variation but will not allow any vertical movement which would 
alter the surface cutting speed. The movement of the dynamometer relative to the miller 
bed is measured by fitting strain gauges on the supporting vertical leaf springs. 
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Under these conditions, since the mechanical damping was low, violent chatter occurred 
at nearly all cutting conditions. It was found in practice impossible to use any passive damp- 
ing system such as a dashpot, rotary silicone damper or eddy current method, since the 
combination of high frequency, low amplitude and large forces made any passive system 
inoperative. An active system was finally adopted, using a standard velocity pick up, the 
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Fic. 5. Lag of cutting forces according to Hélken [2]. 


Top figure shows the variation of chip thickness around average value. Lower figure presents 
resulting variation of cutting forces. P4 normal thrust, Pz tangential thrust. 


signal of which was amplified and fed into electromagnetic vibrators arranged to oppose 
the motion. This system is, of course, a servo power loop in which care must be taken to 
prevent instability. An additional signal from a separate oscillator is fed in to force the test 
vibration required. This composite system in which the vibration generators both damp 
out chatter and force the required oscillations requires far less power than two separate 
systems. The circuits are arranged so that any level of damping can be switched in or out 


20 = + + + 
+ + 
ele 
| 
80 + + 
| 
T ) + + + + + + # 
lie | 
| 
. 
} 
x 
50 + + + 
| 
| 
40 4 { 
| 
} | 
| | | | 
| 
| | 
| 
| 
anes 60 240 300 360 
T 
Pip 
fal” 


. SMITH and S. A. TosBias 


Conditionally stable region 
Unconditionally stable region 


Rotational speed of tool or workpiece, rev/min 


Fic. 6. The stability band envelope divides the stability chart into the regions of conditional 
and unconditional stability. 


The conditionally stable region contains one or more unstable speed bands, separated by 
stable speeds. Curve A: corresponds to conditions when cutting force variation lags chip 
thickness variation, Curve B: cutting force variation in phase with chip thickness variation, 
Curve C: cutting force variation leads chip thickness variation. 
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Fic. 7. Experimentally determined stability chart. 


Points marked with dots, circles and half-filled circles represent cutting conditions in which 
chatter arose. Unstable speeds fall into bands lying above the stability band envelope hm. 
Shape of stability band envelope corresponds to a cutting force variation leading the chip 
thickness variation. After Tobias [5]. 
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Fic. 8. Sketch of experimental rig. 


instantaneously during a test run and the required oscillation can similarly be switched 
during a run. The normal range of frequencies used during test was from 5 c/s to 400 c/s, 
though this range could be extended. The amplitude of vibration possible over most of this 
range was greater than 0-010 in. peak to peak. 

For the majority of the tests a lightweight strut dynamometer was used for force measure- 
ment. The cutting forces act on short struts which are in compression: two vertical struts 
take the tangential cutting force and the single horizontal strut carries the normal force. 
Standard wire strain gauges on the struts measure the strut strains and hence the forces. 
The gauge strains are measured by a sensitive a.c. strain gauge bridge. The dynamometer 
allows measurement of a force of less than | lb though the capacity of the dynamometer 
is nearly a ton. The combination of very short struts of high stiffness and a tool and support 
of low mass gives the system a natural frequency of above 6000 c/s. 


289 
is Tool 
| 6 | 
: 
% 
: 
OL. . 
ane 
i 
Gauge 
A 
bridge 
‘ 


290 J. D. SmitH and S. A. Tosias 


Normal phasemeters are unsuitable for cutting force and displacement measurements e 
since they are affected by noise or amplitude variations and require considerable time to 
reach the correct reading: an accuracy of +1° at small phase angles is difficult to obtain 
with such phasemeters. To overcome this problem the force and displacement signals are 
fed to matched amplifiers driving an oscilloscope and the oscilloscope traces are filmed. 
Phase and amplitude are measured from these records by the method shown in Fig. 9 
or by filming the traces as Lissajous ellipses as shown in Fig. 10. 


VOL. 


Fic. 9. Method used for the determination of small phase angles. 
Oscilloscope traces of force and displacement variation, having amplitudes of Ai and Ag 
respectively. Traces are approximately 180° apart. Phase angle @ is found by the formula 
given in the figure. 


Fig. 10. Method used for the determination of phase angles. 
Force is displayed horizontally and displacement of tool (i.e. chip thickness variation) 
vertically. The straight line is the trace obtained when not cutting, i.e., it gives the dynamo- 
meter head inertia force and is the “zero” for the cutting force. Phase angle @ is found by the 
formula stated in the figure. 
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EXPERIMENTAL RESULTS 


Some of the experimental results are shown in Fig. 11. The phase angle between the chip 
thickness variation (radial oscillation of the tool) and the corresponding force variation is 
plotted as a function of frequency while the chip size and cutting speed are constant. At 
low frequencies the results confirm those of Doi and Kato as the cutting forces lag behind 
the chip thickness. However, as the frequency of oscillation of the tool rises, the lag of the 
cutting force with respect to the chip thickness decreases to zero, changes sign and becomes 
a phase lead. Above 40 c/s, i.e. in the frequency range which is of importance for chatter 
of most machine tools, the observed lead of the cutting force confirms the evidence deduced 
from regenerative chatter analysis. 

In this chatter frequency range it was also observed that the phase lead of the cutting 
force decreases with increase of surface cutting speed. This result is also to be expected from 
regenerative chatter evidence. 
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Fic. 11. Typical experimental results concerning phase relation between normal thrust P4 and 

tangential thrust Pz and the chip thickness variation, as a function of the frequency of oscillation. 

Material: mild steel, cutting speed: 400 ft/min, average chip thickness: s = 0-005 in., chip 

width: b = 0-075 in., amplitude of chip thickness variation: ds = 0-002 in., tool: carbide, top 
rake angle: 10°. 


CONCLUSIONS 


The preliminary results of an investigation in the dynamic cutting of metals have been 
summarized in this paper. The measurements so far carried out show that the use in any 
chatter investigation of the assumption that force is simply proportional to chip thickness 
will give very inaccurate results, since the effect of the observed phase changes can dominate 
chatter behaviour. For normal chatter frequencies the phase changes are such as to increase 
the damping and hence the stability of the system. This, of course, may very greatly increase 
the cutting capacity of a machine. The phase lags observed at very low frequencies will 
decrease the stability of a machine at these frequencies. 

Explanation of the observed phase changes is not possible by any one simple hypothesis. 
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Several explanations are being considered, but none of these is satisfactory. It appears that 
an exact explanation will involve at least five different effects. 
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AUTOMATIC COMPENSATION OF ALIGNMENT ERRORS 
IN MACHINE TOOLS 


D. L. LEETE* 


Summary—A new conception in automatic computer-controlled machine tools has been proposed, that 
of providing for continuous compensation of inherent errors in the machine due to imperfections in the 
straightness and/or the orthogonality of the slideways. A basic analysis to ascertain the main requirements 
for such a system is given—and includes derivation of geometrical formulae for relative positioning of 
reference planes and measuring probes, form of computation for total error and methods of inserting 
compensating signals into the servo-controlled feed drives. From an application to a proposed profiling 
machine, the accuracy requirements for some of the elements of a system are estimated—it is apparent that 
optical methods offer the best solution for misalignment measurement and details of current investigations 
are given. The first experimental rig operates in one axis only and has been arranged for grinding straight 
edges. 


1. INTRODUCTION 


ONE OF the main causes of inaccuracies on a finished machined workpiece is that due to 
inherent alignment errors in the machine tool, these errors being lack of straightness and 
orthogonality in the operational directions of the machine. 

In a manually operated machine, the compensation of such alignment errors may be 
achieved by successively measuring the distance between the cutter and the workpiece in 
a series of reducing steps; in the case of a computer-controlled machine tool, however, the 
programming of the locus of the cutter is commenced from a datum point and alignment 


errors will therefore tend to be cumulative. 

It is proposed [1, 2] that the alignment errors of a computer-controlled profiling machine 
are continuously measured and automatically compensated by referring certain displace- 
ments of table, cross-slide, spindle-slide and spindle to a set of fixed orthogonal axes inde- 
pendent of the operational directions, and introducing compensating movements into the 
servomechanism providing the feed drives. The compensation of such errors may enable a 
machine of ordinary standards of manufacture to produce work to a very high standard 
otherwise normally obtained by machines of very much higher cost. Furthermore, this 
high standard may be consistently maintained in spite of wear, and thus maintenance costs 
are reduced. 


2. BASIC ANALYSIS 
2A. Derivation of Formulae 


In Fig. 1 are shown the six main components of the milling machine, i.e. table, cross- 
slide, spindle-slide, spindle, cutter and workpiece. 

The true datum point is shown at O and is the intersection of the three orthogonal 
axes (OX : OY : OZ); these axes are approximately aligned to the operational directions 
of the machine. This datum point O may be fixed in space and may be outside the opera- 
tional area of the machine. 

For actual machining operations, a second datum point O’, or working datum, is 
required on the table on or alongside the workpiece—this point may be anywhere on the 
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table. The arrows on the first three components above define the positive directions of the 
relative traverse between cutter and table along the reference axes (OX : OY : OZ). 

In the initial setting up of the machine immediately prior to cutting, the table, cross- 
slide and spindle-slide are returned to a zero position at the end of their respective traverses, 
or “returned to datum”, when the point O’ could be the intersection of the spindle axis 
with the surface of the table; the working datum O’ would then be on the surface of the 
table. In this return to datum position, the relative position of O’ with O along the three 
axes (OX : OY : OZ) must be known in order to compute the errors at the point P. 


Spindle slide 


— Cross slide 


-Workpiece 


Cutter 


Fic. 1. Six main components of machine. 


This point P is defined as the final effective point of contact of the cutter on the work- 
piece and will therefore be on the finished profile of the workpiece; the measurement and 
compensation of the alignment errors in the machine must be related to this point. 

The computer programmes the position of the centre of the cutter and the relation of 
the point P with this centre is dependent upon the directions and the velocities of the 
traverses, size and shape of cutter, depth of cut, spindle speed and direction of rotation, etc. 
The deviation of the ordinates of P (x : y: z) from the ordinates of the cutter centre 
(X- : Ye : Ze) is equal to or less than the cutter radius r along each of the three axes 
(OX : OY : OZ); this deviation along each of the three axes defines the effective cutter 
radius along each axis (X¢ : Ye : Ze); this may be illustrated in Fig. 2, which shows the plan 
view of a vertical cutter producing a profile in two dimensions. 

The alignment errors in the machine may be caused by (i) translational displacements 
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Fic. 2. Effective radius of cutter. 


Fic. 3. Translational and rotational displacements of table. 
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which are transverse to the normal direction of traverse, and (ii) rotational displacements 
which are offset to the normal direction of traverse. 

These displacements result in errors Ez, Ey and EF, along each of the three axes (OX : 
OY : OZ), for each of the components of the machine, i.e. table, cross-slide, spindle-slide 
and spindle. These are shown in Figs. 3, 4, 5 and 6 for the cases of yaw, roll and pitch of 
the table; similar diagrams may be drawn for the other three components of the machine 
[3]. 

The simultaneous measurement of translation and rotation may be achieved by measure- 
ment of the change in distance from two probes of a straight reference plane: these are 
shown as P; Pz and RR’ in Figs. 4(a) and 4(b), etc., in the case of the table. Either the 
probes or the reference plane may be aligned to the axes (OX : OY : OZ), with either the 
reference plane or the probes mounted on the machine component; it will be assumed 
that the probes measure distance along paths at right angles to the appropriate axes on 
which either the probes or the reference plane are fixed. The longitudinal displacement 
of RR’ or P; P2 in the direction of the normal traverse must be known exactly in order to 
determine the errors of a point P (x : y : z) when moved to position P’ (x’ : y’ : z’), asa 
result of the alignment errors; it will be assumed in the calculations that the traverse measur- 
ing system is not affected by translation nor rotation of the table with respect to the bed. 

The neutral position of RR’ or P; P2 is shown as a dotted line parallel to the appropriate 
axis; the two ordinates of P are shown, together with the errors which result when RR’ 
or P; Pz rotate and/or are displaced, moving P to P’. 

The sign of the rotation is considered positive for counterclockwise movement about 
the relevant axis; also, translation is considered positive for movement away from the 
probes. 

From Figs. 4(a) and 4(b) it may be shown (Appendix 8) that the errors E; and Ey, 
due to yaw of the table (rotation about the Z axis and translation along the Y axis) are 
giver as follows: 


EE = \(y yi) (ye yi) (y = yp (vs 
(x2 — *1) | 

E, = |(%2 — x) (v2 — yi) (x1 — x) (vs — yi)) 
(x2 — x1) | 


trom Figs. 5(a) and 5(b) it may be shown that the errors Ey, and E, due to roll of the 
table (rotation about the X axis and translation along the Z axis) are given as follows: 


_ f(z — 21) (ze — 21) — (z — 21) (2s — 21)) 


E, = 3 

(v2 — yi) 

g, z1) — (yi — y) (23 — 21) (4) 
(ye — yi) 


From Figs. 6(a) and 6(b) it may be shown that the errors Ez and £; due to pitch of 
he table (rotation about the Y axis and translation along the Z axis) are given as follows: 


((z — 21) (ze — 21) — (z — 2:1) (Zs — 21)) 
| (x2 — X1) | (5) 
— x) (z2 — 21) — — x) (2s — 21)) 
E; 6) 
| (x2 — x1) 
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b. Errors due to table yaw. 
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Fic. 6a, b. Errors due to table pitch. 
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Similar expressions may be derived for errors due to yaw, roll and pitch of the cross- 
slide and spindle-slide and also for tilt of the spindle in its bearings [3]. 


2B. The Optimum Arrangement for Reference Planes and Measuring Probes 


The alternative arrangements for RR’ and P; Pz in the measurement of table yaw are 
shown in Figs. 4(a) and 4(b) respectively, equations (1) and (2) applying to both. 

The parameter (x2 — x1) is a function of the spacing of the measuring probes along the 
reference axis (OX) and is constant; (vy — yi), (v2 — x) and (x1 — x) are not constant, 
however, varying with traverse and with cutter radius as follows: 

From the notes in Appendix 8 and dimensions of machine in Section 3A: 


Range of variation 
of parameter 


Parameter (in.) 
Fig. 4a Fig. 4b 
(y — yi) 24 24 
(te — 4 48 
(x1 — x) 4 48 


It is seen that, with the arrangement of Fig. 4(a), there is a smaller variation in (xz — x) 
and in (x1 x). 

The preferred positioning of RR’ and P; Pz would be that arrangement which gives 
the smaller range of variation in the various parameters. In the case of table yaw illustrated 
above, the preferred arrangement would therefore be as shown in Fig. 4(a). 


Table | gives details of the variations of the parameters for the case of the Table. 


TABLE 1. 


Machine Variation of parameters Preferred 
panes Fig. No. (in.) position 
Component | Movement 


Yaw 4a (y— yi): 24 (x2 —x):4 (1 —x):4 
4b — y1):24 (x2 —x):48 (41 — x): 48 
Roll Sa (z — z1):14 (ye — y): 24 (1 — y): 24 
TABLE Sb (z —21):14 (ye — y):24 (nn — y): 24 


Pitch 6a (z — 21):14 (x2 —x):4 (41 —x):4 
x):48 (x1 — 


Similar variations for yaw, roll and pitch of the cross-slide and spindle-slide and for 
tilt of the spindle may be obtained [3]. 

In those arrangements marked *, it will be seen that the measuring probes P; P2 are 
mounted so that their relative position to the cutter is constant; in these cases, it is possible 
to have an arrangement with a simpler computation requirement. This is done as follows: 

For the case of yaw of the table—Fig. 4(a): equations (1) and (2)—the expression for 
FE, caunot be simplified as (vy — yi) is not constant, but the expression for Ey may be 
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simplified by arranging the position x; of probe P;, so that it lies on the ordinate of the 
cross-traverse. If x is constant, x1 = x, hence: 


— x1) G2 — — — *1) Os 
| (x2 — x1) 


Actually, x will vary as the radius of the cutter, but this arrangement will still result in 


improved accuracy of computation. 

In certain cases, there may be a redundant measuring probe; for example, in the measure- 
ment of errors due to roll and pitch of the table, only three probes instead of the four are 
required if the probes are mounted on the bed of the machine. 


Ey = (ve — (7) 


2C. Determination of the Optimum Spacing for the Measuring Probes 
It was shown in Section 2A that the equations for the error components are all of the 
same type and may be represented by: 


_Ci pi — C2 pr - (8) 


E - 
d 


where E = error component along reference axes (OX : OY : OZ) 


Ci, C2 = functions of distance from P to measuring probes 


Pi, p2 = changes in distance from measuring probes to reference planes 


d = spacing between measuring probes 


It is now required to find the effect on E of small inaccuracies in the measurement of 
p; and pe. The effect depends upon whether the inaccuracies Sp in p; and pe are of the same 
sign or of opposite signs in each of the two probes as shown as follows: 


(a) pi + Sp) (Ci — Ce) dp 
9 
~> from (8) E q (9) 


(b) pi (pi + Op) free @®: AG 
p2 —>(p2 — Sp) d 


From these equations, the effect of 5p on 6E may be obtained. 
These equations may be illustrated in Figs. 7(a) and 7(b). 
The same nomenclature is used as in Section 2A—V and H are vertical and horizontal 

ordinates respectively—RR’ are the reference planes—P; and P»2 are the measuring probes. 
If 5Ey and 5£y are the inaccuracies in the determinations of Ey and Ey respectively 

resulting from inaccuracies 5p in the probe measurements, then by the same methods as 
in Section 2A, these inaccuracies may be obtained from the expressions: 


= 
| (he hy)! 


(10) 


— h) pr — (a — (12) 


Ey 
(ho — hy) 
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(1) Ex. (a) If pi > (pi dp) Pi- ~(p1 dp) 
p2 —> (pz + Sp) P2 —> — Sp) 
(Ci — C2)dp  (v— v) dp 0 dp 
d (ho — hy) (he — hy) 


This is shown in Fig. 7(a) for +5Ey 


(b) If pr > (pi + Sp) pi > (Pi — 
p2 — (pz — dp) p2 (p2 + 8p) 


(Ci + Co)dp (vu +v)dp 2v 5 
d 


+d5En 


This is shown in Fig. 7(b) for +6£y. 


Fic. 7. Effect of probe inaccuracies. 


o£y thus is proportional to v and inversely proportional to (Az — hy). 
(2) Ey. (a) If pi (pi + 8p) Pi > (pi — 6p) 
pz —> (p2 + dp) p2 (pz — Sp) 
(C3 —Ca)dp — h) — (hy — Bp 


8Ey 
d (ho — hy) 


bp 
This is shown in Fig. 7(a) for +38Ey. 
dEy is thus independent of (Az — /) and of h and v. 
(b) If px (pi + 8p) or 21> dp) 
p2 — p2 + op) 
(C3 + Ca) 8p — h) + (1 — h)} 8p + ha)/2 — hh dp 
d (he — hy) (he — hy) 
This is shown in Fig. 7(b) for +8Ey. 


-dEy (16) 
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dEy is thus a function of h. 

Spacing of probes P, and P2 for equality of 5Ey and 5Ey 

From equations (13-16), the effect of (42 — 41) (= d) on the ratio 5£/5p may be seen. 

When the inaccuracies 5p are of the same sign, it may be seen from equations (13) and 
(15) that the ratio 5E/5p is independent of d; equation (13) may be ignored, but equation 
(15) is significant in that E/5p = 1; this fact will be used as the basis for the determination 
of the optimum value of d as follows: 

When the inaccuracies 5p are of the opposite sign, it may be seen from equations (!4) 
and (16) that the ratio 5E/dp is a function of / and v and is also a function of d. 5E/5p may 
range from zero to a certain maximum which is dependent upon A, v and d. 

In order to equalize the values of 5E along the H and V ordinates due to the inaccuracy 
of dp in p; and pe, the maximum values of 5£/$p in equations (14) and (16) must be equal 
to the value in equation (15), that is, unity. 

From equation (14), therefore, setting 5Ey 5p — +1, it follows that: 


(ho — hi) = d= +20 (17) 
If v is variable, as in the case of the cross-traverse, then if v ranges from zero to v 
dEn 

op 


max? 


+1 if (he — hy) d = Win (18) 


From equation (16), therefore, setting 5Fy/dp +1, it follows that: 


: h = hy or he 


: If hy and hz are constant, as in the case of the longitudinal traverse when the probes 
P, and P2 are mounted on the bed of the machine (as in Fig. 4(a)), 


SEy 


5 +1 if fy <h <he: (he — hy) being constant 


bEy 
op 2 
If A; and hz are variable, as in the case of the longitudinal traverse when the probes 
P, and P2 are mounted on the table of the machine (as in Fig. 4(b)), 5Ey/85p < +1 if A always 
lies between the limits of 4; and he; if (hz — A) and (h — Aj) range from zero to A 


dp 


Equations (18) and (19) thus determine the optimum spacing of the probes in terms of 
certain dimensions or parameters of the machine itself, and they may also determine the 
optimum relationship between these dimensions or parameters; the conclusions of Section 
2C must also be taken into consideration when determining the best arrangement. 


max? 


2D. Computation of Total Error Along Each Axis 


The co-ordinates of P(x : y : z) consist of the summation of the co-ordinates of the cutter 
centre (X- : Yc : Z-) and the co-ordinates of P in relation to the cutter centre (X¢ : Ye : Ze). 
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The three channels of a computer-controlled machine normally provide the (X-: Ye : Zc) 
co-ordinates only; a second set of channels must therefore be provided for the (X¢ : ye : Ze) 
co-ordinates so that the co-ordinates of P may be obtained. Hence: 


Te M 
+ ye 
z= Le T Ze 


This is illustrated in Fig. 2; the maximum values for (X%¢ : Ye : Ze) correspond to the 
radius r of the cutter and may be positive or negative. 

Referring to the formulae for errors due to table yaw, it may be seen that equations (1) 
and (2) may therefore be re-arranged as follows: 


{( + Ve) yi} (v2 yi) {( ye) yi} (ys (20) 
(x2 — %1) 

Ey (Xe Xe)} (v2 yi) {x1 (X- + Xe)} (ys (21) 
(x2 — 


The computation of these formulae is illustrated in Fig. 8; this is not, of course, the 
only possible arrangement (as may be seen from Section 2B). In this case, the reference plane 
RR’ is considered to be mounted on the edge of the table (thus y: is zero) and the measuring 
probes P; P2 mounted on the bed of the machine (thus x; and x2 are constant). 


In this diagram, the following symbols are used: 


P \ Probe unit P measuring displacement along 
Yor¥ y axis 


RR) Reference plane RR (xX ) Multiplier 
ll 


(~) Divider Adder 


The sequence of events is as follows: 

The probes P; and P2 measure change of displacement from a reference plane RR’. 

The outputs (v2 — yi) and (y3 — yi) of probes P; and P2 respectively are divided by 
the constant factor (x2 — x1) which is the spacing d between the probes, and the outputs 
of these dividers fed into four multipliers. 

The co-ordinates (Y-) from Channel CH.1 (cutter centre-co-ordinates) together with 
co-ordinates (x. : ye) from Channel CH.2 (cutting point co-ordinates), are fed into four 
adders, giving the co-ordinates (x : y), and these are fed into the four multipliers. 

The outputs of the four multipliers are summed in two adders, the outputs of which 
are the compensations EF; and Ey, being equivalent to the respective error components. 

The compensation signals are then combined with the cutter centre co-ordinate signals 
in CH.1 to give the resultant compensated co-ordinates in the X¥; and Y;, channels. 

In a similar manner, the arrangements for roll and pitch of the table, and for cross- 
slide, etc., may be obtained [3]. 
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Fic. 8. Computation of error compensation. 


2E. Alternative Positions of the Datum Point 


In this basic analysis, the position of the datum point O (the intersection of the three 
orthogonal axes (OX : OY : OZ)) has been considered as being fixed to the bed of the 
machine, and the misalignments of the table, cross-slide, spindle-slide and spindle have 
each been separately measured with respect to these three axes. 

For the type of machine illustrated in Fig. 1, however, the misalignments of the spindle 
may be considered to be the sum of the misalignments of the cross-slide, spindle-slide and 
spindle in its bearings; this consideration leads to a simplification in the arrangements of 
the reference planes and measuring probes and also in the general computations for total 
errors. 

A further simplification may be to consider the datum point O as mounted on the 
table of the machine and adjacent to the workpiece; the three axes (OX : OY : OZ) would 
thus be fixed in relation to the workpiece and only misalignments of the spindle itself in 
relation to these axes would need to be considered. This simplification of the axes, however, 
may not always give the optimum arrangement for reference planes and measuring probes 
as described in Section 2B, and such simplification may also require the direct measurement 
of rotation as well as translation. In this last alternative, the errors E;, Ey, Ez due to tilting 
and lifting of the spindle are illustrated in Figs. 9 and 10. 
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Fic. 10. Errors due to tilt of spindle in YZ plane. 


Fic. 9. Frrors due to tilt of spindle 
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It may be shown that: 


E, Zz) (x2 — 1) - 


Zz) (ve — y1) 


23) (Za — Za) + — Xa) — X — (Xs — Xa)i 


_ f(z — 21) (za — 23) + (y — ya) (v2 — yr) — (y — ya) 3 — | 
2— | 
The effect of alternative positions of the datum point on the accuracy requirements of 
the system is shown later in Section 3D. 


Fic. 11. Dimensions of proposed profiling machine. 


3. APPLICATION TO A PROPOSED PROFILING MACHINE 


3A. Main Dimensions of Machine 
It was assumed that a portal profiling machine was to be used, and the main dimensions 
were assumed as in Fig. 11; the distance between the spindle bearings was assumed to be 


24 
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2 ft, with the distance between the end of the cutter and the adjacent bearing as 0-5 ft, 
from which the value of tilt could be estimated. The capacity of the machine was taken 
as follows: 


Longitudinal traverse of table = 4 ft 


Cross traverse - 2ft 
Vertical traverse - 0-6 ft + 0-6 ft preset 
Cutter diameter - 4in. 


Cutter height = 4in. 


3B. Details of Alignment Errors 
The causes of misalignment in a machine tool include the following: 


(i) Manufacturing tolerances 
(ii) Wear 
(iii) Oil film thickness 
and values will be assigned to these as follows: 


(i) Manufacturing tolerances. In accordance with the limits for slideways laid down by 
Schlesiuger [4], the tolerance will be taken as 0-0008 in. /ft (=0-000067 per unit length) and 
will be applicable to all slideways of the machine. For the spindle bearings, eccentricity will 
be taken as 0-0001 in. 

(ii) Wear. An arbitrary value has had to be placed on this parameter and it was decided 
to assume 0-0016 in./ft (—0-000134 per unit length) for the slideways, and 0-0002 in. 
eccentricity for the spindle bearings (these values will be in addition to the normal manu- 
facturing tolerances). 

(iii) Oil film thickness. Hydrostatic pressure lubrication is assumed for both the slideway 
and the spindle bearings—the oil film thicknesses being 0-002 in. and 0-0003 in. maximum 
respectively, and 0-001 in. for a typical slideway bearing. It will also be assumed that, due 
to the inherent stiffness of such bearings, the change in oil film thicknesses does not 
exceed 4 of their total values. 


3C. Calculation of Overall Error Due to Misalignment 


For ‘he case of a machine having plain slideways in new condition (i.e. having errors 
due only to manufacturing tolerances of 0-0C08 in./ft), the errors along each axis due to 
yaw, roll and pitch of the table, cross-slide and spindle-slide and to tilt and lift of the 
spindle are tabulated as follows in Table 2. 

These are maximum values and they will not all occur simultaneously along each of 
the reference axes (OX : OY : OZ); in this analysis it is assumed that the maximum total 
err ‘along each axis is 0-7 times the sum of the individual errors, hence: 


Ez = +0°00465 in. 
Ey = +0-00503 in. 
E, = +0-00537 in. 

Maximum overall error Eo = \/E2 + E? + E? = 0-00871 in. 
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TABLE 2 


Maximum error 
Machine component < 0°001 in. 
and its 
misalignment Longitudinal axis Cross axis Vertical axis 
Ey 
TABLE Yaw 
Roll 
Pitch 
CROSS- Yaw 
SLIDE Roll 
Pitch 
SPINDLE- 
SLIDE 


SPINDLE _ Tilt/Lift | 


However, it is unlikely that this value of maximum overall error is attained in every 
machine built to these limits, which would be the case if all the factors resulting in alignment 
errors and all the errors themselves were completely additive at their maximum values; 
statistical techniques [5] have been applied and the results are shown in Fig. 12, in which 
the probability of the overall error being less than certain prescribed limits is given. 


Curve | is applicable to a new machine having plain slideways 
pressure-balanced slideways 


3 


These curves illustrate the general unsuitability of orthodox design 3-axis profiling 
machines for computer control; if such machines have an absolute accuracy of traverse of 
+0-001 in. from an end datum point on each axis, the overall error will be less than the 
measurement accuracy for 72 per cent of the production output when new, and this 
figure will fall to only 28 per cent when in worn condition. These figures will be slightly 
worse for machines with pressure-balanced slideway bearings. 

Similarly, for the case of machines of the same size built and maintained to the lowest 
tolerance limits for misalignment of 0-0COI in./ft, it can be shown that for 5 per cent of 
the production output, the overall error will be greater than 0-0004 in.; this is equivalent 
to an error of 0-00023 in. in the traverse measurement system. 

It may be seen from the above table that the largest individual error components are 
along the (O Y) axis due to yaw of the table and along the (OZ) axis due to roll of the table, 
each being of the same value at +0-00322 in. It may be shown that for the case of a 
similar machine with pressure-balanced slideways in a worn condition, the values of these 
two error components will rise to +-0-0103 in. and this, therefore, determines the limits over 
which the displacement measuring probes P; Pz and associated equipment must be 
designed to operate. 
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3D. Estimation of Required System Accuracy 

In the design of an error compensation system, it is necessary to ascertain at least the 
required order of accuracy for the primary parameters such as displacement by the measuring 
probes, position of the measuring probes, co-ordinates of the cutting point, etc.. and this is 
considered as follows: 

The measurement of linear traverse in a machine tool is always done by methods having 
constant incremental accuracy and not necessarily having an absolute zero, whether they 
utilise plain engraved scales, diffraction gratings, inductive or capacitive pick-off devices, 


+ 

+ 

+ 
t+ 

+ 
tot + te 
+ 

+ 
+—+ 4+ 4 4 
+—++4+ + 4 


4 5 60 ?7C 90 95 98 93:8 99-39 
Probability p(%) of overall error being less than E, 
Fic. 12 


etc. It is logical, therefore, that an error compensation system should also have constant 
incremental accuracy or discrimination, of the same order as for the traverse measurement: 
this implies that, overall, the error compensation system should have digital rather than 
analogue characteristics (cf. electronic computers). 

In the proposed machine, the positional accuracy of traverse along each of the three axes 
will be taken to be +-0-0001 in. (using diffraction gratings)—if the error compensation system 
has a similar degree of accuracy, the overall residual error will be +4/(0-1 + 0-1)? x 34 
0°001 in. 

From Sections 2A, 2C and 3C, there are several error components along each reference 
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axis (OX : OY : OZ) and each of these components consists of a number of terms of the 
form* 


Cipi — C2pe2 (25) 


E 
d 


If the datum point O is mounted on the bed of the machine and the errors of alignment 
of the table, cross-slide, spindle-slide and spindle are separately determined, there is altogether 
a total of 7 terms. 

By differentiation of equation (25), and assuming that the measuring probes p; and poe, 
etc., have identical characteristics (6p; = dp2 — dp : also 5C; — 6C2 = 8C, etc.): 
Ci Cipi Cope. sd 


d P d d 


(26) 


d 


is the rotation @ of the particular component of the machine in relation to 
the reference axes (OX : OY : OZ) 


is equal to unity if the probes are spaced at the optimum distance as discussed 
d in Section 2C 


* is equal to E from equation (25) 


dd 


27 
d 


SE=0.8C+ dp—E. 


If it is assumed that, in the whole of the system, only the measuring probes are subject 
to inaccuracy, then: 


bp = -0-000014 in. 


Similarly, if it is assumed that only the co-ordinates of the cutting point are subject to 
inaccuracy: 


£0°0001 
0:00145 


where 0-00145 is the average of the total rotations along each of the 3 axes (OX : OY : OZ) 
calculated for a machine having pressure-balanced slideways in a worn condition (Section 
3C). 

These inaccuracies 6p and 6C are the upper limits and in actual practice must be con- 
siderably better in order to take into account other inaccuracies of the system; on the 
other hand, it is probable that all the inaccuracies are not completely additive so that, by 
application of statistical techniques, it may be possible to obtain a controlled relaxation 
for the accuracy requirements. 

If the datum point O is mounted on the bed of the machine as previously, but only 
the errors of alignment of the table and the spindle are separately determined, there is 
altogether a total of 3 instead of 7 terms of the type in equation (25); the upper limit for 
dp for this arrangement is +0-0001/3 — + 0-000033 in. 


* The term for E, due to lift of the spindle is slightly different, but has been assumed similar to the other 
terms in order to simplify the calculations. 


d 
d 
| 
= re 


312 D. L. LEETE 


Finally, if the datum point O is mounted on the table of the machine alongside the work- 
piece and only the errors of the relative alignment of the spindle with the table are deter- 
mine.., there is only | term and the upper limit for 5p is +-0-0001 in. 

These accuracy requirements for the measuring probes are very stringent, particularly 
as the above figures refer to idealized systems having no other inaccuracies. It would seem 
that the best position for the datum point O is on the table alongside the workpiece, but 
this arrangement requires the direct measurement of rotational as well as translational 
displacements, and also measurement of traverse from the spindle itself which is a new 
conception in machine tools. 


4. CONTINUOUS MEASUREMENT OF ALIGNMENT ERROR 


Although it had been originally proposed [1] to use steel (or other metal) straight 
edges as the reference axes working in conjunction with electronic (capacitive) measuring 
probes, these methods are not being followed owing to the difficulty of obtaining straight 
edges of the required accuracy and, furthermore, the problems both of mounting such 
straight edges and of maintaining alignment against vibration seemed to be unsurmount- 
able. 

It was therefore decided to use optical methods of alignment error measurement; such 
methods have the advantages that, since light travels in straight lines, reference axes are 
‘ready-made’ to almost any desired length and that, by the use of penta-prisms and cubes. 
two or more lines-of-sight or reference axes may be readily obtained with inaccuracies of 
about 1” of arc (which is equivalent to 0-00006 in. ft.) 

In the actual measurement of alignment error, the parallel-plate optical micrometer [6] 
is the basis of a successful method shown in Fig. 13. The exact expression for d is unmanage- 
able for this particular application and so a detailed investigation for a simpler expression 
with negligible error was carried out [7], and it was found that there was a small optimum 
range for n around 1-60—1-62, where the simpler expressions could be applied with extremely 
small error; the standard glass with the nearest suitable value of m was Chance DF 605380 
(n 1-60919 at 5461 A). For the design shown the range is +0-010 in., the error due to 
approximation to the exact expression is 0°3 » in. and it is estimated that the total error 
does not exceed 5 p in. 

Research has been done on devices [8-27] giving the alignment of a point with a line as 
distinct with a plane as in the case of the auto-collimator [28]; however, all these devices 
except two [24-27] have visual read-out on a graticule in the eyepiece of a telescope and 
are therefore unsuitable for an automatic and continuous measurement system. The 

roblems of providing photo-electric read-out for these and other alignment devices are 
now being actively investigated. 

A general arrangement for a system of continuous alignment measurement is shown in 
Fig. |4—the reference axis generator is mounted, say, on the bed of the machine with a 
photo-electric detector mounted on, say, the table at the position where it is desired to 
measure displacement; an optical micrometer, operated by a phase-discriminative D.C. 
motor from the output of the detector, automatically adjusts the deviation of the light 
beam to give balance between the two photocells of the detector. By coupling a resolver or 
potentiometer to the rotation of the micrometer screw, a signal directly proportional to 
the deviation from true alignment may be fed to the servomechanism controlling the 
position of the tool, so as to compensate for the misalignment of the table. 
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micrometer 


Fic. 13. 


d sin — sin? 6 — cos 


. t exactly. 
Vn* — 0 


(1 


t with negligible error if 


n = 1-60919 
s 
if n = 1-60919 
m = 1-0000 in. 
§ = 4-9593 in. 
t = 0-1310 in. 
then d = 0-010000 in. with an error < 0-3 yu in. and 6d = 1 yw in. for dm = 0-0001 in. 


A general arrangement of one form of reference axis generator being investigated using 
a conical lens is shown in Fig. 15; illumination of the small aperture A by mono-chromatic 
light produces a virtual source 4 A2 as a circle of light of diameter d, where 


d = (n — 1) asin 26 (28) 
¢= (a 4 ‘) a sin? @ (29) 
n, n 


In the interference region [29], the radial spacing of the concentric fringes is given by: 


_ Ab + c) 
d 


where A — 5461 A. 


S (30) 
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Insertion of 

compensation signals 

by phase shift, etc 
4 4 


Balanced 
amplifers 


Resolver 
or 
potentiometer 


Micrometer Photocell 
screw 


from 

light beam 

Light beam 

generator on | Optical micrometer 

machine bed | on machine bed Photo-electric displacement 
detector on machine table 


Photocelll 


Fic. 14. Measurement of deviation from straightness by optical micrometer. 


In the present design: 


t = 0°25 in. 
from equation (28): d = 0-244 in. 
from equation (29); c = 7°163 in. 


from equation (30): S = 0-0033 in. 


[his is approximately the diameter of the central bright area which defines the position 
of the reference axis produced. 


Mercury 
light 
source 


Condenser Aperture Conical 
lens O0-Ol m/m lens 
dia. 


Fic. 15, Fringe generator using conical lens. 
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A general arrangement for a photo-electric displacement detector is shown in Fig. 
16—the incident light from a reference axis generator falls upon a right-angled prism having 
a straight and very sharp apex; the area of the bright central fringe is divided and focused 
on to two photo-cells “A” and “B”’. If the system is completely balanced by equalizing 
the sensitivities of both the photo-cells and the associated amplifiers, the difference between 
the two outputs will be zero when the apex of the prism lies exactly in the middle of the 
central fringe; the apex of the prism is thus the point or the plane at which misalignment is 
detected. Deviations from alignment with the reference axis will result in proportional out- 
puts from the photo-cell amplifiers, the sign of their difference giving the sense of the 
deviation. By the addition of a second pair of photo-cells at right angles to the first above, 
detection of misalignment in two ordinates from an axis may be determined. 


Output of 
photocell ‘A’ 


Output of 
photocell 


FiG. 16. Photoelectric displacement detector for fringes. 


INSERTION OF COMPENSATION SIGNALS 
INTO SERVO FEED DRIVE 
In the application of alignment error compensation to computer-controlled machines, 
provision must be made for modification of the feed drive system so that compensation 
signals may be inserted into its servo loop; the method of insertion must ensure that the 
performance of the feed drive system is unimpaired. Furthermore, as at the present time 
there are several highly-developed control systems available for feed drives [30], it is reason- 
able to pre-suppose the use of these and to therefore choose a method of insertion involving 
the minimum modification to such systems. 
At the present stage of these investigations, two methods of traverse measurement are 
being employed: 
(a) Diffraction Grating with digital output (Ferranti) [31, 32]: using 2500 lines/in. 
and 2 sets of photo-cells, a movement of 0-0001 in. corresponds to | digit. 
(b) Linear Resolver with continuous output (Farrand) [33, 34]: using 10 lines/in., a 
movement of 0-0001 in. corresponds to 0°36". 
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The first method of insertion to be considered was the direct addition of compensation 
signals to the standard machine controller (with the diffraction grating system [digital] 
and with tape programmes). This may be carried out by either of the following: 


(a) Direct Register Insertion; this would allow compensation signals to be fed directly 
into the registers of each control channel. 

(b) Synchronized Pseudo Signals; this requires the compensation signals to be syn- 
chronized so that they are converted into single pulses to form pseudo reading-head 
signals at a time when the normal reading head signals are absent. 


This method of direct insertion involves considerable modification to the machine 
controller and, further, as the development of such controllers proceeds, it will become more 
difficult to find the time and space (electronically) in which to insert additional signals. 
Another complication arises in the operation of the checking channel of the controller; 
referring to Fig. 17 it may be seen that for each channel an “addition unit” must be added 
so that the equality between the tape signals and the reading-head signals is maintained for 
normal operation of the machine. 

A method is now being investigated in which the phase of the reading-head signals is 
modified in proportion to the compensation required [35]. 

An arrangement for use with the diffraction grating system and Ferranti Mk III con- 
troller is shown in Fig. 18, and the operation is as follows: 

The checking unit has a storage system by which if the difference between the tape signals 


and the pulses from the reading head signals 
+ Y’+ 
4 


exceeds either 15 digits for more than 3 sec or 61 digits instantaneously then the machine is 
shut down. 

The rectangular block in dotted lines represents the components of the diffraction- 
grating traverse-measuring system for the machine table (i.e. X axis); light from lamps 
passes through the two gratings and energises photo-electric cells S and C, which are so 
arranged that their outputs are equivalent to sine and cosine waveforms with movements 
of the table along its traverse. These waveforms are normally fed straight into the direction 
discriminator of the machine controller, but for the case when alignment error compensa- 
tion is used, these waveforms are fed in via a phase-shift unit. It is necessary that the opera- 
tion of this unit should not interfere with the checking channel facility and it may be shown 
that this condition is satisfied as follows: 

Let a certain phase-shift of the photo-cell signals be introduced by the compensation 
system, the tape signals being zero. The sequence of events is then: 

Direction discriminator indicates sign of the phase shift. 

Sine and cosine waveforms converted to corresponding pulse trains. 

These pulse trains are then synchronized with signals from the tape and compared 
with them in the differencing unit. 

4. Since the tape signals are zero, all these pulses are fed into the servo drive via the 
digital ‘analogue converter. 
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Fic. 17. Insertion of compensation signals into diffraction grating system by direct addition 
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Fic. 18. Insertion of compensation signals into diffraction grating system by phase shift 
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The servo then moves the machine table (to which the diffraction grating system is 
attached) by an amount proportional to the phase shift introduced. 

The pulse trains (of 3 above) are also fed into the checking unit together with the 
tape signals; since the latter are zero, the checking unit register initially records the 
pseudo signals produced by the phase shift and then tends to zero as the real 
signals from the reading head come through with traverse of the table. The machine 
will not be shut down if the rate of insertion of the compensation signals does not 
exceed the limitations given above. 


If the tape signals are not zero, the overall operation is similar—the phase of the com- 
pensation signals being algebraically superimposed on the phase of the control signals. 

Several methods of introducing the required phase shift into the reading head signals 
are being investigated, one example being shown in Fig. 19. 
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Fic. 19. Phase shift unit for diffraction grating system. 


The output signals from the reading head are in the form A sin @ and A cos @, where 
{ is the amplitude and @ the phase angle. These are fed into two amplifiers having unity 
gain and with differential outputs, and then to the four quadrantal points on the winding 
of a toroidal potentiometer; the four rotor arms of this potentiometer are equally spaced. 

It can be shown that the outputs from the rotor arms are +A sin (@ + q@) and 

A cos(@ + @), where ¢ is the phase shift introduced by rotation of the potentiometer shaft 
carrying the rotors; with this diffraction grating system, a phase shift g of 90° is equivalent 
to 0-0001 in. movement of the reading head. 

It is apparent, therefore, that very accurate potentiometers of the sine/cosine type 
are not necessary, and that it is sufficient to use the much simpler linear winding type: 
it can be shown that, for the linear winding, the maximum deviation between the electrical 
phase shift of the waveforms and the mechanical rotation of the potentiometer shaft is 
4-1 which is equivalent to 0-000005 in. and is thus negligible; the amplitude of the out- 
put waveforms will vary from 0-71 A to 1-00 A but this has no effect on the operation of 
the system. 

For the insertion of additional compensating signals, the outputs +A sin (@+ q): 

-A cos (@ + @) may be fed into similar amplifiers and then to a second potentiometer to 
introduce a further phase shift ¥. 

At the end of such cascaded phase shift units, the outputs +-A sin(@ + @ + ¥#): 
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-+-A cos(@ + m + #) may be fed into the machine controller at the same points to which 
the reading head is normally connected. 

An arrangement for use with the linear resolver system is shown in Fig. 20, which is 
simplified to show only the basic elements required for the insertion of error compensation 
signals. 

The output from the reading head again consists of sine and cosine waveforms, as 
amplitude modulation of the 10 kc’s carrier wave. 

A two-phase type resolver is connected in the reading-head circuit and this again has 
the effect of producing a phase shift in the amplitude-modulated carrier from rotation of 
the resolver shaft, the relationship being directly proportional. 
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Fic. 20. Insertion of compensation signals into linear resolver system by phase shift. 


A number of intermediate resolvers may be cascaded to provide for the insertion of 
several compensating signals. 

In all cases a low source impedance buffer amplifier must be provided for each inter- 
mediate resolver as otherwise the total magnetizing current required for the resolvers 
becomes excessive and leads to errors; the amplifiers are also necessary to isolate the low 
impedance of the reading head windings from the output of the resolvers. 

The accuracy required from the resolvers is high, since if the table traverse is to be 
positioned to 0-0001 in., this is equivalent to an error of about 22 min., in the resolver, 
and if several resolvers are used in cascade the accuracy required has to be increased 
correspondingly. 

In order to obtain adequate sensitivity, the linear resolver is being used at 10 kc/s carrier 
frequency although it is possible to use it at 1 kc’s. At the present time resolvers are not 
in general production for use at 10 kc’/s, but measurements on the Muirhead type 23M7AI 
in conjunction with a suitable amplifier have shown that its performance at 10 ke/s is not 
significantly different from that at its normal test frequency of | ke’s. It has been found 
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possible to select several units having rectangularity errors within +-14 min at the normal 
test frequency and it is therefore reasonable to expect this accuracy to be maintained at 
10 


6. EXPERIMENTAL GRINDING RIG FOR STRAIGHT EDGES 


As, at the present time, the design and construction of the computer-controlled profiling 
machine are still proceeding, it was decided to commence experimental work by an in- 
vestigation into the problems of grinding long steel straight edges, using compensation 
along one axis only. 

Fig. 21 shows the schematic design of the rig. 
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Fic. 21. Straight-edge grinding rig. 


The headstock of a Cincinnati milling machine has been replaced by a 4 h.p. Duplex 
grinder motor, the position of which can be automatically controlled by a hydraulic servo- 
mechanism to follow the surface of a standard straight edge mounted alongside the work- 
piece on the table of the machine. 

The grinder motor is a standard design which has been modified to accommodate R. 
& M. Grade 7 angular-contact ball bearings; at the wheel end of the spindle, two matched 
bearings are mounted back-to-back with preset pre-load and at the other end of the spindle, 
there is a single bearing which is axially spring-loaded to about 25 lb to ensure that the 
balls and tracks are maintained in their correct tracking position. The axial slip of the 
spindle has been measured as 0-00006 in., whilst the radial slip is 0-0003 in. 

The output of the electronic displacement meter in conjunction with a capacitive probe 
is fed into one of the pair of valves in the differencing unit connected as a “‘long-tailed”’ circuit 
with unity gain; into the other valve is fed a reference voltage of 10 V of very high stability. 
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It may be seen that the parameters have been arranged so that the output of the differ- 
encing unit is zero when the spacing between the capacity probe and the standard straight 
edge is about 0-005 in.; if then, during the grinding operation, this spacing changes as a 
result of the alignment error of the table in the vertical direction, a corresponding output 
signal from the differencing unit is fed into the amplifier of the hydraulic servo valve. This 
valve then actuates the piston to move the grinding head in such a way that the spacing 
of the capacity probe is maintained at a constant value of about 0-005 in. ; thus the alignment 
error of the table is compensated by an equivalent movement of the grinding head. 

The feed, which is of the order of 0°0001 in., may be controlled either mechanically 
by variation of the spacing of the capacity probe or electronically by variation of the refer- 
ence voltage. 

For the material of the workpiece, Edgar Allen 66 die-steel hardened and tempered to 
about 725 V.P.N. is being used, being chosen particularly for its stability and rust resistance. 

For the grinding-wheel, several types are being investigated to obtain minimum wear 
during one pass along the straight edge with freedom from clogging. 

Although this arrangement is used for machining a straight edge, by substitution of the 
standard straight edge for a master template it should be possible to grind curved and sloping 
edges. 
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8. APPENDIX 


Calculation of Error Components E, and Ey, for Table (or Longitudinal Traverse) due to 
Yaw—Rotation about OZ axis and Translation along OY Axis (Figs. 4a and 4b) 


y2 — 
Angle of yaw 6, — tan! (- (1) 
X2 


6, is when y2 > ys and when yo < yz. 


(a) Calculation of Ex 


ik 
bk . sin 
th . sin 6 


(vy — . sin 6, 


yi) . {tan 6,(1 tan? @,)*! 


From (1) and (2): 


(3) 


| (x2 — X1) 


Thus, equation (3) is an exact expression for E,; since 6, < 1, the second term may be 


neglected with an approximate error of 


(b) Calculation of Ey 


| Ey = hi 
= bi 
bk bh 
fh . cos @, — bh 
(vy — yi) . cos 6, — bh 

(vy — yi) + tan? — bh (5) 
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From (1), (5) and (6): 


E {(x2 — x) (y2 — yi) — — x) (Ws — 
(x2 — x1) 


Thus equation (7) is an exact expression for E,; since 6; < 1, the second term may be 
neglected with an approximate error of 


Ey = My — yi) (= Ja) (8) 


(c) Notes on equations (3) and (7) for Ex and Ey, 


(i) x and y are the co-ordinates of the effective cutting point P—these will differ 
from the cutter centre co-ordinates (Y¥,: Y-) by amounts varying from zero up 
to plus or minus the cutter radius r. 

(ii) (vy — y1) Is the distance from RR’ or P; P2 and varies both with the cross-traverse 
Y, and with the cutter radius r. If RR’ or P; Pz are mounted on the side of the table, 
(vy — yi) will range from zero to the maximum value of cross-traverse. 

(ili) (v2 — yi) and (ys — yi) are the changes in displacement as measured by the probes 
P, and Pz to the reference plane RR’. 

(iv) The cutter centre co-ordinate (X;) is the ordinate of the cross-slide and is constant. 
In Fig. 4(a), (x2 — x) and (x; — x) vary with the cutter radius, but in Fig. 4(b), 
these parameters vary both with the longitudinal traverse and with the cutter 


radius. 

( y is the rotation of RR’ or P; Pz with respect to its neutral axis (which is 
X2 Xi 


at a distance y; from and parallel to OX). 
(vi) (x2 — xj) is the spacing between the two probes P; and P2 as measured along OY. 
(vii) yi is the distance from OX to the neutral axis of RR’ and P; Pz and does not vary 
with any traverse. 


(d) Examples of errors on proposed machine 


From the details of dimensions of the machine given in Section 3A and of alignment 
errors given in Section 3B, the rotation of the table due to yaw may be calculated as follows: 
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Factor Estimated 


Manufacturing tolerance 
Wear 
Oil film 


Maximum 


Total 0-000283 


* (0-004 in. in 4 ft). + (4 of 0-002 in. in 4 ft). 


From these figures, E; and E, may be calculated as follows: 
12 « 0-000214 = 0-00514 in. 
SE, = 4 < 12 x 0-000214° = 0-12 10 in. 
Ey = 4ft x x 0-000214 0-0103in. 

2 ft x 12 x 00002142 = 0-55 = 10% in. 


E; 2 ft x 


dEy = 4 
SE, and 5£, are thus very small and it can be concluded that, for all practicable machines, 
these terms may be ignored and hence Ey, Ey, Ez may be assumed to be directly propor- 


tional to the changes in displacement as measured by the probes. 
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COMPARISON OF TWO CURRENT THEORIES 
OF MACHINE TOOL CHATTER 


C. ANDREW* and S. A. Tosrast 


A CRITICAL 


Summary—This paper discusses and compares two current theories of machine tool chatter, considering 
differences in their basic assumptions, their theoretical structure and their conclusions. It thus clarifies 
their particular fields of application and indicates the requirements of a generally applicable chatter theory 
combining the sound features from both. 
INTRODUCTION 
AS CUTTING materials improve and metal removal rates increase, the capacity of a machine 
tool is being limited more and more by a vibration frequently accompanying the machining 
process, known as machine tool chatter. The limitations manifest themselves principally in 
defective surface finish, poor machining accuracy and greatly reduced tool life. The last 
mentioned limitation is of particular importance with many of the new cutting tool materials 
developed to maintain a high hardness up to elevated temperatures. These are more brittle 
than conventional materials and thus more susceptible to damage from vibration. 

Machine tool chatter is a self-excited vibration the amplitude of which can build up 
without the presence of any oscillatory forcing agent, such as out of balance rotating parts, 
intermittent cutting, etc. Remedies associated with these forced vibration problems, such as 
accurate balancing, mounting on vibration isolators, etc., are of no assistance when dealing 
with chatter, which arises through the machine structure and the process of chip formation 
combining to form a dynamically unstable system. Up to the present, several distinct 
physical phenomena have been put forward, which, separately or combined, explain the 
occurrence of chatter. The most important of these, and that which is to be considered in 
this paper, is the so-called regenerative effect. 

In recent years two theories dealing with regenerative machine tool chatter have been 
developed independently, one by Tobias and Fishwick [1] and the other by Tlusty and 
Polacek [2]. Both theories have been applied to a number of machining processes with 
considerable success, claiming thus, with minor reservations, acknowledgment of general 
validity. In the present paper a critical comparison of these two theories is being made. 
Their basic assumptions, their theoretical structure, their power of explanation and their 
limitations are discussed. With this their relative status is clarified and the basic foundations 
of an integrated theory, combining the indisputable features of both theories, are being laid. 


REGENERATIVE CHATTER 

A schematic representation of a machine tool under cutting conditions is shown in 
Fig. 1. The machine structure “‘surrounds” the workpiece and tool as the chip is removed. 
The cutting force exerted on the structure by the cutting action produces a structural de- 
formation, a “prising apart” of the parts of the machine holding the tool and workpiece. 
This relative deflection of tool and workpiece in turn alters the cross-sectional area of the 
chip being removed, and hence the magnitude of the cutting force. The mechanics of such 
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machining can thus be represented by a closed loop system, with the two principal compo- 
nents: 
the dependence of the cutting force on the relative displacement between tool and 
workpiece; 
the response of the structure to variations in the cutting force, causing tool-work- 
piece relative displacement. 


Too! 
ool — 

workpiece 
relative orce 


displace- | 


Chip formation 


Machine structure 


Fic. 1. Schematic representation of a machine tool in operation. 


Any analysis of chatter must include these two components. These being fundamental, 
it is convenient to use the assumptions made for them, and the subsequent analytical mani- 
pulations, as a basis for comparison of chatter theories. 

The deflections, and the forces causing them, are essentially dynamic quantities, varying 
with time, of which the static or average values are special cases. Figure 2 shows schematic- 
ally the formation of a chip under such dynamic conditions. Consider that during the cutting 


pass to form the top surface there is some disturbance of the cutting process, due to a hard 
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Fic. 2. Formation of chip under dynamic conditions. 


spot in the material, etc. Whatever the cause, this disturbance results in a vibration of the 
machine structure to give relative tool-workpiece displacement, and hence a wave on the 
surface is formed. During the next cut this wave causes a variation of the chip size, which 
produces a varying cutting force. The varying cutting force will, in turn, excite the structure 
to give further relative vibration between tool and workpiece and another wavy surface. 
The surface wave is thus regenerated from one cut to the next. 
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i The stability of such a machining process can be defined as follows: when the amplitude 
7 of the regenerated wave is larger than that of the generating wave, the amplitude will increase 
7 from cut to cut, i.e., the system is unstable and chatter occurs. When the amplitude de- 
creases, the system is stable, and disturbances die out. Both theories considered here set 
out to find the conditions existing at the stability boundary when waves are regenerated at 
a constant amplitude. 
CUTTING FORCE ASSUMPTIONS 
As an element of the mechanical “loop” description of machining, assumptions are 
; required for the way the cutting force varies when cutting a chip, as in Fig. 2. Tlusty and 
Polacek have simplified this relation by assuming that the amplitude of the cutting force 
: variation is directly proportional to the variation in chip cross-sectional area. Thus, in 
‘ Fig. 2, if the chip has a constant width, the area variation is directly proportional to the 
a 
Vv 
2 
o 
= 
S 
UO 


Fic. 3. Variation of cutting force with (a) chip depth, and (b) cutting speed, under steady 
conditions. 


chip thickness variation ds. According to the figure, ds = x — xo, where xo is the wave 
cut on the surface in the previous cut (top surface of chip) and x is being produced at the 
present time. The force variation can thus be written as: 

dP ks ds ks Xx Xo) ( l ) 
The magnitude of the sotal thrust variation factor* ks; decides whether or not the machining 
process will be stable on a given machine: ks is proportional to the chip width. For a given 
structure and nominal cutting conditions there is a boundary value of the chip width above 
which chatter is present and below which the process is stable. Tlusty and Polacek aim at 
determining that value of ks which corresponds to this boundary value and which will be 
denoted by ks,,i,, representing the minimum value of the total thrust variation factor at 


which chatter can arise. 

Tlusty and Polacek assume that the relation between the cutting force and the chip 
depth, which determines ks, is the same as that arising under steady state cutting conditions. 
With this assumption, ks is found by plotting the steady state cutting force P as a function 


* The total thrust variation factor ks is denoted by Tlusty and Polacek as the **Koppelungskoeffizient r” 
The different nomenclature has been introduced to show more clearly the relation between the two theories, 
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of the chip depth (chip thickness) for a given set of cutting conditions, and determining the 
slope of this curve at the nominal depth of cut so, i.e. ks = dP/ds as shown in Fig. 3(a). 


Tobias and Fishwick, on the other hand, consider chatter to be a dynamic process and 
that consequently force-displacement relations cannot be read across from steady state 
cutting tests. They assume that under chatter conditions the cutting force P is a function 
not only of the chip thickness s but also of the feed velocity (penetration rate) r and the 
rotational speed 2. From this they derive the dynamic cutting force increment 

dP = ki ds 4 = (ks —k L | 2k, (ks ky) 4 dQ (2) 


~ 


where z- is the mean number of cutting edges in simultaneous contact with the workpiece, 
out of a total of z cutting teeth. so is the nominal feed and 2 the nominal rotational speed 
of tool or workpiece. ks is the total thrust variation factor, determined in accordance with 
Fig. 3(a). kp is the speed variation factor which is determined by finding the slope of the 
cutting thrust versus cutting speed curve ky and dividing it by the workpiece or tool radius R, 
as shown in Fig. 3(b). Both ks and kg are “static” coefficients which can be found from steady 
state cutting tests. On the other hand, the chip thickness variation factor k, is a dynamic 
coefficient which can be determined only by special experiments. ks — k; = K is called 
the penetration rate factor. 

Tobias and Fishwick assume that the variation of the rotational speed 2 can be neglected 
(Tlusty and Polacek make the same assumption) and consequently the third term in equation 
(2) can be omitted. From the resulting equation they derive 


T\ . 
iP = zk x Ze x 3 
cky | x(1) x (3) 


T 
where x(f) {4 represents the instantaneous variation of the chip thickness, 


T 
(1) corresponding to x and (0 4 to xo in Fig. 2. 


It is clear that the expression of the dynamic thrust variation dP as derived by Tobias 
and Fishwick (equation (3)) is considerably more complicated than that used by Tlusty 
and Polacek (equation (1)). The following differences between these equations are to be 
noted: 

(1) Equation (3) includes the mean number of cutting edges in simultaneous contact, 
ze. The significance of this is explained with Fig. 4, which shows two cutters re- 
moving the same total depth of material, however, one with two teeth and the 
other with just one. Since the total chip area removed is the same for each case, 
the total mean cutting forces will also be of the same order. However, for stability, 
it is the cutting force variation due to a given relative displacement of tool and work- 
piece which is significant. If two teeth are in contact, a given displacement results 
in twice the chip area, i.e. cutting force variation, as when one tooth is in contact. 
In that case, chatter will arise at half the chip width necessary to give rise to it 
for the single edge case. 

Equation (3) consists of two parts. The first corresponds roughly to equation (2), 
representing that part of the thrust variation which is due to the chip thickness 
variation only. The second part represents the thrust variation due to the variation 
of the penetration rate (feed velocity), the effect of which does not enter at all in 
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the theory due to Tlusty and Polacek. This component serves to explain some 

experimental facts, as will be seen later. 

(111) Equation (3) contains the time of workpiece or cutter revolution T (and the rota- 
tional speed 22 = 27/T) and through the term x(t — [7/z]) the phasing between 
the top and bottom surface waves of the chip removed (see Fig. 2). This feature 
also explains certain important experimental facts, as will be shown shortly. 

(IV) Equation (3) contains a dynamic constant, the chip thickness factor k;, which 

must not be confused with the total thrust factor ks, contained both in equations 

(4) and (2). 


| 


Fic. 4. Effect of number of teeth in cut. 


STRUCTURAL ASSUMPTIONS 

It is now necessary to consider the second part of the “loop” describing the mechanics 
of machining, i.e., the way the structure responds to variations in cutting force and thus 
causes tool-workpiece relative displacement. Both theories assume that machine structures 
have sufficiently small damping for their vibration characteristics to be considered as com- 
posed of the superposition of separate motions of many structural modes. Each mode is 
defined by a vibrating shape, in which the amplitude of the motion of any point on the 
structure follows the amplitude-frequency relation of a single degree of freedom system. 
Thus, for each mode, since the vibrating shape is fixed, the relative motion between tool 
and workpiece lies along a straight line with a fixed direction, and its amplitude has single 
degree of freedom amplitude and phase characteristics. 

The procedure with which Tlusty and Polacek introduce the structural characteristics 
into their theory will be explained with the aid of Fig. 5. The single degree of freedom system 
shown in Fig. 5(a) is used to represent the relative motion between tool and workpiece 
when the structure vibrates in one particular mode. The end mass m is constrained to 
move in the direction X, which corresponds to the principal direction of oscillation between 
workpiece and tool in that particular mode. If the system is excited by a force P(w) acting 
in the direction X, then the response of the mass will be denoted by X(w). The variation 
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of the amplitude of the response as a function of the exciting frequency w, for force of unit 
magnitude, is shown in Fig. 5(b), this being the well-known resonance curve of a single 
degree of freedom system. 

It is only the component normal to the machined surface of the response X(w) which 
leaves surface marks and produces a cutting force variation dP. Let now the direction of 
this normal be denoted by Y in Fig. 5(c) and let the angle between the normal Y and the 
principal direction of oscillation be a. The response of the mass in the direction Y will then 
be given by X(w) cos a. However, as a rule the cutting force P does not act in the direction 
X but forms an angle 8 with the normal to the machined surface, as shown in Fig. S(c). 


Fic. 5. Schematic representation of structural mode—after Tlusty and Polacek [2]. 


The cutting force component in the direction X is clearly P cos (a -- 8) and this produces 
in the direction Y the response Y(w) X(w) Cos a cos (a p) F(w) P where 


X(w) 


F(w) p COS a COS (a B) 


is the directional response function, a graphical representation of the amplitude variation 
of which being shown in Fig. 5(d). 

Every mode of the structure can now be treated in a similar way. In general, the principal 
direction of oscillation (direction X) will vary from mode to mode, being always determined 
by some value of the angle a. Moreover, the response function X(w) will also vary from mode 
to mode. With these a directional response function Fj;(w) for each mode can be found, 
and the sum of these, the overall directional response F(w) = S Fi(w) describes the motion 


i 
of the structure in the direction normal to the machined surface, for a harmonic force 
which acts in the direction of the cutting force P. 
Tobias and Fishwick restrict their attention to the case when those modes of the structure 
which can be excited by a force, acting in the direction of the cutting thrust, are well separ- 
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ated in frequency. Under these conditions, the relative motion between tool and workpiece 
to cutting force variations can be described by an equivalent system 


mx + cx +- Ax —dP (4) 


where m, c and A are equivalent constants determined from resonance tests. The displace- 
ment x falls in the principal direction of oscillation between tool and workpiece, and dP 
is given by equation (3). 

Each mode which can be excited under these conditions can be represented by such an 
equivalent single degree of freedom system, and according to Tobias and Fishwick the 
chatter behaviour of each mode, i.e. of each single degree of freedom system, must be 
investigated separately. In practice, the number of modes which must actually be con- 
sidered is limited, those modes which are of practical importance being discovered by 
investigating the actual motion of a machine during chatter. 


DERIVATION OF THE STABILITY CONDITION 
Tlusty and Polacek consider chatter as a problem of forced vibrations, where the wave 
produced during one cut excites a further wave on the succeeding cut. Considering their 
assumptions so far: 
Cutting force variation (equation (1)) dP k(x xo) 


Response of x to force dP x=dP. F(w) 
Combining these equations an expression relating the amplitudes of successive cuts is 
derived as 
F(w) 


ks | xX = keXxo (5) 


where the right-hand side is a “forcing” term and the left-hand side a function describing 
the response of x to a given force. The boundary of stability is assumed to occur when 
x and xo have equal amplitudes. Introducing this condition into equation (5) and carrying 
out certain algebraic manipulations leads to an equation which determines the minimum 
value of the total thrust variation factor Kspi, at which chatter can just be maintained. Since 
ks is proportional to the chip width, Ks,,;, determines the minimum unstable chip width, 
any width smaller than that being machined without chatter. Owing to the complexity 
of machine tool structures, ks,,;, 1s found graphically, although this is not an essential 
feature of the theory. 

Tobias and Fishwick consider chatter to be a problem of dynamic stability. By sub- 
stituting equation (3) into equation (4) they derive 


mx — 20K + (A + — Zekix 0) (6) 
This is a linear differential equation of second order and consequently it has a solution of 
the type x — Ae* cos wt. If now a certain set of cutting conditions leads to an exponent 
5 > 0, then the amplitudes of the vibration x should increase exponentially with time, 
indicating the cutting condition to be unstable. 5 < 0 defines decreasing amplitudes, that is, 
stable cutting conditions. It follows that the threshold of stability conditions are found by 
making 5 = 0, i.e. by substituting x = A cos wf into equation (6). These conditions define 
those values of k;, as a function of the rotational speed 2, at which the system is on the 
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threshold of stability. The chip width is again taken to be proportional to the chip thickness 
variation factor k, and consequently for each value of the non-dimensional rotational 
speed ©2/wo (wo being the natural frequency of the mode the stability of which is being 
tested) a minimum value of kj, i.e. chip width, is found which can just maintain chatter. 
This information is presented graphically as a stability chart. 

Before discussing the final results of the two theories, attention ought to be drawn to 
certain similarities between them. Since both theories are concerned solely with boundary 


Fic. 6. Phase restriction due to several teeth in cut. 


conditions, it is immaterial whether the problem is treated as one of forced vibration or 
dynamic stability. The essential difference between the two approaches lies in the different 
initial assumptions and not in their theoretical apparatus. 

These features will become clear by writing equation (6) in the form 


mi 4 (< + (+ = (1 — 7) 
This can now be compared directly with equation (5) 

F(w) 
which is the equivalent equation due to Tlusty and Polacek. 

(1) m¥ + cx + Ax corresponds to 


ks X= Ksxo (5) 


l 
Flo) 
the difference being that the latter term includes the effect of all structural modes, the 
former of only one. 

(Il) In equation (5) the penetration rate factor K appears as an additional damping 
coefficient. When K > 0 then the additional damping is positive and so the system is made 
more stable. Since K appears as divided by the rotational speed, the influence of this effect 
increases with decreasing speed. 

(111) The response of the displacement x in Tlusty and Polacek’s expression 
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to a fixed force, is a series of resonance curves, one corresponding to each mode. It is 
assumed that chatter occurs at the largest resonant amplitude given by this response. How- 
ever, to excite at resonance requires a fixed phase between exciting force and excited ampli- 
tude, and therefore, in this context, a fixed phase between the two surface waves, x and Xx». 
Now consider a machining case with more than one tooth in contact with the we rkpiece, 
as in Fig. 6. The phase between the two waves at the cutting edge is fixed by the time be- 
tween successive edges passing a given point on the surface (Tobias and Fishwick’s T) 
and the chatter frequency. Thus, in this case, the phase between successive waves is not, in 
general, that corresponding to the largest resonant amplitude of Tlusty and Polacek’s 
expression 


| 
F(w) 


but will only be compatible with one particular off-resonance condition, and the stability 
is thereby improved. Thus, in short, by placing no restriction on the relative phase between 
successive surface waves, Tlusty and Polacek limit themselves to cases of effectively single 
pass machining, such as planing and shaping. In processes where often several cutting 
edges are in simultaneous contact with the workpiece, such as drilling, broaching, milling 
with multi-toothed cutters, etc., their conclusions are pessimistic over certain speed ranges. 


COMPARISON OF CONCLUSIONS AND 
EXPERIMENTAL VERIFICATION 
The differences between the two theories are most clearly demonstrated by a comparison 
of their conclusions. This is most conveniently carried out by plotting the final results 
obtained by them in the form of stability charts, as this is normally done by Tobias and 
Fishwick. Such a chart shows the minimum unstable cut width, or a coefficient proportional 
to that, as a function of the rotational speed of the tool or workpiece. 

Figure 7(a) shows such a stability chart as calculated by the theory of Tlusty and Polacek. 
Since according to them the minimum unstable cut, that is, Aspj,, is constant and inde- 
pendent of the rotational speed Q, the stability chart consists of a line parallel with the 
abscissa, at an ordinate value corresponding to ks,,;,. All ks values larger than this are 
unstable, this being indicated by shading of the area lying above Ksmmin- 

Figure 7(b) shows a stability chart as calculated by the theory of Tobias and Fishwick. 
The shaded areas correspond once more to unstable cutting conditions. It can be seen that 
chatter is predicted to arise in certain speed bands, which are separated from each other by 
stable speed bands. Above a certain speed all speeds are supposed to be stable. The pre- 
diction of unstable speed bands interspersed with stable speed bands can be traced to be 
due to the inclusion of the time between successive cuts (7/z), i.e. the phasing of the surface 
waves cut in successive cuts, in their theory. It is noted also that all unstable bands have a 
lower envelope which raises the unstable bands at low speeds to high values of the chip 
width (or kj). This is due to the inclusion of the penetration rate coefficient in their theory 
and the assumed variation of the penetration effect as a function of the rotational speed.* 

The question that remains to be answered is which of these two types of charts are 
encountered in practice. The answer is given in Fig. 8, which shows the experimentally 


* Strictly speaking, equation (2) is valid only for small variation of ds, dr and d&2. Under these conditions 
the coefficients of these terms, i.e. ki, K, Ag, etc. are constant. However, in the stability chart the rotational 
speed {2 varies within wide limits, and Tobias and Fishwick tacitly assume that equation (2) is valid also 
in their case. This assumption is justifiable by the correspondence of experimental and theoretical results. 
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CONCLUSIONS 

Although a comparison of Fig. 7 with Fig. 8 appears to invalidate the theory due to 
lusty and Polacek, this impression is by no means correct. Certain omissions of their 
theory, for instance the absence of the effective number of cutting edges, do not represent 
errors in principles and are easily introduced. With these the theory yields not the minimum 


determined stability chart of a face milling process, carried out on a vertical milling machine. 
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side (normally increasing with decreasing speed). 
theory due to Tobias and Fishwick cannot be applied at all, for instance when the natural 
frequencies of two or more modes are close to each other. In cases like these the theory 
due to Tlusty and Polacek is still applicable, leading to results which though erring on the 
safe side are nevertheless of practical use. 


from Tobias and Fishwick 


Stability charts as derivable from (a) Tlusty and Polacek [2], (b) Tobias and Fishwick [1]. 


value of the total thrust variation factor but 4j,,;,. It can be shown that, in practical cases 
where both theories can be applied equally, this 4;,,;, value is in fact proportional to the 
horizontal asymptote of the stability band envelope in Fig. 7(b) or Fig. 8. Thus, although 
the theory due to Tlusty and Polacek leads to an erroneous result, the error is on the safe 
However, there are cases when the 
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Quite in general, it is only too obvious that the strength of the method due to Tlusty 
and Polacek lies on the structural side of the chatter problem. Their theory takes full 
account of the structural characteristics of the machine and shows how each mode contri- 
butes to the overall chatter behaviour, making a comparison of the general stability levels 
of given machine structures and cutting orientation possible and indicating the optimum 
lines of development of improved structures. On the other hand, the strength of the method 
due to Tobias and Fishwick lies on the cutting force side of the chatter problem, giving a 
more accurate representation of the dynamic cutting of metals by taking into account the 
effect of the rate of penetration, the number of cutting edges in simultaneous contact and 
the rotational speed. 
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Fic. 8. Experimentally derived stability chart—Tobias [3]. 


It is concluded that the two theories are approximately complementary and that a 
synthesis of them ought to yield a method with their respective advantages, without their 
limitations. Such an integrated theory has, in actual fact, already been developed. This 
theory represents a considerable advance towards the final solution of the chatter problem 
but leaves nevertheless a good many problems still unsolved. 
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TORSIONAL VIBRATIONS OF MACHINE TOOL POWER DRIVES 
AS INFLUENCED BY DAMPERS AND FLYWHEELS 


M. Sapowy* 


INTRODUCTION 


SATISFACTORY operation of machine tool power drives depends largely upon successful 
solution of dynamic problems. The investigation of the torsional vibration characteristic 
of machine tool drives becomes, therefore, an increasingly important part in the design of 
machine tools. 

In general, machine tool drives are calculated with respect to static loads only, and 
dynamic calculations are neglected in many cases because of the complexity of traditional 
methods, and because of some difficulties in proper interpretation of theoretical results in 
everyday design work. Rather frequently, this purely static approach proves to be not 
quite successful, and modifications of prototypes may be then necessary. In order to be 
effective, these modifications must be based on a thorough understanding of the dynamic 
behavior of the entire machine tool drive. They must consider not only the static stiffness of 
the drive, but also the inertia and damping effects. 

In many cases, modifications of machine tool drives can result in applications of fly- 
wheels and dampers. These should be used not only as means of remedy for existing dynamic 
disturbances in machine tool operation. They are even more effective if applied as inde- 
pendent and equivalent elements at the very first stage of machine tool design, 1.e. if included 
into the basic design concept. In any case, the proper application of flywheels and dampers 
presupposes a thorough analysis of machine tool drives as dynamic systems. 

In order to elucidate some of the possibilities for this analysis, the paper describes a 
simplified approach for calculating machine tool drives. The emphasis is put on an ap- 
proximating reduction of actual continuous systems to relatively simple equivalent lumped 
systems. The term of the modes of vibration applied to these systems facilitate a better 
understanding of the dynamic behavior of machine tool drives. Analogue techniques simplify 
even more the theoretical discussion. Theoretical results are in good agreement with experi- 
mental values. 


PROCEDURE—REDUCTION TO AN EQUIVALENT SYSTEM 
Equivalent Shafts 
The basic expressions (1) and (2) for torsional deformation of shaftst+ 
T Gx 
_T 


6 L 


* College of Engineering, Marquette University, Milwaukee, Wisconsin, U.S.A. 
+ For list of symbols see Appendix I. 
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are valid for uniform shafts only. In the case of the non-uniform shafts, the expressions 
must be applied to each part of the shaft separately, and the parts considered in series. 
In involved systems, it is convenient to reduce the system to such a series of uniform 
shafts. 
Torsional stiffness of uniform shafts can be compared conveniently either by 
(a) reducing the original shafts to uniform shafts having identical diameter, and 
comparing the lengths of the uniform shafts, or by 
(b) reducing the original shafts to uniform shafts of identical lengths and comparing 
the diameters of the uniform shafts. 
With La and L, as lengths of the actual shaft and of the equivalent uniform shaft, 
respectively, and with Dg and D, designating the corresponding diameters, the reduction 
to an equivalent uniform shaft can be conducted accordingly to 


Le = Le X where D, = const. (3) 
De = Da *\/(Le/La), where Le = const. (4) 


For N shafts, or flexible members acting in series the equivalent length and the equivalent 
spring constant can be obtained from 


(5) 


respectively. 


Equivalent Geared Systems: 


A geared system represents a series of rotating members. Each member exhibits charac- 
teristic properties with respect to inertia and elasticity, and rotates with a constant (average) 
speed. Speed differences between the individual members are governed by the speed ratio 
(transmission ratio). The geared system is a multi-speed system. Considering torsional 
vibrations of such a system, it is convenient to simplify the original multi-speed system by 
converting it to an equivalent one-speed system. The speed of the equivalent system can be 
chosen arbitrarily. Usually, it is convenient to accept the input speed or the output speed as 
reference. 

In the case that a parallel N shaft system (e.g. in Fig. 1) is to be reduced to a one- 
speed system, the latter assumed to operate with the speed of the shaft, N, it is convenient 
to apply the following procedure: 

1. to divide the system into separate parts (shafts), each of these parts rotating with a 

constant speed, 

. to calculate the torsional spring constant and the mass moment of inertia of each 
part separately, 

. to accept one of the parts, usually the last shaft, or even the member holding the 
workpiece or the cutting tool, as reference part, and the speed of this reference part 
as reference speed, 

. to calculate the speed ratio (transmission ratio), “e”, of each part with respect to 
the reference part. The ratio, “e”’, can be obtained easily from the design data, e.g. 
speed diagram in Fig. 2. 
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5. to remove all gears and to multiply simultaneously the inertia and the spring values 
of each part by the square of the corresponding transmission ratio. 
Calculation examples for equivalent shafts, and of the mass moments of inertia are 


given in Appendix II and III. 
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Fic. 2. Speed plan for the drive in Fig. 1, only one possible configuration of gears considered. 
(Horizontal lines represent in- and outputs for various stages; vertical lines represent speeds 
(rev/min); sloping lines connecting various points of the horizontal lines indicate the 

transmission ratio “e” for the particular stage.) oe 
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Machine Tool Power Drives 


Generally, in machine tool power drives the following main groups can be discerned 
(see Figs. 3 and 4): 

1. the driving motor, 

2. the geared drive, 

3. flexible connectors between motor and drive, and 

4. the member holding the cutting tool, or the workpiece. 


Y 


a 


Fic. 3. Main drive of a special milling machine. (Only one configuration of the gear train.) 


Fic. 4. Main drive of a grinding machine. (The multi-speed gear drive shrinks 
here to a one-speed shaft.) 
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With respect to torsional vibrations, the dynamic properties of each of these groups 
can be discussed in first approximation as follows: 

The driving motor exhibits spring, inertia and damping properties, which are charac- 
terized by the electrical and mechanical transfer function of the motor. The geared drives 
tend, accordingly to design trends, toward high stiffness and low inertia, while the flexible 
connectors between motors and geared drives, usually vee-belts, elastic clutches, etc., 
generally exhibit predominant elastic properties, low damping and negligible inertia. In 
workpieces, cutting tools, and in their respective holding devices, inertia properties prevail. 
All of these groups influence the dynamic behavior of the entire drive, accordingly to their 
dynamic properties. 

In order to discuss this influence, it is necessary to convert the multi-speed system 
represented by the original drive to a more simple one-speed system, as previously men- 
tioned, by treating the belt drive as an elastic shaft, and reducing all shafts to the speed of 
the shaft NV. (For example, the drive in Fig. | can be reduced to the one-speed system in 
Fig. 5.) For this conversion the following expressions are valid: 


; Cy-1 


> 
x ey 1/N Co 0/1 x ese en 1/N J 


Jo Jo eo 1 ey 


Consideration of this system (Figs. | and 5) is simplified by the use of the following 
assumptions: The moments of inertia of the gears and of the shafts are negligibly small 
compared with the moment of inertia at the input and output of the geared drive. The 
connections between the shafts are rigid and without backlash, and the bending of shafts 
can be neglected. Usually, these assumptions have to be discussed for each practical case, 
and the procedure modified, if necessary. 


Discussion of the Equivalent System: 

Under the assumptions listed above, the one-speed system in Fig. 5(a) can be further 
reduced to the system in Fig. 5(4). In this system the aforementioned groups of the drive are 
represented as follows: 


Jo: Ji, 14; Jy, 2= Mass moments of inertia of the rotating motor parts, the pulley at 
the input of the drive, and the workpiece (or cutting tool) at the 
drive output, and 

C, and C;,,,; = The spring constants of the vee-belt and of the geared drive, respec- 

tively. 


Both main groups of the system in Fig. 5(5) can be discussed separately and the behavior 
of the entire system obtained by system synthesis. This approach simplifies the discussion 
of damper- and flywheel-problems. Moreover, the separate discussion of the geared system 
helps to discover the ‘“‘weak spots” of the drive and thus yields valuable results for proper 
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design. Practical investigations have been conducted on a 4-parallel-shaft drive and are 
described here in detail. 


Jo Jin 


had 


J! 


N,2 
Fic. 5(a). Equivalent one-speed system for the drive in Fig. 1. 
(b) Simplified approximation of the system 


INVESTIGATION RESULTS 
Basic System 


The investigated drive consisted of a vee-belt drive, and a geared part. The latter had 
four parallel-shafts (NV = 4 in Fig. 1). The spring constants of the shafts, referred to the 


TABLE 1. EQUIVALENT LENGTHS AND SPRING CONSTANTS 


Shaft* | 1 2 4 | Vee-beltt 


x in. 
rad 


) | | 5-5 x 108° | 5-4 x 108 | 4 x 106 


| 
| 


* Calculated values. 
+ Measured values. 


speed of the shaft 4, are given in Table 1. From here the spring constant of the entire geared 
part of the drive has been calculated, according to equation (6), to 16-8 « 10® !b ft/ rad. 
The spring constant of the vee-belt drive has been measured experimentally, and reduced 
to the speed of shaft 4 (see Table 1). With the spring constants of the geared part, and of 
the vee-belt, considered in series, the spring constant of the entire power drive has been 
calculated to 12 x 10® lb ft/rad. 

The equivalent values of mass moments of inertia, referred to shaft 4, are given in 
Table 2. It is important to note that the inertia values at the input and at the output of the 
geared drive are of the same order of magnitude and approximately 30 times larger than 
the largest inertia value within the geared drive. 
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TABLE 2. EQUIVALENT MASS MOMENTS OF INERTIA 
10? Ib ft sec?) 


J’shaft1 + J’21 J’snaft 2 J’22 + shaft'3 | J’32 J'shaft 4 


57-3 0-11 0-772 0-526 1-545 0-055 0-199 0-078 42-78 


Ce Ci 1c? Cs f Cs 


Jie 


Jin 


Fic. 6. Equivalent one-speed system for the investigated drive. (Spring constants of shafts 
indicated by the equivalent length.) 


A 

A 

Jiz Jee U's 


Jin 
Fic. 7. Equivalent system for the investigated drive. (Spring constants of shafts 
indicated by lengths and diameters.) 


The distribution of mass moments of inertia and of the spring constants throughout 
the entire drive is illustrated in Fig. 6 and Fig. 7. In both figures the original 4-speed system 
has been reduced to an equivalent one-speed system having five rotating masses. Neglecting 
the exceedingly small inertia values for gears and shafts within the geared drive and assuming 
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the rotary spring constant of the driving motor as sufficiently high the system in Figs. 6 
and 7 can be simplified to the system in Fig. 8, the latter consisting of two main groups, 
namely the belt drive and the geared drive. The main accumulation of the mass moments 
of inertia represent the pulley and the output of the geared drive. The spring constant of 
the vee-belt drive is relatively small (3 times smaller) compared with the spring constant of 
the geared drive. Under the assumption that the machine tool operation is influenced 
mainly by the lower modes of vibration of the power drive, the two-mass system in Fig. & 


Jr 


Fic. 8. Simplified two-mass system, approximating system in Figs. 6 and 7. 


can be considered as representative for the entire drive. The subsequent discussion of the 
entire drive will be based, therefore, solely upon this latter system. 


Natural Frequencies and Modes of Vibration 
For the equivalent system in Fig. 8 the natural frequencies are given by the frequency 
equation 


0 (8) 


Cr+ Cu C11) Cr x Ci 


Ji Ji Ji Ju 


where p = complex frequency and other symbols are obvious from Fig. 8. With the given 
values of the system, the natural frequencies have been calculated to 
pi = 12:1 rad/sec or fi = 1°9 c/s, 
and 
p2 = 73°5 rad/sec or fo 11°7 c/s. 
The system has two principal modes of vibration: 
The fundamental mode (first mode), occurs when both masses move in the same direc- 
tion, however, with different amplitudes. There is one node, namely in the vee-belt drive. 
The second mode of vibration occurs, when both masses move in opposite directions. 


There are two nodes of vibration, one within the vee-belt drive and one within the geared 
drive. 
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The position of the nodes can be determined for each of the modes of vibration from 
expressions for relative angular amplitudes of both masses (see Appendix IV). The pertinent 
expressions are: 

Cr+ x p? Ci (9) 

601 Ci Cu + Cur — Ju X 
where 4o:, and @2 designate the angular displacements of masses I and II. For our system 
these values have been calculated to 

O92 = 1°26 O01, for the first mode of vibration, and 

O02 = 1°25 81, for the second mode of vibration. 


Both values lead to the deformation diagrams of the drive for both modes of vibration” 
given in Figs. 9 and 10. The diagrams can be interpreted as follows: 
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Fic. 9. Shape of the first mode of vibration. (Relative values of amplitudes.) 


EQUIVALENT LENGTHS 
MOTOR 4-7 - 


V-BELT SHAFTS 90, 


ACTUAL LENGTHS 
SHAFTS 2 


|[Fic. 10. Shape of the second mode of vibration. (Relative values of amplitudes.) 


For the first mode of vibration predominant elastic effects are located within the vee- 
belt drive, and within the geared drive the deformations are small. For the second mode 
of vibration, however, the elasticities of the vee-belt and of the geared drive are effective. 
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Relative rotary motions between both masses, and each of the masses with respect to the 
motor, are strongly pronounced. Similarly, the static deformations of the drive can be 
discussed with help of Fig. 11. The distribution of static deformations is qualitatively the 


Ostar tc 


EQUIVALENT LENGTHS 


Alo 2” 3 4 ACTUAL LENGTHS 


V-BELT SHAFTS 
Fic. 11. Deformation under static load. (Relative values.) 


same as the distribution of dynamic deformations for the fundamental (first) mode of 
vibration. 


DAMPERS AND FLYWHEELS 


An important requirement for a satisfactory machine tool operation is the absence of 
disturbances of excessive magnitude between the cutting tool and the workpiece. This 
condition is basically identical with the requirement of absence of resonance in the case of 
forced vibration and of increased dynamic vibratory stability in the case of free disturbing 
vibrations. 


4 It is well known that the cases of classical resonance can be easily solved by detuning 
is the system, i.e. by changing either the natural frequency of the system or by changing the 
ye frequency of disturbing force or motion. This solution, however, is not always practical 
a in case of machine tools because of the many possible resonant frequencies of the system 
~ and the variety of possible disturbing frequencies. For this reason detuning devices and 


classical vibration absorbers could not find excessive practical applications in machine 
tool design. 
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Fortunately, the classical resonance disturbances are comparatively few in machine 
tool operation, probably of even lesser concern with respect to vibrations of machine tool 
power drives. Disturbances caused by dynamic (vibratory) instability, e.g. in most cases of 
chatter, are much more frequent and important. In most cases the remedy can be found by 
increasing the damping effective within the machine tool. 

According to the origin of damping forces effective in machine tool drives two main 
types can be discerned: the internal damping, the principal part of which is due to elastic 
hysteresis of shafts and other members exposed to deformations, and the external damping, 
which consists mainly of action in shaft couplings, meshing of gear teeth, friction within 
bearings, and also of damping forces originated by the cutting process itself. Since the 
pure material damping is very small compared to damping values measured experimentally, 
Fig. 12, it can be assumed, that the external damping constitutes the main part of the total 
damping effective in machine tool drives. This external damping can be increased very 
strongly by application of special damping devices. 


‘Enhanced  {%\Damped free } 


Fic. 12. Damped free vibration of a heavy machine tool power drive. 


Damper problems have been discussed theoretically for many years, and many practical 
solutions are known in the field of general mechanical engineering. In the field of machine 
tools they have been usually applied to the vibrations of structures and only recently to 
vibrations of the drives. 

Considering effective operation of dampers applied to machine tool power drives two 
main problems should be discussed; namely, 

(a) the location of the damper within the machine tool drive, 

(b) the kind of damper to be applied. 

Since the energy absorbed by a damper depends largely upon the relative amplitude 
between the damper mass and the vibrating mass, the damper should be applied at this 
location of the drive, where optimal relative amplitudes can be expected, possibly at the 
free ends of the vibrating system and far away from the node of vibration. The application 
of a damper must therefore be only considered on a basis of modes of vibration. 

Two main kinds of dampers can be applied to machine tool power drives; namely, 
tuned dampers and untuned dampers. The tuned dampers have the advantage of high 
effectiveness and the disadvantage of being applicable only at certain discrete frequencies. 
The untuned dampers (Lanchester dampers) can be applied in a wider range of frequencies. 
Their effectiveness is however limited and can be much lower than that of tuned dampers. 

In spite of this disadvantage the untuned damper seems to be most applicable to the 
machine tool drives, mainly because of the changing natural frequencies of the drive. 
The smaller efficiency of the untuned damper can be partly compensated for by the higher 
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amount of installed damping, Fig. 13. Also the damper—having no spring—does not 
increase the number of natural frequencies of the system, which is rather important in the 
consideration of dynamic stability of the system. Often, the optimum location of a damper 
can be the same as of the flywheel, and the inertia of the high flywheel can be used to in- 
crease the effectiveness of the damper. Dampers and flywheels must be considered separately, 
however, in the design stage. Analogue techniques not only help to calculate and discuss 
the main factors of influence, but also to simulate the system and to visualize the various 
effects. 


Js 
Yo 
Fic. 13. Damping effect of a most favorably damped viscous Lanchester damper. 
Curve A: Damping constant required for most favorable operation of the damper. 
Curve B: Peak amplitudes of the main mass as the function of the ratio Js/Jz. (After Den 
Hartog [2].) 


Flywheels are used on machine tool drives to prevent excessive alteration of cutting 
speeds when loads change suddenly; they are applied mainly in cases of heavy interrupted 
cuts and for multi-edge cutters operating under heavy loads. In order to overcome the non- 
uniformity of motion, flywheels must be dimensioned properly. This specific problem, 
however, is not discussed here. 

In the following discussion, the emphasis shall be put entirely on the influence of fly- 
wheels on torsional vibration characteristics of the drive. This influence shall be discussed 
on the drive described previously. For simplicity, both inertia values of this drive are 
assumed equal. It is expected that this assumption will yield a good approximation, since 
the original values of inertia differed only by about 30 per cent. 

A comparative discussion is conducted for the same system 


1. without flywheel, and 
2. with flywheel. 
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In this case the following positions of the flywheel have been investigated : 

(a) flywheel rigidly connected to the output mass, 

(b) flywheel at the first quarter of the equivalent shaft length, 

(c) flywheel in the middle of equivalent shaft length, 

(d) flywheel at the third quarter of the equivalent shaft length, and 

(e) flywheel rigidly connected to the mass at the drive input. 

The inertia of the flywheel is assumed equal to the inertia of each of the main masses 
of the drive, and the spring constant of the belt low compared to the stiffness of the geared 
drive. The criteria of comparison are: the natural frequencies, and the modes of vibration 
of the drive. The characteristic results of the invstigation are depicted in Fig. 14. From 
here it follows, that 

1. The frequency of the fundamental mode of vibration is basically determined by the 

elasticity of the belt drive and the inertia of the entire geared drive. The addition of 
the flywheel to the geared drive changes therefore the natural frequency for the 
basic mode of vibration only, and is practically of no influence as far as the shape 
of this mode of vibration is concerned. 

. The frequency and the shape of the higher mode of vibration (second mode) depend 
largely upon the inertias and the elasticities of the geared drive. The addition of the 
flywheel to the geared drive greatly changes, therefore, the frequency and the mode 
of vibration. 

Flywheels rigidly connected to one of the main masses of the drive do not change 
the number of natural frequencies of the original drive, the system remains a two-mass 
system (two degrees of freedom). 

. A flywheel placed between the main masses creates a three-mass system (three 
degrees of freedom), and adds, therefore, a new natural frequency with the cor- 
responding mode of vibration, to the original two frequencies of the system. 

From the standpoint of machine tool performance, shifting the flywheel to the drive 
output (cutting tool, workpiece) represents the best of the discussed flywheel positions 
because the mode of vibration exhibits for this position of the flywheel the smallest ampli- 
tudes at the drive output, and the addition of the flywheel does not increase the number of 
natural frequencies. 

It is also significant to note, that for a sufficiently high inertia at the drive output, the 
higher natural frequency of the system is determined predominantly by the inertia at the 
drive input and the elasticity of the drive, and not by the inertia of the drive output. The 
addition of a flywheel to the mass at the drive output favors even more this trend, and 
therefore it should be expected that with the additional flywheel at the drive output varying 
masses of cutting tool and of the workpiece shall cause smaller changes in the values of 
natural frequencies and of the shapes of the basic modes of vibration of a machine tool 
drive. 

CONCLUSIONS 

Machine tool operation is influenced basically by static and dynamic deformations of 
structures and drives. Dynamic characteristics of machine tool structures have been in- 
vestigated quite thoroughly during recent years. However, the influence of torsional vibra- 
tions of rotating transmission parts seems to have been disregarded. 

Unlike involved shapes of machine tool structures, the simpler shapes of drive members 
favor a purely analytical approach. This paper represents an attempt to comprehend the 
vibratory characteristic of machine tool power drives by such approach. Simplified ap- 
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proximation of actual systems facilitates analytical discussion and practical application of 
analytical results. Emphasis is placed upon the understanding of the dynamic behavior 
of the drive as a mechanical system facilitated by the application of static and dynamic 
deformation diagrams. 


Since in machine tool power drives the lowest natural frequencies and modes of vibra- 
tion prevail, and the shape of the modes of vibration are much more important than the 
exact comprehension of corresponding natural frequencies, the application of the suggested 
approximate methods seems to be justified. 

Damping devices should be considered essential members of machine tools. Flywheels 
can help considerably to overcome disturbing non-uniformities of rotary motions within 
machine tool drives. An intelligent application of these devices must be based, however, not 
only upon the proper understanding of damper and flywheel theory but also on the dynamic 
characteristics of the drives to which they are applied. 


APPENDIX 


List of Symbols 


(torsional) spring constant 

¢ reduced (torsional) spring constant 

D Diameter in general 

Da Actual shaft diameter 

D. equivalent shaft diameter 

e transmission ratio 7 
f cyclic frequency 
g acceleration of gravity 

G modulus of shear 

ly polar moment of inertia of area 

J mass moment of inertia 

i reduced mass moment of inertia 

Ja 


moment of inertia of the damper mass 


J mass moment of inertia of the system > 
K (torsional) damping constant : 
L length in general 

La actual shaft length 

Le equivalent shaft length 

p complex frequency 

St suffix for “static” 

T torque 

time 

WwW weight 

Y specific mass (density) 

6 angular displacement 

% amplitude of angular displacement 

6 angular velocity 

4 angular acceleration 

w circular frequency 

1,2, ... N_ shaft numbers, also suffices 


suffices 
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APPENDIX II 
Equivalent Length and Rigidity Calculation 


Le 


2-774 


— 0-0218 in. 
14 0218 in 


0-121 in. 


= Ler Lert + Lert 


G x Ip 


Cerotal = L = 1°18 


etotal 


PART 


— 


Fic. Al. 


The above calculation yields only an approximate solution, which, however, should 
suffice in most cases. 

Due to the local deformations at the junction of shaft parts with different cross sections 
the equivalent length of the part with the smaller cross section is greater than the actual 
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length, and the equivalent length of the part with the larger cross section accordingly smaller 
than the actual length. This virtual decrease, or increase, of equivalent length can be 
neglected in case of the first approximation. For approximate correction factors in case of 
shaft couplings, splined couplings, serrated shafts, keyed couplings, see [6]. 


APPENDIX Illa 
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for steel: 


W = 0°223 « 1283 x D2 x Lib 
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APPENDIX IIIb 


Di | DR. | Dg— D?| Ww 
| | | | 
| 
| 


(in.) (in.) (in?) | (in2)/ (in?) (in.) (in3) (Ib) | 


[ 116; 66 134 43-9 90-1 7°25 650 


(D5 


123 «x 4 


With = 0°283 x 123 Ib/ft3 


W = (Dz — D?) x L x 0-283 Ib. 
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Ja 


Two-mass System 


The differential equation for free vibration of the System in Fig. A4 is given by 
+ (Ci + C2) 6: — C202 = 0 
+ — = 0 
and by substitution of 
62 = 
6; = 41 > 


the amplitude ratio is given to 


Solving the equation consisting of two latter terms we obtain the frequency equation 


+ Ce 4 Ci X Co_ 
Ji Ji Je 
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